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Valve-Gear Fundamentals for the Large- 
Engine Designer 


By J. A. NEWTON! anv C. H 


The poppet valves of any internal-combustion engine, 
large or small, receive specialized attention from designers 
as they frequently are the factor limiting the interval be- 
tween engine shutdowns for overhaul. Although valves 
receive the brunt of the criticism, frequently the cause of 
the difficulty involves other parts associated with the valve 
system. For this reason, the authors’ company and other 
valve manufacturers have found it advisable to become 
intimately associated with design testing and research of 
the components found in conventional valve-gear systems. 
The purpose of this paper is to bring before the members 
of the large-engine industry fundamental information 
which may be of help in simplifying their valve-gear design 
problems. 


VALVE PROPORTIONING 
r NHE physical dimensions of the valve must be derived from 


the basic dimensions of the engine, The intake and ex- 

haust ports are designed to give maximum volumetric ef- 
ficiency. Port diameter for large engines is based usually on a 
maximum gas velocity of approximately 200 fps. For super- 
charged and high-speed, naturally aspirated engines, this velocity 
may be exceeded considerably and port diameters are then made 
as large as physical dimensions allow. 

The port diameter leads to the valve-head diameter. The pro- 
portioning of the valve then proceeds in a logical manner. The 
basic valve dimensions are head diameter, seat width, stem 
diameter, and stem length. 

Once the port diameter has been fixed, the valve-head diame- 
ter becomes a function of seat width. A good valve-head design 
allows a wide seating surface with very littie overhang of the 
valve face beyond the seating surface, Fig. 1. This is to limit 


Cm 


Fia. 1 


Vatve-Heap Size 


exposure to exhaust-gas heat and to obtain maximum cooling at 
the seat. A satisfactory design would be to allow '/,2 in. above 
and below the seating surface. It may be advisable in some cases 
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to allow slightly more extension above the seat for regrinding in 
the field. A radius at the outer corner of the valve head will tend 
to (1) reduce the amount of heat picked up from the combustion 
products, (2) reduce the stress concentrations occurring at the 
sharp corner, and (3) minimize glow points that logically form at 
sharp corners. 

The thickness of the flat on the valve head should be enough to 
preclude wide temperature fluctuation which may lead to ther- 
mal-fatigue failure at the outer diameter. A nominal thickness 
of '/, in. can be used as a guide for valves with 3-in. head diam. 
This can increase on larger valves in proportion to increases in 
seat width. Concave valve heads are specified to reduce weight, 
but weight is of secondary importance in relation to strength. 
The design of the concave head should be considered carefully to 
avoid head cupping and breakage in service. 

The chart, Fig. 2, represents the valve-head and stem propor- 
tions most commonly used in large diesel engines for given port 
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diameters and indicates that a linear relationship exists between 
well-proportioned valves of various sizes. A valve-head diame- 
ter of approximately 1.13 times the port diameter will assure a suf- 
ficiently wide valve-seating surface. Stem diameters usually in- 
crease in '/;-in. increments to °/,-in. diam and by '/, in. in the 
larger sizes, 

The length of the valve depends upon valve-spring length, 
valve-guide length, and the space available between the rocker 
arm and the valve seat. 


Vatve-Face ANGLE 


In selecting valve-face angles, several factors must be consid- 
ered, A 45-deg face angle is often used for exhaust valves in or- 
der to obtain higher sealing pressures between the valve fase and 
the seat. Calculations indicate that the seating load is approxi- 
mately 20 per cent greater with 45 deg than with 30 deg. This 
advantage quite often dictates the use of a 45-deg face angle in 
applications where combustion products result in heavy deposits 
on the valve-seating surfaces, Fig. 3. Small high-speed-engine 
experience has shown that a substantial increase in exhaust-valve 
life expectancy can be expected with a 45-deg valve-face angle. 

Valve lift must be selected so that the valve will present the 
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minimum amount of restriction to gas flow. Quite often the valve- 
lift urea in the valve open position can be made to equal the 
throat area, Just as often, however, the engine designer is limited 
by the proximity of the piston and is forced to compromise on 
valve lift. For the same lift, a 30-deg face angle gives greater 
liftarea. A 45-deg face angle requires approximately 20 per cent 
greater lift for a given valve open area, Fig. 4. This volumetric 
advantage of the 30-deg face angle is particularly effective on in- 
take valves during the early stages of valve lift. 

Some engines may require turbulence of the intake-air charge 
for proper combustion, and in those instances, a 45-deg face angle 
may be preferred. Extensive testing is often required to deter- 
mine the most satisfactory valve and port design to promote 
thorough scavenging of the cylinder. 

Calculations indicate that for a given amount of seat eccentric- 
ity the leakage area of a 45-deg face is approximately 40 per cent 
greater than with a 30-deg face angle, Fig. 5. This type of eccen- 
tricity is the result of uneven expansion of the valve-seating area 
due to nonsymmetrical design. 

The amount of inherent seat eccentricity present during engine 
operation depends upon the success of the engine designer to pro- 
vide for uniform cooling around the valve seat. Poor casting 
practices and valve-seat installations greatly aggravate seat ec- 
centricity. Many designers provide cored holes to make the 
cooling chamber around the valve seats readily accessible for 
cleaning and inspection. When deposits do not build up suffi- 
ciently heavy on the seat to break away and cause blowby, a 30- 
deg face angle on exhaust valves may improve valve life by redue- 
ing leakage caused by mismated seating surfaces. In smaller en- 
gines, designers occasionally specify a 15-deg face angle on intake 
valves to counteract this condition further. 
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The use of an interference angle between the valve face and the 
valve seat, Fig. 6, is s»metimes indicated when seat deposits are 
sufficiently troublesome. Interference angles help to crush the 
deposits and prevent subsequent wire drawing and valve burn- 
ing. This expedient is not necessary in engines where the seat- 
deposit problem is minor. It is definitely not advisable with ro- 
tated valves which require full use of the maximum seat width to 
facilitate good valve-face cooling and to limit valve-face grooving 
and seat wear. It should be pointed out that the most effective 
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valve cooling is through the path from the valve face to the cylin- 
der block and any improvements made here have an immediate 
effect in reducing valve-face temperatures. 


VALVE DIMENSIONING 


From experience, certain dimensional tolerances and finishes 
have proved satisfactory productionwise and they adequately fit 
the valve requirements of large engines, Fig. 7. These data do 
not apply to small high-speed engines which require much closer 
tolerances in order to control compression ratios, valve-spring 
lengths, and valve-tip locations within acceptable limits. Forged 
finishes under the head and on top of the head reduce the cost of 
the valve, and the forging “skin’’ may afford a measure of protec- 
tion against corrosion. 
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CARBON SCRAPER 


Difficulty is often experienced as a result of deposits in the hot 
end of the exhaust-valve guide and on the exhaust-valve stem. 
These deposits are usually hard and tenacious and frequently 
lead to valve burning by interfering with the proper seating of the 
valve. 

A carbon scraper on the valve stem, Fig. 8, is an effective way of 
minimizing the effects of these deposits in the guide and on the 
stem. A secondary method sometimes used is to counterbore 
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the valve guide a sufficient distance to relieve the guide at the hot 
end. The scraper on the valve stem has the advantage of allow- 
ing interchangeable exhaust and intake-valve guides, is more ef- 
fective in preventing carbon build-up, and does not require a re- 
duction of valve-guide-bearing length. The need for a carbon 
scraper is not widespread in the large-engine industry, but its ap- 
plication should be kept in mind for installations where stem de- 
posits result in unsatisfactory valve performance. 


Vatve Guipe 
The valve guide is a bearing which maintains the valve face on 
a center line with respect to the seating surface. It also has the 


capacity of cooling the valve stem and subsequently reducing the 
temperature of the valve head. 


VALVE-GEAR FUNDAMENTALS FOR THE LARGE-ENGINE DESIGNER 


Vatve MATERIALS 

The types of construction used for valves might be listed in 
four general classifications as follows: (1) One-piece valves; 
(2) two-piece valves with austenitic head material; (3) hard- 
faced valves with or without a coating on top of the head; and 
(4) sodium-cooled valve. 

The one-piece valve construction, Fig. 10, is widely used for 
intake valves and for some exhaust valves. The materials most 
commonly used in one-piece valve construction are SAE-3140, 
Silchrome XB, Silchrome No. 1, and Silchrome XCR. The first 
three materials fall into the classification of ferritic steels. XCR 
is known as a sigma-phase steel. 

Intake valves usually are made of SAE-3140, but in certain ap- 
plications, the high operating temperatures of the intake valves 
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The length Z of the guide, Fig. 9, should be as long as space 
permits to minimize the effeets of the cocking action imparted to 
the valve from the scrubbing of the rocker arm. Another impor- 
tant item is to locate the hot end of the exhaust guide as close as 
possible to the head of the valve by means of a boss extending into 
the exhaust port. This, of course, is limited by the amount of 
port restriction caused by increasing the size of the boss. No bene- 
fit is obtained by extending the valve guide beyond the boss in 
the cylinder head, since the guide-bearing surface will either burn 
away at this point or become coated with deposits. 

Valve guides for large diesel engines are most generally made of 
pearlitic cast iron. In some very large valve guides, cast-iron 
sleeve inserts are used to permit more economical maintenance of 
the valve-guide bearing. The clearance between the valve stem 
and the valve guide should be small. For most installations, 
stem-to-guide clearances of 0.002 to 0.004 in. are satisfactory. 
These exact clearance limits must be determined individually, 
based on design considerations such as the material combina- 
tions, valve-stem expansion, lubrication, noise requirement, and 
the like. Close stem-to-guide clearances promote improved 
valve-stem cooling, reduce carbon deposits, and will control 
more closely the amount of valve cocking while the valve is off 
its seat. 

Valve-guide lubrication should be sufficient to prevent valve- 
stem scuffing. On the other hand, an excessive amount of lubri- 
cation may lead to valve burning by virtue of heavy deposits at 
the hot end of the valve stem. In some cases, these deposits have 
been known to extend to the underhead radius of the valve and 
to build up sufficiently to partially choke off the throat passage, 
It is sometimes advisable to provide an oil seal on the intake-valve 
stem to prevent excessive guide lubrication. Numerous designs 
are being used successfully in the smaller-engine field for the pur- 
pose of limiting oil flow to the valve guide. 
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justify the use of Silchrome XB, Silehrome No. 1, or Silchrome 
XCR. The latter three materials also have greater resistance to 
scuffing and corrosion, 

Silchrome XB and Silchrome No. | are used also for exhaust 
valves in applications where high temperatures and corrosion 
conditions do not warrant the use of more expensive alloys. 

Austenitic steels are used widely on exhaust valves in large 
diesel engines. These materials display their improved proper- 
ties at. temperatures at which the ferritie and sigma-phase steels 
break down. Such valves are welded to a stem material such as 
3140, or equivalent, Silchrome No. 1, or XB, Fig. 11. This is done 
to take advantage of a hardenable stem material and to save the 
difference in material cost between austenitic steel and stem ma- 
terial. Chrome-plating of the stem is often used to obtain greater 
hardness and a better bearing surface, In addition, it is used to 
prevent stem corrosion on SAE 3140 in certain applications. 

In large engines where engine life is measured in terms of years 
rather than months and with engine repair and maintenance 
involving considerable time and money, it is quite often profita- 
ble to use an exhaust valve with an austenitic head, Even 
though a one-piece valve may last for several years, the use of an 
austenitic valve will 
sometimes extend the 
life of the valve further. 
The initial cost of the 
valve is of secondary im- 
portance, 


In order to reduce 
valve-tip wear, in some 
cases it is necessary to 
weld a material such as 
stellite or TPRK on the 
tip of the valve, Fig. 12. 
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Although the hardness of these specialized tip materials is equiva- 
lent to that of hardenable stem materials, they retain their 
hardness better at elevated temperatures and possess greater 
resistance to abrasion. 

Little can be said regarding the chemical analyses of the com- 
mon valve steels, Table 1, with the exception that austenitic 
steels have a high nickel-plus-manganese content. The addition 
of nitrogen to certain austenitic steels improves their hot hardness 
and strength. The austenitic steels possess the greatest corrosion 

TABLE 1 CHEMICAL ANALYSIS OF VALVE STEELS 
Mo 


Improved XCR 


3140 


resistance, followed in decreasing order by the sigma-phase, the 
stainless-ferritic, and, lastly, by the low-alloy ferritic intake steels. 

The ferritic steels are hardened by ordinary heating and quench- 
ing. Silechrome XCR is hardened by a precipitation of sigma- 
phase particles during an aging process at approximately 1400 F. 
Austenitic steels cannot be hardened, but can be given a solution 
and aging treatment to improve high-temperature strength. 

The hot hardnesses, Fig. 13, are indicative of the four general 
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Fic. 138 Hor Harpness or Exnaust-Vatve Sreecs 
valve-steel classifications. The properties of the steels in each 
group vary somewhat from those shown. The curves, however, 
bring out the fact that austenitic steel should be specified for 
valves operating at the higher temperatures. The data on 
austenitic steels for high-temperature strength indicate their 
advantage at high temperatures, Fig. 14. Stress to rupture in 
100 hr is plotted against temperature. Rupture stress is a more 
accurate indication of resistance to repeated applications of load 
for long periods of operation in an engine than is the ultimate 
strength or yield strength. It can be seen that austenitic steels 
do not lose rupture strength rapidly with increase in temperature, 
while the rupture strength of sigma-phase steels drops quite rap- 
idly above 1400 F. It is shown further that the ferritic steels do 
not begin to compare, strengthwise, with the sigma-phase and 
austenitic groups. 

Another advantage of austenitic steels lies in treatments which 
increase the high-temperature strength, as shown by the upper 
line. In brief, the solution treatment includes heating the mate- 
rial at a solution temperature for a time interval long enough to 
have all the carbides in solution followed by a drastic quench, 
The aging treatment which follows precipitates fine carbide par- 
ticles. 
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A further stop in improving exhaust-valve life is the use of a 
hard-facing material, Fig. 15. The advantages gained by hard- 
facing are improved corrosion resistance at high temperature and 
less valve-face wear. The most commonly used alloys for hard- 
facing are stellite No. 6, X-782, stellite F, and Latonite. These 
materials are puddied on the valve face, either by gas or a special- 
ized are-welding process developed and just recently introduced 
in valve manufacture by the authors’ company. 

Valve-facing alloys are relatively immune to chemical attack by 
combustion products and are required in applications where ex- 
cessively high temperature, seat deposits, wear, and corrosion are 
to be met. A further protection for valves which are required to 
operate under severe conditions is a coating on top of the head, 
consisting of a corrosion-resistant material, such as Brightray. 
This step, of course, is warranted only where the additional cost is 
offset by gains in valve life and engine performance. Valve-fac- 
ing materials are all complex alloys. Chrome, nickel, tungsten, 
and cobalt are the predominating elements, Table 2. 


CHEMICAL ANALYSIS OF VALVE-FACING ALLOYS 
Co Si Ma 
Stellite F.. 2.! 37.0 25 0.25 
X-782 2 0 30 0.40 
10: 


oe 5 050 
60.5 125 0.25 


TABLE 2 


The differences in hot hardness between the various valve-fac- 
ing materials are so slight that they are included in a range shown 
by the shaded band, Fig. 16. When compared with the hot hard- 
ness of valve steels at temperatures above 1300 F, the advan- 
tages of facing alloys are apparent. 

Exceedingly high exhaust-valve temperatures incurred with 
some modern high-output engines make the matter of exhaust- 
valve cooling of prime importance. Hardness, strength, and 
corrosion resistance decrease rapidly with increasing tempera- 
tures. Reductions in exhaust-valve operating temperatures 
generally result in improved valve performance. Sodium-cooled 
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valves are an obvious means to reduce valve-operating tempera- 
tures. Sodium-cooled valves have Jong been standard equipment 
for aireraft engines and are used extensively in large, heavy-duty 
truck and military engines, Their use in large stationary and 
marine diesel engines has been very limited in the past. Future 
increases in specific power output with these engines may see the 
adoption of sodium-cooled valves in some of these applications. 
They should not be specified for production without first evaluat- 
ing their benefits in each particular engine. 


VaLve Roration 


Valve rotation has been called the greatest improvement for 
heavy-duty valves since sodium-cooling. The advantages of ro- 
tation are manyfold, Table 3. 


TABLE 3) BENEFITS OF VALVE ROTATION 


More even valve-rim temperature 

More uniform valve face-to-seat contact 

Elimination of valve-face deposits 

Better valve-stem wear and lubrication distribution 
Elimination of valve-stem deposits to prevent sticking 
Less valve-tip wear 


An exhaust valve is almost always subjected to nonuniform 
temperature distribution about the head of the valve. Rotation 
of the valve equally exposes all parts of the valve head to hot 
spots which exist in the combustion chamber. Thus more even 
valve-rim temperatures are obtained. Rotation results in 
less valve-head distortion, with more uniform valve face-to-seat 
contact and less blowby at the valve seat. 

Rotation minimizes deposits which build up on the valve face 
and seat, and which later break away to cause valve burning. 
In this manner better valve sealing is obtained, resulting in valve- 
life improvement. The excellent contact maintained between 
valve face and seat improves heat transfer through the seat and 
reduces valve-face temperatures. 

In addition, the rotation of the valve distributes valve-stem 
wear evenly and helps carry lubrication to the thrust surfaces in 
the valve guide. Valve-stem deposits are prevented also by 
bringing all partsof the valve stem into contact with the thrust sur- 
faces in the valve guide and, as a result, valve-stem sticking rarely 
occurs with rotated valves. 

A further advantage of valve rotation is the elimination of 
valve-tip grooving from rocker-arm pads which have tip-grooving 
characteristics, either by virtue of their design or inadequacy of 
lubrication. 

Valve rotation is rapidly coming into genera] use in heavy- 
duty engines. Experience has repeatedly indicated that rotation 
will increase the life of the valve from two to six times, depending 
upon the application. Field test results, Fig. 17, accumulated 
after hundreds of thousands of hours on automotive engines of all 
types, have proved the benefits of rotation. This applies to die- 
sel, natural-gas, liquid-propane, and gasoline engines. Rotation 
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has been adopted for over 80 engine models in the automotive 
field. Data with respect to very large diesel engines are limited at 
the present time, but there is little doubt that in many applica- 
tions the benefits of valve rotation can be realized. 

Valve rotators fall into two classifications—the positive type 
known as the Rotocap, and the nonpositive or release type of ro- 
tator. The release-type rotator was first introduced by the au- 
thor’s company in 1938, Fig. 18. The principle of this mechanism 
lies in the fact that a valve will rotate of its own accord if relieved 
from the locking action of the valve spring. Rotation is induced 
by engine vibrations and the friction of gases passing around the 
head of the valve. 

In the release mechanism, a tip cup is incorporated with spe- 
cially designed retainer locks in such a manner that the valve 
spring bears against the valve in the valve-closed position. Im- 
mediately on opening the valve, the tip cup lifts the retainer locks 
from the retainer shoulder on the valve stem, thus relieving the 
spring load from the valve and leaving the valve free to rotate. 

The clearance between the tip of the valve and the bottom of 
the tip cup ranges from 0.001 to 0.005 in. and must be held accu- 
rately in order to obtain satisfactory rotation, The tip cup is an 
extra piece which fits loosely on the tip of the valve. Periodic 
maintenance checks are required to insure that the tip-cup clear- 
ance is maintained. 

Realizing the advantages of a self-contained unit giving posi- 
tive valve rotation, the company later developed the Rotocap, 
which was introduced in 1946. The Rotocap is a self-contained 
mechanism installed in the same manner as an ordinary spring 
retainer, Positive rotation is based on the difference in spring 
load between the valve-closed and valve-opened position. 
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The Rotocap can be employed either at the moving end or at 
the stationary end of the valve spring, Figs. 19 and 20. In cer- 
tain limited applications, the addition of even a slight amount of 
weight to the tip of the valve is objectionable. In this case the 
Rotocap is located at the stationary end of the spring and rotates 
the valve spring, as well as the valve. The Rotocap requires no 
special maintenance techniques and receives its lubrication from 
the already available valve-stem-lubrication supply. 


INSERT Seat 


In certain applications, seat deposits, combined with high 
temperature and corrosion, necessitate the use of a hard seat in- 
sert to protect the face of the exhaust valve. The advantages of 
insert-seat materials lie in their corrosion resistance and in their 
hardness at high temperatures, as well as extending the life of eyl- 
inder heads. 

The insert seat is generally press-fitted into the cylinder-head 
casting. An alternate method is a screw-in type of installation. 
Better heat transfer is obtained with a press-fitted insert. 

Owing to the fact that the insert-seat material and the cast iron 
have different rates of expansion, the selection of material to be 
used and the physical design of the insert seat should be given 
careful consideration, Fig. 21. The seat on the right illustrates a 
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properly designed insert seat. The sharp corners are protected 
from exhaust-gas heat by the cylinder-head casting. The heat 
dam between the insert seat and block is minimized by a full con- 
tact on the OD. 

Since the insert seat operates at a higher temperature than does 
the cylinder-head casting, its expansion is greater than that of the 
cast iron. With expansion, high compressive stresses are set up 
in the insert seat. If the material chosen does not have adequate 
strength, or if the cross section is such that the compressive 
stress is too high, the insert seat will collapse and lose its press fit. 
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The physical proportions, as shown on the right in Fig. 21, will 
insure maximum length of bearing on the OD and a minimum 
amount of stress tending to collapse the insert. A satisfactory 
proportion would be a depth equal to approximately 8/5 times the 
wall thickness of the insert. 

The shaded portion, Fig. 22, represents the preferred range of 
wall thickness for given OD and the broken lines indicate a range 
of sizes which have been used satisfactorily in practice. In all 
cases, a nominal press fit of 0.003 in. is recommended. Too 
great an interference fit will result in excessive compression 
stresses and ultimate loss of press fit. 

Several insert-seat materials are available, Table 4. The 
most widely used material for large diesel and gas engines is 
known to the trade as “1-8.” 
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1-8 
Stellite 3 


11.0 52Co 

It will be noted, Fig. 23, that above 1000 F the hot hardness of 
insert materials drops sharply. Since the operating tempera- 
tures of insert seats rarely go above 1000 F, the hardness drop 
above 1000 F is not significant. The yield strength of some in- 
sert-seat alloys, Fig. 24, also drops sharply at temperatures above 
1000 F. Here again this is not significant. In comparing the 
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advantages of one insert material over another, the cost of the 
material should be weighed against the needs of the engine. As 
previously stated, 1-S material has been found to have adequate 
hardness and strength for most applications in large engines. It 
has a slightly lower rate of temperature expansion than most of 
the other insert materials, thus reducing compressive stresses set 
up by expansion and partly offsetting its lower yield strength. 
If difficulty is encountered in retaining insert seats, usually the 
need for a material of higher strength is indicated. 


Rocker ARM 


In designing the rocker-arm installation, the engineer always 
must consider the effect of scrubbing between the valve tip and 
the rocker-arm pad. This is important, as this scrubbing action 
directly affects the rate of valve-guide wear and of the wear on the 
valve tip. It is possible to minimize this type of wear by proper 
rocker-arm geometry. 

The relative motion between the rocker arm with a rolling pad 
and the valve tip, Fig. 25, is a combination of rolling and serub- 
bing. There is only one point during the valve lift (when the tip 
of the valve and the center of the rocker-arm shaft are on a line 
perpendicular to the valve axis) where the contact amounts to 
pure rolling. At a!l other points, wear will be a function of the 
amount of relative motion or scrubbing between the rocker arm 
and the valve tip and the normal load applied to the valve tip. 

The study of the relative travel of the points of contact on the 
rocker arm and valve will indicate the total displacement. It is 
felt, however, that a study of the relative velocities of these 
points of contact will give a more useful picture of the rate of 
scrubbing at any given point in the valve lift, Fig. 25. 
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The height of the valve tip above the center line of the rocker- 
arm shaft. is designated H, with the valve closed; L is the valve 
lift; FR is the rocker-arm-pad radius; | represents any location 
in the valve lift; X is the distance between the rocker-arm shaft 
center line and the point of contact on the valve tip in the closed 
position. 

It can be proved that the contact velocity on the valve tip in 
inches per degree of rocker-arm displacement at any point lin the 
valve lift can be expressed by 


Vo = 0.01745 (R + H — 1) in/deg {1} 


With 2& and H considered as constants, the velocity then bears 
a linear relationship to the position 1. The average valve-contact 
velocity during lift L is then equal to 


Volavg) = 0.01745 (R + H — L/2) in/deg. 


Total displacement on the valve during lift L is therefore equal 
to the average velocity in inches per degree times the angular 
displacement of the rocker arm. ‘This is expressed by 


Displacement = 0.01745 (R + H — L/2) @, in. {3} 


It also can be proved that the contact velocity on the rocker 
arm can be expressed by 


Vr = 0.01745 R in/deg [4] 
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Again, the rocker-arm contact displacement during lift L is 
equal to 


Displacement = 0.01745 R in............. [5] 


The relative velocity or rate of scrubbing between the rocker 
arm and the valve tip is expressed by the difference between Equa- 
tions [1] and [4], or 


Vs = 0.01745 (H — 1) in/deg............. [6] 


At any given point / in the valve lift, the amount of scrubbing 
resulting from a given angular displacement of the rocker arm is a 
function only of the distance H, the initial height of the valve 
tip above the rocker-arm shaft. 

A similar analysis, Fig. 26, is for a rocker arm having a sliding 
pad or “elephant’s foot.” This is the type of rocker arm most 
commonly used in large engines. Here again, it can be proved 
that the sliding velocity, with respect to the valve tip, can be 
expressed by Equation [6]. 

Thus it is found that with both types of rocker arms, the rela- 
tive scrubbing between the rocker arm and the valve tip can be 
expressed by Equation [6]. In the case of a rocker arm with a 
sliding pad, it is found that when / is equal to H, we have a con- 
dition of no sliding, as contrasted with pure rolling in the case of a 
rocker arm with a pad radius. 
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‘The velocity curve is a linear function, Fig. 27, and is plotted 
for both the eclephent’s-foot type of rocker arm and a representa- 
tive rocker arm with a 2-in, pad radius. Itis apparent that witha 
given value of H the relative motion between valve tip and rocker 
arm at any given location in the valve lift is the same for both 
rocker arms. 

Next, we find that it is more practical to indicate the amount of 
sliding in terms of inches per inch of valve lift. Since the rela- 
tionship between rocker-arm angle and the valve lift is nearly a 
linear function, it is sufficiently accurate to express the scrubbing 
by 

Vs = 0.01745 (H — 1) @ in/in. 


where 0 = angular displacement per in. of valve lift = I 


(approx). 

The greater the required angular motion of the rocker arm for a 
given lift L, the greater is the scrubbing at any given point / in the 
valve lift. | Thus we find that the only way we can reduce rocker- 
arm serubbing for given values of H and L is to decrease the angu- 
lar motion of the rocker arm required. A little study of Figs. 25 
and 26 will show that this can be realized only by increasing the 
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distance X between the rocker-arm shaft and the valve. This, 
then, becomes a limitation which determines the amount of valve- 
tip scrubbing obtained with these two major types of rocker arms. 

It might be pointed out that with the rocker arm having a 
radius, Fig. 25, this valve-tip wear can be spread out over a greater 
area by simply increasing the value of R. The total wear resulting 
from scrubbing, however, will be unchanged. 

The shaded area, Fig. 27, represents contact travel. A study 
of the curves will reveal that with H equal to L/2, the total con- 
tact travel on the valve tip will be equal to the total contact 
travel on the rocker arm. In other words, the total rela- 
tive travel for lift L will be zero. It also can be shown that 
under these conditions the amount of scrubbing between the 
rocker arm and the valve tip is a minimum. 

The question might then be asked. why H is usually designed to be 
equal to L/3. This can be shown, Fig. 28, by a study of the loads 
applied at the valve tip. Here it is found that when load is 
plotted against per cent of valve lift, the maximum load (accelera- 
tion load plus valve-spring load) occurs very early in the valve 
lift. Moving the point of zero relative motion in the direction of 
the peak of the load curve will reduce the amount of work applied 
at the valve tip by the rocker arm in scrubbing against the valve 
tip. A value of H equal to L/3 will more nearly relate the condi- 
tions of low scrubbing velocity with high load, and vice versa. 
Thus the total wear on the valve tip and in the guide will be more 
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evenly distributed. Conversely, it can be seen that with H equal 
to L, the maximum scrubbing would take place at the point of 
greatest load. This condition would be intolerable. 

Since the shape of the curve showing acceleration load, plus 
valve-spring load, will vary with engine speed, it may well be 
found that for high-speed engines the best condition would be to 
have H slightly less than L/3 and for low-speed engines to increase 
H slightly over L/3. In Fig. 28 we have neglected the factor of 
gas pressures on the head of the valve. This factor will raise the 
peak of the curve and will shift the peak to the extreme left. 


VALVE SPRINGS 


Because of the development of engines with higher operating 
speeds and specific power output, the engineer has placed consid- 
erable demands upon the valve spring. Fortunately, improved 
methods of valve-spring design, valve-spring steels, and produc- 
tion techniques have kept pace with these demands. 

In designing a valve spring for a given application, advantage 
should be taken of the maximum stress allowable for a given ma- 
terial. 

In addition to making the most economical use of material, 
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space, and weight, the important benefit of higher natural fre- 
quency is a direct result of increased stress range. 

The most common material used in valve springs is pretem- 
pered carbon-steel wire, ASTM A-230-41. For large valve 
springs with wire size over '/, in. diam, chrome-vanadium wire, 
ASTM A-232-41, is most commonly used. Springs having large 
wire diameters are generally heat-treated after coiling. 

The valve-open stress in springs having wire diameters less than 
1/, in. may be as high as 95,000 psi, Fig. 29. For larger springs, 
this stress should be reduced slightly to about 85,000 psi. The 
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valve-open load should be approximately 30 per cent above the 
theoretical load requirement based on negative valve accelera- 
tion at maximum engine speed. Valve-closed load requirements 
will determine the minimum spring design stress. A decrease in 
the valve-closed stress will result in an increase in stress range, a 
reduction in the number of active coils, and a corresponding in- 
crease in natural frequency. 

The maximum stress of valve springs in the solid position should 
be approximately 120,000 psi. A solid-height stress of 100,000 
psi is preferable for wire diameters over '/,in. This will limit the 
maximum stress resulting from surging of the spring at high en- 
gine speed. During spring surge, it usually is found that adja- 
cent coils are periodically brought into actual contact. If the 
solid-height stress is too high, the spring will fail in fatigue. 
Keeping the solid-height stress low will automatically place a 
limitation upon the total amplitude of valve-spring surge and will 
serve to dampen spring surge. 


DESIGN EQUATIONS FOR VALVE SPRINGS 
K = Wahl factor 
& 


TABLE 5 


2.55 PD, 


2.55 
C's 


V8PD) 


= corrected torsional stress, psi 


= wire diameter, in, 


= load, Ib 
= mean diameter of coil, in. 


= no. active coils 


deflec*ion, in. 
torsional modulus of rigidity (11,500,000 for 
steel) 
826,500d natural frequency of vibration, epm 
ND* 

The first step in valve-spring design is usually to determine the 
corrected torsional stress, Table 5, at the valve-open load. This 
will automatically determine the wire diameter to be used. The 
number of active coils will then depend upon the range between 
valve-closed and valve-open loads and upon the valve lift. 

After the number of active coils has been determined the 
space available for the valve spring in the solid position will de- 
termine the total number of coils. The solid height should be 
shorter than the valve-open length by an amount sufficient to al- 
low for variations in valve-open length due to production toler- 
ances plus a safety factor. Here, the solid-height stress will limit 
the difference between solid height and valve-open height. 
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The number of damping coils will be determined by subtracting 
from the total coils the number of active coils, plus two more coils 
for closing and squaring the spring ends. More than 3'/, damp- 
ing coils are considered superfluous. If less than 2 damping 
coils are available, it is usually better to use a variable-pitch spring. 
The number of active coils in the valve-open position will then 
be less than the acuive coils in the valve-closed position. This 
results in a variable natural frequency with inherent damping 
characteristics. The same design formulas can be used with varia- 
ble-pitch springs with a little thought given to the use of an av- 
erage number of active coils for the load range under considera- 
tion. 

In designing a valve spring it should be kept in mind that a 
smaller mean coil diameter will reduce the wire diameter required. 
Higher stress allowance also will reduce wire diameter. Where 
it is necessary to go to wire diameters of *#/, in. or over to meet 
requirements, it may be advisable to reduce maximum stress 
slightly below the values just given. It is felt that the mechani- 
cal properties of the spring wire in these very large diameters 
cannot be utilized fully without first obtaining the assurance of 
the spring maker that the spring will withstand the stresses im- 
posed. 

As mentioned previously, the materials available for valve 
springs quite often will permit greater stress ranges than are some- 
times found in actual practice. Limitations, however, are placed 
upon these stress ranges by minor Surface defects in the wire. It 
has become common practice to make use of shotpeening for cold- 
working the surface of valve-spring wire and to obliterate the ef- 
fects of nonuniform surface conditions. Shotpeening develops 
a compressive stress on the surface of the wire and this allows 
higher calculated tensile stresses without breakage. 

The value of 120,000 psi, Fig. 30, which is the minimum shot- 
blast fatigue limit, determines the maximum stress allowable at 
solid height. From this curve it can be seen that under condi- 
tions of valve-spring surge, the shotblasted spring will withstand 
the stresses imposed by surging, whereas a spring which has not 
been shotblasted very likely will fail 

A certain amount of valve-spring set or loss of load will oceur 
after a period of operation in the engine. This is a result of 
plastic flow caused by repeated high stress and temperature. An 
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idea of the loss of load to be expected, Fig. 31, will indicate the 
amount of correction that can be made in the initial design to in- 
sure adequate spring load during the life of the engine. 
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While engineers who are concerned with the design of extremely 
large, slow-speed engines may feel that operating conditions do 
not always warrant full use of the recommended stresses, it is felt. 
that recognition of these stresses as allowable design parameters 
will be a valuable asset to the designer of these engines, as well as 
to the designer of medium-sized large engines. 

In designing a heavy-duty valve spring, extreme care should be 
taken to limit spring surge and to specify close control of me- 
chanical properties and manufacturing techniques of spring- 
making. As mentioned, shotpeening is required to insure full 
use of allowable stress ranges. 

Very often valve springs are blamed for bad valve motion. 
While it is frequently true that an improvement in valve-spring 
design will often improve a condition of poor valve dynamics, the 
most frequent cause of bad valve motion lies in the design of the 
camshaft and in lack of stiffness of the valve train, 


Vatve Morion 


The motion of the valve, its breathing efficiency, and its ability 
to prevent valve breakage is extremely important to the realiza- 
tion of economy, performance, and longevity of the engine itself, 

Increasingly higher engine speeds and higher dynamic forces 
induced in the valve gear have resulted in considerable design and 
development directed toward promoting good valve motion, 

A study of ultra-high-speed photographs of an actual valve mo- 
tion during « period of poor dynamics, Fig. 32, reveals that un- 
controlled valve motion had its inception ai the beginning of valve 
lift. Dynamic compression of the valve train caused a subse- 
quent release of energy which caused the valve to surge ahead of 
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the cam lift. This resulted in separation of the valve train from 
the cam. Under the influence of the valve spring, the valve train 
later returned to the cam profile at high velocity. The valve 
train then rebounded from the cam and bounced again on the 
seat. Such action sharply limits the maximum speed of an engine 
and results in noisy operation and ultimate failure of the valve 
gear. This illustrates only one type of valve motion caused by 
improperly designed cams. The various types of malfunctioning 
are numerous but most of these can be traced to excessive dy- 
namic deflections in the valve train at some critical speed. 

The authors’ company has pioneered a new direct approach to 
the basic causes of bad valve motion. This is known to the auto- 
motive industry as the polydyne method of cam design. Ex- 
tremely large engines seldom have serious valve-dynamic prob- 
lems, but with the trend toward smaller engines run at higher 
speeds, the heavy reciprocating weights and high valve lift of 
large-engines add greatly to the accelerations and dynamic de- 
flection of the system. For these reasons, it is worth while for the 
large-engine designer to become familiar with the fundamentals 
of this new concept of cam design. 

Basically, the polydyne method differs from previously applied 
methods in reeognizing that valve motion and equivalent cam 
motion, at all speeds other than zero speed, are entirely different 
functions but that they bear a relationship to each other. This 
relationship can be expressed by a single equation for any given 
design speed. The push rod, rocker arm, rocker shaft, and cam- 
shaft constitute an elastic system which is acted upon by accelera- 
tion forces, as well as by valve-spring load. The valve-spring 
loads are considered static loads and are independent of engine 
speed. The acceleration loads applied to the valve system 
are considered dynamic loads and, with a given valve-accelera- 
tion curve, are dependent upon the equivalent weight at the valve 
and upon camshaft speed. 

Since the rate of deflection of a valve train is fixed, there can 
be only one design speed. By design speed we mean the speed 
at which theoretical valve motion follows the design equation. If 
a cam-design problem is attacked by concentrating on a smooth 
cam acceleration, without expressing the dynamic, as well as the 
static, relationship between cam motion and valve motion, 
the design speed must other 
speeds the actual motion of the valve will be less predictable and 
will become even less predictable as engine speed is increased, de- 
pending upon the rigidity of the valve gear and the ability of the 


necessarily be zero. At all 


valve spring to overcome the dynamic loads encountered. 

In the polydyne method of cam design, the first step is to ex- 
press the desired valve-lift curve in a polynomial equation. It is 
possible to express literally thousands of equations which will al- 
low any practical shape of valve-lift curve with given factors of 
valve lift, valve-event angle, ramp velocity, and ramp accelera- 
tion. As a result, it is usually not necessary to sacrifice engine 
performance for good dynamics in a properly designed valve gear. 

The valve-acceleration curve is a continuous function and is ob- 
tained by merely taking the second derivative of the theoretical 
valve-lift equation. 

It will be noted that up to this point in the polydyne method 
nothing has been said about the equations for equivalent cam lift 
or acceleration. We have merely expressed the equations for the 
desired valve lift and acceleration. The next step is to deter- 
mine at which speed we desire to cbtain the expressed valve mo- 
tion. By picking this design speed to be near the desired top en- 
gine speed, it will generally follow that if the actual valve motion 
at design speed can be made to conform with the design equation, 
then the dynamic forces induced throughout the operating-speed 
range of the engine will be low enough to prevent malfunctioning. 
This can be proved by rather involved mathematics, but experi- 
ence has shown this to be true in all cases where the polydyne 
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method has been applied correctly. The next step is then to de- 
sign a cam which, acting through the elastic valve system at de- 
sign speed, will give the desired valve motion. 

Before an equation can be written to express equivalent cam 
lift, the spring rate of the valve system is required, plus the usual 
factors ot equivalent mass, valve-spring rate, and ramp height. 
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Load is applied at the rocker arm, Fig. 33, in increments of 10 
lb from zero to approximately 200 Ib above the maximum valve- 
spring load. Deflection readings are taken at the rocker pad for 

ach load increment and are measured with decreasing, as well as 
increasing, load to nullify the effect of static friction. 

From the deflection curve, Fig. 34, the valve-system spring rate 
is determined, as well as the initial valve-system deflection due to 
ramp lift at the valve-closed spring load. It is not necessary to 
carry the deflection measurements to higher loads since the valve- 
system spring rate will remain relatively the same. Every ef- 
fort should be made to increase the rigidity of the valve system by 
increasing cross sections where they will do the most good and to 
reduce reciprocating weight wherever it does not improve rigidity. 

Two types of ramps are commonly used, Fig. 35. The con- 
stant-velocity ramp is normally used with mechanical tappets. 
With this type of ramp there is a short acceleration period at the 
junction of the ramp with the base circle. The ramp velocity 
may be in the neighborhood of 0.001 in. per deg at the cam. This, 
of course, will depend upon rocker-arm ratio and the knowledge 
the designer has of permissible opening and closing velocities 
consistent with the noise level allowable in a particular engine. 

The ramp height should be such that with proper valve clear- 
ance the valve is just beginning to open as the tappet reaches the 
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top of the cam ramp. Therefore the equivalent height is equal 
to the operating-valve clearance plus the valve-system deflection 
due to valve-closed spring load. 

The accelerated ramp is normally used with hydraulic tappets. 
An accelerated ramp gives the advantage of beginning the accel- 
eration of the valve system before the valve is actually off its seat. 
With a constant-velocity ramp, a sudden change of acceleration 
takes place when the valve clearance is taken up. Acceleration 
then drops to zero for the remainder of the ramp length, followed 
by the flank acceleration increasing from zero as the valve leaves 
its seat. The acceleration of an accelerated ramp, on the other 
hand, builds up gradually with ramp height and continues to in- 
crease after the valve is off its seat. Thus additional time is 
gained for accelerating the valve system with the result that the 
maximum flank acceleration and the rate of increase of accelera- 
tion required are both less. 

With an accelerated ramp, hydraulic tappets are advisable be- 
cause the rate of lift of this type of ramp is much greater near the 
top of the ramp. If clearance was allowed to be taken up sud- 
denly near the top of the ramp, a much more severe impact would 
result than with a constant-velocity ramp of equal height. 

The closing ramp on a cam designed for hydraulic tappets 
should be higher than the opening ramp by an amount equal to 
the tappet leakdown during the period when the valve is off its 
Sometimes additional factors are added to closing ramps 
to compensate for valve cock, frictional lag in valve-system deflec- 
tion, and other considerations which have been discussed quite 
thoroughly in papers dealing with this subject. Here it might be 
said that the designer should base his decisions on closing ramp 
height on his background of experience with the particular type of 
engine involved 

Closing ramps are almost always of the constant-velocity type. 
High seating velocities tend to increase the noise level of the valve 
train but give more positive valve closing with less wire-drawing 
as the valve closes. As mentioned previously, the selection of 
seating velocity will be determined by the requirement of the en- 
gine. 

A harmonic acceleration curve, Fig. 36 (dotted line), is not a 
continuous function and imposes high impact loads which induce 
valve-train vibration. At critical speeds resonant vibrations re- 
sult which may have high amplitudes, even with the inherent 
damping characteristics of the valve gear. The second deriva- 
tive of the polynomial valve-lift equation is always a continuous 
function. The third derivative or rate of change of acceleration 
is likewise a continuous function. 


seat. 


Smooth cam-acceleration curves also may be obtained by 
graphical methods. As discussed previously, however, the poly- 
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dyne method of cam design goes a step further in equating the 
relationship between valve motion and equivalent cam motion at 
a predetermined design speed. If all factors are considered care- 
fully, this relationship will hold true in actual operation of the 
valve gear. 

The equation which expresses the equivalent cam lift is as fol- 
lows 


Yo = hy + py + oy” 


where 

equivalent cam lift 

ramp height 

Ka + 
Ko 

valve-system spring rate 

valve-spring rate 

theoretical valve lift 

0.093 wN' ? (dynamic deflection factor) 

Ky 

equivalent weight at valve 

design camshaft speed 

theoretical valve acceleration 


K 
(static deflection factor) 


The difference between theoretical valve acceleration and the 
equivalent cam acceleration required to produce such valve ac- 
celeration, Fig. 37, is graphically shown. The difference between 
the two curves indicates the effect of dynamic valve-train deflec- 
tions at design speed. 

The equation for equivalent cam lift is the only one which will 
be given in this paper. It illustrates the relationship between 
valve motion and cam motion. There is insufficient space availa- 
ble for a full discussion of the various steps involved. Such a 
discussion would duplicate material already available. 


CONCLUSIONS 


A comprehensive discussion of the polydyne method of cam de- 
sign by D. A. Stoddart* has been published. In this article the 
discussion has been devoted to the polydyne cam design as it 
applies to industrial machine-tool applications. The basic prin- 
ciples involved, however, are identical to internal-combustion- 
engine camshaft design. 

Although the polydyne method of cam design is quite a lengthy 
procedure, the detailed calculations can be simplified greatly by 
the use of electronic calculators, The authors’ company will 


'Polydyne Cam Design,"’ by David A. Stoddart, Machine Design, 
vol, 25, January, February, and March, 1953. Another reference to 
cam design is as follows: 

“Cam Design as Related to Valve Train Dynamics,” by T. R. 
Thoren, H. H. Engemann, and D. A. Stoddart, SAE Quarterly Trans- 
actions, vol, 6, January, 1952, pp. 1-13. 
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assist engine designers in the application of this new and proved 
method of cam design, including the procedures used for the solu- 
tion of the equation on electronic calculators where they are availa- 
ble for this work. 

It has been the authors’ intentions to bring before the members 
of the large-engine industry design information pertaining to the 
valve system that would be useful. If the data presented is ac- 
cepted in whole or in part by large-engine designers, we will feel 
that our time and effort have been well rewarded. 
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Discussion 


W.-M. KaurrMann.‘ The authors have presented an excellent 
paper on the problems related to valve gears. A few comments 
may be made, however, regarding spring vibration. 

Generally, all valve springs vibrate to some extent when 
operating, increasing in severity at certain resonant speeds. 
This vibration may be due to a number of factors not related to 
the spring and cam design; such as, (1) crankshaft torsional 
vibration, (2) camshaft torsional vibration, (3) flexibility of the 
driving mechanism. 

The torsional problem may be alleviated by placing viscous 
dampers at the free end of either rotating element, increasing shaft 
diameter, or both. Pushrod flexibility may be treated in the 
basic design by use of a high-level camshaft and short stiff push- 
rods. The ideal location of the camshaft is directly above the 
valves; however, this is not practical in the large overhead-valve 
engines. Compromise with maintenance procedure has shown 
that camshaft level at the upper section of the engine frame is 
most satisfactory. 


4 Worthington Corporation, Buffalo, N. Y. Assoc. Mem. ASME. 
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The mechanism of spring surge is complex; however, it is 
known that stress caused by surge is greatest at the end coils. 
The tendency is for the stress in the end coils alternately to be- 
come greater in one end while, at the same instant, reducing at 
the other. There is no change in stress at the central coil during 
surge, other than the mean working stress of the spring. 

The method for reducing surge, or eliminating it, is to design 
the spring with high frequency, increased stress range, the use of 
variable-pitch coils, or providing dual valve springs. 

Regarding high-temperature operation, the loss of spring 
tension has been observed in engines operating in desert climate. 
This may be attributed to a lowering of shear modulus, resulting 
in a permanent set of the spring. If sufficient initial tension is 
lost, a condition of improper seating of the valve will develop, 
with a subsequent reduction in valve-seat life. This condition 
has been corrected by providing additional initial compression. 
Shotpeening also has proved beneficial. 

It is believed that hydraulic-valve lifters will become more 
common in large-engine valve gears, once their advantages are 
realized fully. We have over 4000 in 2-cycle poppet-valve 16-in- 
bore engines, in 24-hr-per-day operation, for pipe-line service. 
Some have passed the 25,000-hr mark. These lifters function 
with the same opening and closing ramp and show no tendency 
toward pump-up. Valve and spring life has been exceptional 
owing to the high frequency of this entire valve gear obtained 
with high-level camshaft design. 


Martin J. Bertyn.’ If anything about diesel development is 
certain, it is that a developed diesel requires careful attention to 
keep it developed; without such attention its development can, 
and often does, slide backward. 

It can happen that, for no obvious reason, after years of success- 
ful production of a given type, there comes a day when engines 
arrive at the end of the production line invested with functional 
trouble of a kind never previously suffered by this type. 

As a case in point, the writer’s company has in production an 
engine of which the basic design is nine years old. After, satis- 
factory production for a period of years, it became evident that 
there was a growing and wide variation in the performance of in- 
dividual engines on “production test.’”’ Some engines gave good 
performance, others only fair, some definitely poor. What had 
happened was the combined result of lack of resourcefulness on 
the part of valve manufacturers, indulgence by a purchasing or- 
ganization, and laziness of engineers. 

The engineers responsible for the original design of the engine 
had prescribed a certain configuration for the head of the air valve. 
In line with the corporate policy to develop at least one alterna- 
tive source for purchased components, valve manufacturers other 
than the original one were contacted and asked to bid. It then 
turned out that the various valve manufacturers employ different 
techniques and it further turned out that each technique favors 
some particular configuration of valve head. In effect, therefore, 
the newly approached valve suppliers said, “‘We don’t much like 
the shape of your air valve; it is incompatible with our preferred 
method of forming valve heads. How about your accepting a 
valve shape like this?’”’ The purchasing organization referred the 
matter to the engineering department, the engineers looked at the 
proposed new valve-head configurations and thought they looked 
all right so, in succession, two further approved configurations 
were added to the original valve drawing. 

When the variable performance of engines coming off the line 
became so serious that something had to be done about it, the 
engineers assigned to the problem discovered that engines were 
being assembled with assorted mixtures of air valves in random 
combination. 


5 American Locomotive Company, Schenectady, N. Y. 
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In the engine laboratory a 12-cylinder engine was set up and 
run successively with complete sets of air valves in each of the 


three approved configurations. With one style of air valves, the 
engine behavior was acceptable; with another style, it was mar- 
ginal; and with the third style, unacceptable. 

In the original development of the cylinder head for this engine, 
the air-intake ports, the valve-head shape, and the combustion- 
chamber form had all been correlated to give the optimum air 
movement in the cylinder with reference to mixing of the fuel 
and air to give the best combustion. The style of air valve which 
gave unacceptable engine performance destroyed the organized 
air movement and combustion suffered seriously. The exhaust 
temperature was high, the exhaust was dirty, and the fuel con- 
sumption excessive. Unresourcefulness of valve manufacturers 
who just wanted to make valves in a shape favored by their own 
manufacturing process was the beginning of the disastrous suc- 
cession of events leading to quite serious trouble with an engine 
whose development might have been considered stable. 

The foregoing seems to be somewhat in conflict with a remark 
in the paper relative to the design of the valve itself: “Extensive 
testing is often required to determine the most satisfactory valve 
and port design to promote thorough scavenging of the cylinder.”’ 
It is difficult to reconcile the quoted excerpt with resistance on 
the part of a valve manufacturer to go along with precisely this 
kind of “extensive testing.’’ It would seem that achievement of 
the desired air movement requires a reasonable amount of 
flexibility on the part of the valve manufacturer and his willing- 
ness to produce valves in any reasonable configuration. After all, 
the engine is the final arbiter as to what is a good valve, and it 
seems regrettable that such a valve would be withheld for no better 
reason than that the shape is unsuitable to the process method of 
any particular valve manufacturer. 

With reference now to the matter of radial cracks in valves, it 
might not seem to the automotive fraternity that a radial crack 
developing in a valve would be too serious a matter, even if once 
in a while a couple of radial cracks developed into a triangular 
chunk which would become detached from the valve. The writer's 
company makes large highly turbosupercharged diesel engines 
and has occasionally had the experience of such triangular chunks 
detaching themselves from exhaust valve heads and passing into 
the exhaust tract; these bits of exhaust valve steel are accelerated 
down the exhaust pipe at a very high speed and then hit the 
buckets of the turbosupercharger, resulting instantly in an ex- 
pensive noise. These little chips of steel can be tremendously 
important. 


T. M. Rosie.’ As a representative of a company that builds 
two-cycle engines that do not use valves, this question may 
be out of order, but will the authors clarify Fig. 37? The 
illustration shows the equivalent cam lift and the actual valve 
lift. The valve lift on the right-hand portion goes below the 
cam lift. Is this due to the deflection of the mechanism? How 
can the valve exceed the cam travel, in a negativesense? 


Joun H. Sueusner.’ Among the four-cycle group there is an 
obvious common question which has been discussed many times 
before. This is the matter of valve seats. Proper and improper 
insert cross sections are described in the paper. The question is 
this: In the event the ratio of height equal to */, times the thick- 
ness is used, will it not be necessary again to qualify that with a 
valve, ID or OD as the case may be? Having tried on many oc- 
casions to retain the insert valve-seat proportion indicated, and 
having failed many times, the writer would like to ask if anyone 
has been successful in retaining insert valve seats of that design 
without additional mechanical means? 


Mem, ASME. 
Mem, ASME. 
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P. B. Jackson.* Will the authors explain further the causes 
of radial cracks? From discussion of this matter in the paper it 
would appear to be the thermal stress set up by the rapid cooling 
of the valve seat from high temperature. Should the valve seat 
temperature be a little higher, to avoid the high thermal stress 
that appears to cause the cracking? 


Crosure By C. H. ALLEN 

Mr. Kauffmann seems to agree with the authors fairly well. 
The only place where perhaps a slight amount of disagreement 
could be detected is in the statement that his company uses the 
same ramp height on the opening and the closing sides with hy- 
draulic lifters. That is perfectly suitable; however, for high- 
speed engines we recommend increasing the closing ramp suffici- 
ently so that the valve will seat at the point, where the ramp 
meets the cam flank. It is obvious that if the tappet shortens 
during valve lift, the valve will seat earlier. 

It would not be expected that trouble would occur with pump- 
ing-up, because usually pumping-up occurs only at high speeds. 
It will occur in passenger-car and truck engines when they get up 
to 4500 or 5000 rpm. Incidentally, that is one of the big advan- 
tages of our particular tappet. We find that our pump-up speeds 
are much higher than they are with the conventional hydraulic 
tappets, 

A little bit of criticism seems to underlie Mr, Berlyn’s remarks. 
To the authors’ knowledge, no attempt is made to dictate what 
the shape of the valve head should be. As a matter of fact, the 
short passage in the paper was included just to indicate that 
valve-head shape is obtained by extensive testing on the part of 
the engine manufacturers. We in the valve manufacturing 
business are not restricted to any shape of head that is within 
practical limitations, 


Underhead radius or shape of the top of the head does not differ 
too radically from one process to another except in extreme cases 


where a particular shape may add to the cost of the valve. About 
the only time when we feel obligated to recommend a head shape 
is when a customer encounters valve-head breakage, and through 
some of our past experiences we may have some suggestions to 
offer in order to make the valve head either more flexible, to pre- 
vent breakage, or in some cases to stiffen it up and give it a little 
more strength. As a matter of fact, we intend to continue our 
tests with the thermal-fatigue gradient, and later on we are going 
to get into various shapes of valve heads to determine if the shape 
of the head has any effeet on the tendency of the valve to crack 
because of thermal gradients. 

Mr. Robie poses a very good question, concerning whether the 
valve actually can get ahead of the cam. If the valve gear were 
infinitely stiff, of course, it would be physically impossible for 
the valve motion to exceed the progress of the cam motion, 
during the positive acceleration periods, but since a valve 
gear actually is a fairly flexible mechanism, any compression 
of the valve gear caused by high acceleration forces will allow 
the valve to ket ahead of the cam on the closing portion of 
the valve-lift cycle. The curves in the illustration are the re- 
sult of actual measurements made from high-speed motion pic- 
tures taken at 8000 frames per sec. We took a single valve cycle 
and very carefully, with vernier measurements, determined the 
position of the valve for each degree of cam rotation, The read- 
ings were taken at the tip of the valve, so the negative deflection 
shown is the result of stretching of the valve stem and deflection in 
the head and the seat inset just prior to the valve bounce. 

Mr, Sheusner’s question is rather difficult to answer. We have 
been recommending a depth of approximately */; times the wall 
thickness as the average objective figure. Our intention in doing 


* Aluminum Company of America, Cleveland, Ohio. Mem, 
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so is to indicate that it is usually better to have a depth somewhat 
greater than the wall thickness, since an insert seat of that type 
will have a lower thermal gradient from the inside surface to the 
outside surface. In regard to whether or not this proportion 
should be retained on extremely large inserts of the type dis- 
cussed, it is a matter for the engine designer to work out. 

Personally, this author has not had too much experience with 
these extremely large inserts. However, he does know that in 
some cases the engine manufacturers resort to peening over the 
edge of the insert bore in order to retain the insert. One other 
alternative is suggested: If there is trouble in retaining insert 
seats, it might be well to investigate the matter of material from 
the standpoint of yield strength. In the smaller-engine field, if 
insert seats are not retained and if the insert seat appears to be 
proportioned properly, then about the only thing to do is to in- 
crease the yield strength of the material in an effort to prevent 
collapse of the insert seat. 

It is obvious that when the inside surface of an insert seat ex- 
pands, it is retained foreibly by the cooler outside portions, and 
this expansion then evidences itself in upsetting of the internal di- 
ameter of the insert. Upon cooling, the shrinkage of internal di- 
ameter causes the insert to become loose. There are some instal- 
lations wherein it is almost impossible to retain insert seats so that 
they are tight when the engine is cool. In such a case, about the 
only thing one can resort to is peening or some mechanical means 
of locking the insert so it does not come out. 

In regard to Mr. Jackson’s question; it might be that in some 
cases it would be advantageous to increase the temperature of the 
seat. However, we usually work in the other direction. We 
want the seat to be cool, because that is where the valve face is 
cooled, and it is very important that the temperature at the sur- 
face of the valve face be kept low. Thermal cracking does not 
always result from chilling of the valve when it is on the seat. 
We used that method in our test simply because it was a conven- 
ient way of chilling the valve head. However, we suspect that 
actual thermal cracks in the field are caused quite often by the 
cool charge of the intake air coming in and chilling the valve head. 
There is some possibility that, if a hot spot exists in the cylinder, 
rotating the valve will cause temperature fluctuations of considera- 
ble magnitude in the head. There is more than one way of chilling 
valve heads in operation, and we merely use this method because 
it is a good way of testing valves and a good way of controlling 
our test conditions so that they are consistent. 


CLosureE By J. A. NEwWTon 


Most of the work done on the new self-contained tappet de- 
scribed in the paper has been in automotive engines, but we see 
no reason why the tappet cannot be used in engines of any size. 
Further design work may have to be done, and some testing, but 
we cannot see where functionally it should not work. If any 
reader is interested in a self-contained tappet for a particular 
application, we will be glad to work on it. 

Referring again to Mr. Berlyn’s remarks, this author does not 
believe that any engine manufacturer can criticize the supplier for 
trying to get something that fits in with his manufacturing tech- 
nique. If we get approval we certainly like to make the manu- 
facture of any component just as easy as we can. We don’t be- 
lieve the best way to get the shortest distance between two points 
is to go around a bush, so we just come out and ask for a change 
if we think it is going to help us. However, if a change is not 
what the engine likes, the engine manufacturer should tell us so. 
We aren’t in a position to tell what his engine is going to like. 
He designed it, he works with it, he runs it, and he ought to 
know. Hence the parts manufacturer should not carry the en- 
tire blame—in this case the valve manufacturer. On the other 
hand, if the engine manufacturer will not approve a specific de- 


4 
wh, A 
ae 
4 
alg 
4 
4 


NEWTON, ALLEN—VALVE-GEAR FUNDAMENTALS FOR THE LARGE-ENGINE DESIGNER 


sign, from what this author knows of the valve-manufacturing 
business there is no reason why he can’t get what he wants. He 
may have to pay a little more for one design or another, but he can 
always get it. 

The authors’ company has made valves of every description. 
We have been guilty upon occasion of getting just what Mr. 
Berlyn talked about—a change in the contour—because it will 
eliminate certain manufacturing operations and will effeet econo- 
mies, which every buyer likes. However, we also have been 
turned down not once but many times, and we still supply valves 
to the customer. So, it would be this author’s recommendation 
that if Mr. Berlyn or any engine builder is in such a position, and 
sticks to his guns, then certainly he will get what he wants. 

Referring to Mr. Jackson’s discussion; radial-cracking is some- 
thing brand new. We had seen cracked valves many times, 
years ago, and we never had any inkling of what was going on. 
We had seen valves out of which pieces actually had been broken, 
and we would seratch our heads and say it was a bad valve motion. 
We didn’t give much thought to the problems of distortion in the 
alternate heating and cooling of materials. It is something new 
and something which we intend to investigate thoroughly. It is 
caused by the temperature variations, not only by virtue of the 
location of the hot spots in the head, but cylinder-head distortion, 
which allows leakage at the valves and which can cause cracking. 

One of the large aircraft engines which is currently being made 


suffers from thermal cracking. As a matter of fact, it has been 
responsible for a different method of application of facing mate- 
rials, i.e., by the are-welding process. With that process we 
change the structure of the facing material. It gives the facing 
material greater strength, which manifests itself in greater resist- 
ance to cracking. 

There is a great deal to be learned about cracking; for in- 
stance, the shape of the valve, we feel sure, has a lot to do with 
it; so has the thickness of the facing material on a base material, 
as well as the compatibility of the materials, and so on. That is 
one of the matters we are considering in our basic material re- 
search, because the problem of faced valves seems to predominate 
in the automotive field. 

We hear many people say that valves gutter out behind the 
facing material. Actually, in every case this author has ob- 
served there has been a crack in the facing material. If we can 
stop the cracking we think we will be able to help the large-engine 
industry and also the small-engine industry quite a bit. We are 
doing a lot more work, therefore, in that respect. 

In so far as raising the temperature is concerned, if you merely 
raise the temperature of the valve at the seat it won’t do any 
harm, as long as the temperature is uniform around the valve 
face. On the other hand, if it is just a localized temperature rise 
it will aggravate the cracking condition. It is a serious problem, 
and we think we will learn a lot more about it in the future. 
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The extent of fracture in the chips in a metal-cutting 
operation varies from cracks that are just discernible 
under the microscope to complete discontinuity where 
the metal removed is in the form of discrete particles. 
The fracture that occurs in all of these cases is either of 
the ductile shear type (which predominates in metal 
cutting) or the brittle tensile type. The characteristics 
and causes of these two types of fracture are first discussed 
and then applied to the problem of chip fracture. The 
very limited fracture that occurs at the point of a tool in 
“continuous cutting” is held to be of the tensile type, and 
the role of tool sharpness in this connection is discussed. 
It is shown by means of motion pictures and dynamometer 
data that completely discontinuous chip formation is en- 
tirely different from that in continuous cutting, being 
better described as a periodic extrusion process rather than 
one of simple shear. In discontinuous cutting the fric- 
tion between chip and tool is static rather than dynamic 
in nature. The normal stress on the shear plane, as in- 
fluenced by rake angle or tool friction, is found to be an im- 
portant variable in determining whether a chip will be 
continuous or discontinuous. Other variables of impor- 
tance include the cutting speed, depth of cut, number, 
shape, size, and hardness of inclusions in the metal cut, 
and tool rigidity. The influence of these several variables 
with regard to chip discontinuity is discussed and a num- 
ber of examples are presented to illustrate the principal 
points that are made. 


INTRODUCTION 


HEN metal is removed by a single-point tool, chips are 

observed to be in the form of continuous ribbons, a 

series of individual segments, or a combination of these 
two extremes in which cracks do not penetrate the chip com- 
pletely. In all of these cases some fracture of the material cut 
is involved, for even the perfectly continuous chip that shows no 
cracks in its surface was formed in conjunction with the develop- 
ment of new surface and thus fracture. In this paper the role of 
fracture in the cutting process will be discussed, and hence we will 
begin by considering the manner in which metals deform and 
fracture. 

All metals are composed of atoms that tend to pack closely into 
symmetrical arrays. However, during the solidification process 
certain inhomogeneities develop in the general pattern owing to 
the presence of impurities or the absence of atoms at a particular 
point during solidification. The perfect pattern or lattice struc- 
ture is thus realized only over small volumes, there being many 
inhomogeneities in all metals. For purposes of discussion it is 
convenient to think of these inhomogeneities as voids that are 
elliptical in shape. 

! Instructor, Department of Mechanical Engineering, Massachu- 
setts Institute of Technology. 

? Head, Machine Tool Division, Department of Mechanical Engi- 
neering, Massachusetts Institate of Technology. Mem. ASME. 
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Fracture under ordinary conditions involves the growth of the 
submicroscopic voids found in all metals and can occur in two 
basic ways, i.e., by a process involving shear or by separation in 
tension. The shear mechanism usually is associated with ductile 
materials and leads to what will be referred to as ‘plastic frac- 
ture.’’ The tensile separation is encountered in materials nor- 
mally considered brittle, where fracture is accompanied by little 
or no plastic strain. This type of action will be called “brittle 
fracture.”’ 


DerorRMATION AND FRACTURE 


Since x-ray diffraction studies reveal the atom spacing in un- 
deformed and highly deformed specimens of a given material to 
be essentially the same, it is clear that metals do not deform plas- 
tically as a result of the atoms being pulled farther apart, All 
deformation, rather, occurs because of the sliding of one layer of 
atoms over another and thus by a process of shear, The atoms 
in a metal are held in position by forces of attraction and repul- 
sion that are normally in equilibrium. When an attempt is made 
to slide one layer of atoms over another this equilibrium is dis- 
turbed and the attractive and repulsive forees react to prevent 
motion. If the atoms are perfectly arranged as in a metallic re- 
gion without inhomogeneities, Fig. 1, the shear stress to cause 
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deformation is extremely high because of the fact that the at- 
tractive and repulsive forces on all atoms are acting in unison to 
prevent motion. However, if a configuration such as that shown 
in Fig. 2 can be developed, slip may occur at a much lower stress 
level, since then the attractive forces which predominate in one 
area A tend to compensate the repulsive forces in another area 
B. The configuration shown in Fig. 2 is called a ‘‘dislocation,”’ 
and when the center of such a disturbance moves clear across a 
crystal a slip of 1 atom spacing results. It is thus obvious that 
many dislocations must be generated and caused to move across 
a crystal in order to accomplish the large plastic strains normally 
observed. 

The manner in which one of the very small voids that are found 
in all metals can act to generate a dislocation when the specimen 
is loaded in tension is shown in Fig. 3. The stress gradient at 
the edge of the crack Will tend to put the atoms into position to 
form a dislocation (open dots) which can then be caused to move 
across the crystal by a relatively low shear stress as already ex- 
plained. The crack will grow as shown in Fig. 4 as slip pro- 
ceeds. If the normal stress @ is tensile, the crack will grow as in 
Fig. 4, but if o is compressive, the crack will close. In plastic 
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fracture individual cracks grow and join up to produce the frac- 
ture surface. Relatively large strains can be obtained with duc- 
tile materials loaded in compression owing to the tendency for 
cracks to close rather than open. 


SLIP PLANE 


@ Atom centers before stress applied 
O Atom centers after stress applied 
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The atoms of a metal are not stationary as pictured in Fig. 3, 
but are in a rapid state of vibration about equilibrium positions, 
the amplitude of this vibratory motion increasing with tempera- 
ture. The probability of finding a group of atoms at any in- 
stant in the approximate form of a dislocation will increase with 
the amplitude of motion and hence the temperature. It has been 
shown already how an externally induced stress can tend to form 
a dislocation. As a result of temperature dislocation formation 
in the form of a probability, the rate at which the material is 
stressed (or strained) is bound to be important. It is thus not 
surprising to find that the external stress required to cause a ma- 
terial to flow plastically decreases with a decrease in the rate of 
strain as well as an increase in temperature or an increase in stress 
concentration, 


BrirrLe FRACTURE 


As mentioned previously it is convenient to consider the very 
small voids that are found in all materials to be elliptical in shape, 
having semimajor and semiminor axes equal to a and b, respee- 
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tively. It was shown many years ago by Inglis (1)? that when a 
plate containing an elliptical hole, as shown in Fig. 5, is loaded 
elastically the stress is a maximum at the crack tip A and related 
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to the mean applied stress o as follows 


( =) 
Omax = | 1 + 


For long thin cracks this may be written to a good approximation 


When a new surface is created in a material the surface atoms 
are no longer subjected to the same forces. Upon removal of the 
layer above, the underlying surface will tend to extend. This 
motion is resisted, however, by the underlying material with the 
development of elastic tension in the surface. The resulting 
tensile force that acts across any line in the surface is referred to 
as “surface tension’’ while the elastic strain energy associated 
with such tensile forces is referred to as the “surface energy.”’ 

In 1921 Griffith (2) suggested that for a material to fracture 
spontaneously in a brittle fashion it is necessary that the elastic 
strain energy released at the tip of the crack as it grows be suffi- 
cient to provide the surface energy associated with the new sur- 
face generated. Thus in Fig. 6 the elastic strain energy stored 
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in the shaded volume, which will be released when the crack runs 
from A to B, must be sufficient to supply the surface energy re- 
quired by the two new surfaces generated. Expressing this alge- 
braicaily we have 


oF (2p4a) = 27'Aa.. 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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E = Young’s modulus of elasticity of material 
p = radius of curvature of crack tip 

Aa = surface area AB 
T = surface energy of material 


The radius of curvature at the tip of an ellipse is to a good ap- 
proximation 


and hence by combining Equations [2], [3], and [4| we obtain 


ET 

2a 
which may be regarded as Griffith’s criterion for spontaneous 
crack growth in a brittle material. In this equation 0 must be a 
tensile stress, for only then is it possible for a tensile crack to 
grow. This accounts for the experimentally observed fact that 
brittle materials are always observed to be far weaker in tension 
than in compression. The tensile stress required by the Griffith 
criterion may be produced locally in a specimen containing a soft 
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inhomogeneity in the manner described in the following para- 
graph. 

In the foregoing discussion the inhomogeneities have been 
treated as being voids. They also may be in the form of inclu- 
sions which are harder or softer than the matrix metal. If a 
specimen containing hard inclusions is subjected to compression, 
the matrix material will flow around the inclusion, and the in- 
clusion will remain essentially unchanged in size and shape. In 
the case of a soft inclusion subjected to compression, the particle 
will flatten and a stress concentration with accompanying cracks 
may develop at the tip of the deformed inclusion. This action 
is illustrated in Fig. 7 where lead blocks containing a hole have 
been loaded in compression. In the photographs on the left 
the hole was filled by a steel pin while the photographs on the 
right correspond to the case where no+ pin was used, Thus 
materials with soft inclusions may tend to fail in compression at 
a lower stress level than similar material containing hard inelu- 
sions. 

As the stress in the vicinity of a microcrack is increased, the 
erack will grow in a brittle fashion if Griffith’s criterion is satis- 
fied, or in a ductile fashion if the stress required to satisfy Grif- 
fith's criterion is larger than that required to produce disloca- 
Under sufficiently high hydrostatic pressure a normally 
brittle material such as cast iron 
can be made to flow plastically, 
because dislocations can then 
form before Griffith’s criterion is 
fulfilled (Griffith’s criterion does 
not obtain for hydrostatic com- 
pression). On the other hand, 
a normally ductile material such 
as SAK 1045 steel can be made 
to fail brittley in tension by low- 
ering the temperature or increas- 
ing the strain rate sufficiently, 
since both of these tend to raise 
the stress required to produce 
dislocations and hen¢e tend to 
allow Griffith’s criterion to be 
satisfied before ductile cracks 
can grow. 

It should be noted that a 
brittle crack will tend to grow 
in a direction perpendicular to 
the maximum normal stress, 
while a plastic crack will tend 
to open or close in the direction 
of maximum shear stress, Fig. 4. 
The tendency for brittle frae- 
ture is independent of the shape 
of the crack (i.e., length-width 
ratio) and depends only on the 
absolute size in a direction per- 
pendicular to the normal stress 
(see Equation [5]). On the other 
hand, the tendency toward dis- 
location formation and ductile 
crack growth depends upon the 
stress concentration #t the point 
of the crack and hence from 
Equation [2] upon the shape of 
the crack (ratio a/b). Thus we 
may summarize the position re- 
garding the difference between 
brittle and ductile crack growth 
by saying that brittle fracture is 
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favored by large inhomogeneities regardless of shape while ductile 
fracture is favored by thin inhomogeneities regardless of size. 
Brittle fracture normally occurs rapidly while ductile fracture oc- 
curs much more slowly, usually taking place at the rate of strain 
imposed by the external load. If in the process of crack growth 
the load is removed from the specimen, it is possible tu arrest 
either type of crack formation. 


Fracture IN Continuous CuTtTina 


When a ductile metal is cut so as to produce a chip in the form 
of a continuous ribbon there is usually no evidence of fracture or 
crack formation, Fig. 8. Yet, new surface is generated and this 
must involve fracture. Examination of the Piispanen model of 
the cutting process, Fig. 9, in which the metal cut is likened to a 


oF ParTIALLY Formep 
TINUOUS CUTTING 

(Material, Beta-brass; rake angle, 30 deg; depth of cut, 0.010 in,; cutting 

fluid, dry.) 


Fig. 8 
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stack of cards, reveals that fracture must occur across AB before 
this particular card (No. 7) is free to glide in shear over its neigh- 
bor (No, 8). From the direction of the required fracture (in 
the direction of cut) it would seem that it must result from a 
tensile stress acting at the tool point. No matter how carefully 
a tool may be ground, there always will be a finite radius of curva- 
ture at its point as shown exaggerated in Fig. 10. If the metal 
cut consisted of a number of separate plates (1, 2, 3, ete.), then 
the shear surface might be expected to be as shown in Fig. 10. 
The rake angle associated with plate 1 is very small and hence the 
corresponding shear angle also should be expected to be small. 
The chip from plate 1 would be bent toward the tool by plate 2. 
The shear angle would increase for subsequent plates inasmuch 
as the rake angles associated with them inerease. This variation 
in shear angle would occur to point A beyond which the rake 
angle and hence the shear angle should remain constant. Chips 
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1, 2, 3, and 4 would be of different lengths as a consequence of the 
different shear angles obtaining. 

In practice, the metal cut does not consist of separate plates. 
The chip near the tool face cannot be shorter than at other points 
since the chip is restrained from curling by the tool face. Hence 
the chip in the vicinity of the tool face must deform plastically in 
tension. The region subjected to tension usually will extend a 
very small percentage of the way across the chip (to about point 
A in Fig. 10). The tensile field of stress that is developed as a 
result of the curvature at the tool point can thus produce the 
crack necessary in the development of the new surface. The 
material beyond point A in Fig. 10 is subjected to large compres- 
sive stresses, and the crack will be quenched upon reaching this 
region in the case of continuous cutting. 

Considerable controversy is to be found in the engineering 
literature (3, 4, 5) concerning the existence of cracks in front of a 
tool when a continuous chip is produced. It would appear that 
when a very sharp tool is used microcracks develop that are so 
small as to be invisible. An occasional crack may be observed to 
run a short distance in front of the tool when the cutting of,an 
inhomogeneous ductile material is observed under the micro- 
The possibility of observing cracks in front of a tool in- 
creases as the radius of curvature at the tool point is increased 
The existence of cracks at the point of a sharp cutting tool when a 
continuous chip is produced is of interest only with regard to 
the generation of new surface. Their presence is of negligible im- 
portance with regard to the analysis of the shear process and 
the mechanics of cutting. 

When'a ductile metal that is free of gross inhomogeneities is 
cut, the microcracks responsible for the new surface will form at 
the microvoids present in all materials owing to the concentra- 
tion of stress. The spacing of the individual cracks should then 
be expected to correspond to the linear spacing of the microvoids, 
which is indicated to be about 1 micron (40 microinches) by 
several independent studies. The individual plates in the 
Piispanen model, Fig. 9, are thus seen to be very thin indeed. 
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Discontinuous CuTtina 


Materials that are cut differ widely in their ability to deform 
plastically and to sustain tensile stresses. Such materials as 
marble cannot be cut in an ordinary turning operation since the 
material fails in tension before any measurable plastic deforma- 
tion can occur to produce a chip. The reason for this is that 
marble contains relatively large inhomogeneities. Such a ma- 
terial is said to behave in a brittle fashion. On the other hand, 
most metals that are machined contain relatively small inhomo- 
geneities and hence are ductile and capable of undergoing large 
plastic strains before failing in shear. Some materials such as 
cast iron are intermediate in their brittle behavior and will occa- 
sionally fail in tension after a limited amount of plastic deforma- 
tion. The amount of strain that a ductile metal can withstand 
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before failing in shear varies considerably, and there are some 
materials such as 3-brass that normally fail by plastic fracture 
when they are cut. Let us first consider the performance of a 
material of this sort when it is cut. 

The cutting of 8-brass may best be appreciated by studying 
motion pictures taken through the microscope in conjunction 
with records from a recording dynamometer. The sketches in 
Fig. 11 are reproduced from pictures taken at 16 frames per sec 
when a 0.007-in. depth of cut was taken at a cutting speed of 0.5 
ipm, using a 15-deg-rake-angle tool in a two-dimensional planing 
operation. The width of cut was 0.161 in. and no fluid was used. 
Frame numbers are indicated beneath the sketches, and the dis- 
tance traversed by the tool per frame was 0.0005 in. The chips 
were completely discontinuous and the horizontal and vertical 
components of force varied periodically as shown in Fig. 11, with 
a period of 39 frames. 

In frame | rupture along the dotted line is impending and actu- 
ally occurs between frames 1 and 2. When failure occurs the 
load on the tool is released suddenly and it is driven rapidly for- 
ward by the elastic energy stored in the system as a result of tool 
deflection. The depth of cut is, in effect, never zero. and hence 
the forces do not drop to zero. Frame 2 shows the tool after its 
elastic motion has occurred, and metal is seen piled up at the tool 
point. As the tool moves forward metal is not removed by the 
normal shearing process represented by the Piispanen model (6) 
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(Numbers under sketches are movie-frame numbers. Depth of cut, 0.007 
in.; cutting speed, 0.5ipm; rake angle, 15 deg; width of cut, 0.161 in.; fluid, 
none.) 
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in Fig. 9, but is rather extruded between the tool and free surface 
into a parabolic shape in the manner of Fig. 12. During this ex- 
trusion the chip does not slide along the tool face but, rather, rolls 
down upon it. The shear stress on the dotted line, which repre- 
sents the region of plastic flow, increases as extrusion proceeds, 
until a value sufficient to cause rupture is obtained. The entire 
process is then repeated. The manner in which the material 
flows during the extrusion process is shown photomicrographically 
in Fig. 13. Here it is evident that the process involved is not at 
all similar to ordinary continuous cutting. 

Piispanen (6) has discussed the formation of the discontinuous 
chip from the standpoint of ordinary chip formation and con- 
cludes that the shear angle is initially high and decreases as the 
cut proceeds, finally reaching a value corresponding to a shear 
strain sufficient to cause fracture. The difficulty with this ex- 
planation lies in the fact that shear is not observed to be con- 
fined to a single plane in this operation, but is distributed over 
the entire zone above the dotted lines of Fig. 11. Field and Mer- 
chant (7) have presented an explanation similar to that of Piis- 
panen, but go on to explain the decreased shear angle in terms of 
an assumed increase in coefficient of tool-face friction as cutting 
proceeds. While the coefficient of friction was actually observed 
by Field and Merchant to decrease initially, these authors at- 
tributed this to the lack of frequency response of their dial- 
indicator-t ype dynamometer. 

The force data in Fig 11 were obtained from a strain-gage-type 
dynamometer of high-frequency response, and when used to com- 
pute the coefficient of friction on the tool face the results shown 
in Fig. 14 were obtained. Here it is evident that the coefficient of 
friction actually decreases as the cut proceeds. However, this is 
a coefficient of static friction as is clearly evident in Fig. 11 and 
the similar motion pictures taken by Field and Merchant (7) 
The values of coefficient of friction given in Fig. 14 are unusually 
low for ordinary metal cutting with a 30-deg-rake-angle tool. 
This should not be disturbing, however, when it is realized that 
the significance of the static friction on the tool face in the ex- 
trusion process considered here is entirely different from the 
dynamic coefficient of friction in continuous cutting. 
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Sketches and force data are given in Fig. 15 for cuts made at 
different values of rake angle. The views shown are those corre- 
sponding to the frame just preceding rupture. The previously 
described extrusion process is seen to hold in all cases where 
cutting is discontinuous. Continuous chips are obtained at 
higher values of rake angle (30 and 45 deg). Comparison of the 
mean cutting force Fy for the 15-deg tool with the values of Fy 
for the 30 and 45-deg tools indicates that the mean cutting force 
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(Material, beta-brass; cutting speed, 0.5 ipm; width of cut, 0.161 in.; fluid, 
none.) 


in discontinuous cutting is certainly not greater than would be 
obtained in continuous cutting under comparable conditions. 
In order to determine the influence of normal stress on fracture 
shear stress, the stresses were computed on the dotted plane along 
which fracture would occur, AB, at different stages in the devel- 
opment of the chip. The shear and normal stresses on plane 
AB for the 15-deg tool were found to vary as the cut proceeded 
as shown by the curve marked 15 in Fig. 16. Fracture finally 
occurred at the point marked X. 

Similar curves are shown for other rake angles in Fig. 16. Only 
one point each could be obtained for the 30 and 45-deg tools 
inasmuch as cutting was continuous in these cases, The fracture 
point for each rake angle has an X over it, and it is evident that 
a line D-E can be drawn which separates the conditions where 
no fracture oecurred from those where a crack ran clear across 
the chip. Line D)-# is seen to be inclined upward, which means 
that as the compressive stress on the plane where rupture will 
occur is increased, there is a correspondingly higher value of 
critical fracture stress. The increase in fracture stress with nor- 
mal stress on the shear plane that is observed here should not be 
confused with the alleged increase in the subfracture flow stress 
with normal stress. While there is ample experimental evidence 
in support of the influence of normal stress on fracture stress, 
the data that have been presented in support of a similar rela- 
tionship for flow are questionable indeed. Inasmuch as the nor- 
mal stress on the shear plane is inherently relatively less for 
small values of rake angle, the tendency to cut discontinuously in- 
creases with decreased rake angle. 

When the depth of cut was reduced from 0.007 to 0.005 in. in 
cutting with the 15-deg-rake-angle tool, the chip formation was 
initially as shown in Fig. 17(a) which is seen to be similar to the 
action in Fig. 11. However, occasionally a crack was found to 
occur in a direction roughly perpendicular to the potential frac- 
ture surface, i.e., along FG in Fig. 17(b), to suddenly produce a 
built-up edge on the tool. Since the surface of this built-up edge 
corresponded to an increased rake angle, the chip formation tended 
to become more continuous as shown in Fig. 17(c). Only the 
back surface of the chip was then irregular. This example illus- 
trates how a built-up edge may quickly develop as a result of 
plastic fracture within the chip. The value of cutting force 
Fy given in Fig. 17 for condition (c) is seen to correspond closely 
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to the mean force Fy in Fig. 15. However, since the depth of 
cut in Fig. 15 is 0.007 in. while that in Fig. 17 is but 0.005 in., it is 
evident that the mean cutting force increases with the develop- 
ment of the built-up edge and the change from a discontinuous 
to a practically continuous chip 

Data for magnesium similar to those previously given for 
B-brass are shown in Fig. 18. The action in this case is similar in 
many respects to that for B-brass. The fracture surface is, how- 
ever, much higher and consequently the extrusion action is even 
more pronounced. In the case of magnesium, fracture does not 
occur at the boundary of plastic flow, but within the region of 
plastic flow. In Fig. 18 the potential fracture surfaces are indi- 
cated by dotted lines while the regions of plastic flow are outlined 
by dashed lines. As in the discontinuous cutting of 6-brass, the 
direction of the fracture surface is little influenced by the rake 
angle. 
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PARTIALLY Discontinuous 


Metal-cutting chips are frequently not of either of the two 
extreme types discussed previously, but contain cracks which 
go part way across the chip. When §-brass is cut with a 30-deg- 
rake tool at a depth of cut of 0.015 in. the quasi-discontinuous chip 
shown in Fig. 19 is obtained. In this case a crack is found to de- 
velop periodically, but the crack goes only part way across the 
chip. A ripple in the force trace is observed, but the large fluc- 
tuations characteristic of the completely discontinuous cut are 
absent. When the normal and shear stresses for this case are 
plotted in Fig. 16, the point C is found to lie on line DE. This 
is as it should be, for in this case there is a shear failure, even 
though the crack does not extend all the way across the chip. 

“The reason for a crack stopping part way across a chip is not 
known, but two possible reasons might be suggested. In order 
for a erack to propagate spontaneously across a chip as in the case 
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of completely discontinuous cutting, there must be sufficient 
elastic energy stored in the tool to supply the energy associated 
with the propagation of the crack. If the system is very stiff 
and there is not sufficient stored elastic energy, the tool may lose 
contact with the chip as the crack grows and hence there may 
be no source for the energy required for the crack to grow. An- 
other explanation for partially discontinuous chips involves the 
distribution of stress across the shear plane. If the stress should 
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not be uniform across the shear plane, but a greater compressive 
stress be present on the region farthest from the tool point, a 
crack which starts in the region of lower normal stress may be 
quenched upon reaching the region of greater normal stress. 

The extent to which all degrees of crack formation can be 
found in cutting is illustrated in Fig. 20 where the results of plan- 
ing cuts upon SAE B1112 steel are shown for different rake angles. 
As the rake angle is decreased, the number and size of the cracks 
in the face of the chip are found to increase. In all of the cases of 
Fig. 20 the chips were not really discontinuous but were in one 
piece. 


INFLUENCE OF OPERATING VARIABLES 


In metal cutting there are numerous variables which influence 
the nature and extent of the fracture involved in the operation. 
These include the following: 


1 Tool sharpness, 

2 Rigidity and elastic strain-energy capacity of the tool-work 
system, 

3 Operating variables (rake angle, tool-face friction, cutting 
speed, and depth of cut). 

4 Material characteristics (number, size, shape, and relative 
hardness of inhomogeneities, hardness produced by heat-treat- 
ment, and hardness produced by strain hardening) 


These several items in turn influence the following variables 
more directly related to fracture: (a) Maximum shear stress; (b) 
maximum normal stress; (¢) concentration of stress; (d) normal 
stress on the shear plane; (¢) temperature; (f) rate of strain. 

In what follows we shall attempt to relate the two foregoing 
groups of quantities. 

The influence of tool sharpness and the rigidity of the system 
have been discussed already. The sharper a tool is and the more 
rigid the system the less tendency there will be for a discontinuous 
chip to form. A dull tool has been seen to induce tensile stresses 
in the chip adjacent to the tool face, and the greater the radius 
at the tool point the thicker will be this tensile layer in which a 
tensile crack may propagate. It should not be overlooked that 
a built-up edge with rounded nose really constitutes a dull tool. 
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However, the effective rake angle is also usually increased whea 
a built-up edge is present. which opposes the effect of the rounded 
edge by decreasing the tendency toward chip discontinuity. 
Thus a built-up edge may either promote or discourage continu- 
ous cutting action. 

A series of tests run upon SAK B1112 steel illustrate the in- 
fluence of rake angle and tool-face friction upon chip fracture. 
In these tests two-dimensional planing cuts 0.003 in. deep were 
taken at slow speed. A variety of fluids were used with tools of 
varying rake angles. In each case the shear and normal stresses 
on the shear plane were computed and are shown plotted in Fig. 
21(a). Only those tests leading to continuous chips are shown 
by data points while those conditions leading to discontinuous 
chips are marked by X. It is evident that as in the case of Fig. 
16 an inclined line may be drawn separating the continuous from 
discontinuous cuts. From this figure it can be seen that the 
tendency to form a discontinuous chip increases as the rake angle 
is decreased or the friction on the tool face is increased by use of a 
less effective cutting fluid. In each case the tendency toward dis- 
continuous cutting action results from a shift in the direction of a 
leas favorable shear stress normal stress combination 

It is of interest to correlate the data of Fig. 21(a) with the vari- 
ous materials tests. This is most conveniently done by using a 
slightly different fracture criterion, namely, that the fracture 
shear strain is a function of the normal stress. This is similar to 
the criterion involving fracture shear stress and normal stress 
because the shear strain is a function of the shear stress. In order 
to eliminate the influence of the size effect, the ratio of normal 
stress to shear stress is considered to be a function of fracture 
strain. In Fig. 21(+) the data of Fig. 21(a) are shown plotted 
according to this latter criterion. 

Also shown in Fig. 21(4) are the fracture points for tension and 
torsion tests. In a tensile specimen the normal stress is equal 
to the shear stress and is tensile, while in a torsion test the normal 
stress is zero. When a compression test is made properly, the 
normal stress is equal to the shear stress and is compressive. In 
order to obtain good results in a compression test it is periodically 
necessary to remove the specimen from the test setup and to 
remachine the specimen to a cylindrical shape. When this was 
done, the material used withstood very large strains with no sign 
of fracture, Thus from the three materials tests, the plastic 
fracture line can be drawn in Fig. 21(b). It is evident that there 
is remarkably good agreement between the materials-test data 
and the metal-cutting data, 

An increase in cutting speed sometimes will cause a discon- 
tinuous chip to become continuous. This is illustrated by the 
motion-picture frames shown in Fig. 22 which were produced 
when planing SAE 4140 steel with a 15-deg-rake tool at speeds 
of (a) 20 ipm and (6) 150 ipm. The cutting action is seen to 
become almost completely discontinuous when only the speed is 
decreased. The effect of an increased cutting speed is to increase 
the temperature on the shear plane as well as the rate of strain. 
While these two effects on fracture strain oppose each other, the 
temperature effect will be the greater of the two, and hence an 
increase in speed will cause an increase in the shear strain re- 
quired to cause fracture, 

It is normally found that the tendency toward discontinuous 
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chip formation increases with the depth of cut. This is illustrated 
by the data in Fig. 23 which were obtained using a tool having a 
—15-deg rake angle with carbon tetrachloride as the cutting fluid. 
The smaller chips were perfectly continuous while those for the 
two larger cuts exhibited numerous cracks in the surface of the 
chip as shown in the photomicrographs, Fig. 23. The cutting- 
force traces also are seen to become more irregular with increas- 
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(Material, SAE B1112 steel; rake angle, —-15 deg; cutting speed, 0.5 ipm; 
cutting fluid, carbon tetrachloride; width of cut, 0.167 in.) 


ing depth of cut. The mean shear (r) and normal (¢) stresses 
are given in Fig. 24. Here it is evident that while the shear 
stress increases significantly with decreasing depth of cut, the nor- 
mal stress on the shear plane increases at even a greater rate. 
The reason for the increase of the flow and rupture stresses with 
decreasing depth of cut (specimen size) is due to the decreasing 
probability of finding a dislocation as the specimen size decreases. 
This problem has been discussed in detail in a previous paper (8). 

The importance of inhomogeneities in the metal cut is immedi- 
ately evident when the cutting characteristics of gray cast iron, 
nodular iron, and malleable iron are compared. In Fig. 25 the 
structures of specimens of these materials having the character- 
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istics given in Table 1 are shown. The carbon content of each 
of these materials is essentially the same. In each case we ob- 
serve a ferrite matrix with inclusions of graphite. The graphite 
in the gray iron is in the form of plates, that in the nodular iron 
is in the form of spheres, while that in the malleable iron is in the 
form of rougher spherical clumps of very fine graphite particles. 
The tensile strength of the gray iron is relatively low inasmuch 
as it is not difficult to find plates oriented across the direction of 
maximum normal stress. A much larger stress concentration is 
thus associated with the plates than with either of the spherical 
structures. Similar behavior is observed when hardness readings 
are taken on these materials or when they are cut, Fig. 26. 
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TABLE 1 PROPERTIES OF THREE TYPES OF CA8T IRON 
Nodular Grey Malleable 
cast iron cast iron cast iron 

Composition, per cent: 

41 2.43 2.39 

0.020 0.078 0.028 

P. 0.033 0.038 0.037 

0.08 
Ultimate tensile stress, psi 65000 20000 50000 
Tensile yield stress (0.2% offset), 

psi... ... 47500 17500 37 
Young's modulus, psi. . . 23.5 10 11.6 K 10® 21.7 108 
Elongation, per cent 25 1.2 12 
Reduction in area, per cent 25 - 7.5 
Brinell hardness: 

3000 kg load.... 150 105 150 

500 kg load... 130 i) 13 


Malleable cast iron 
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Nodular cast iron Py = 260 1b, Fy = 90 Ib 


Malleable cast iron Fy = 210 1b, Fy = 74 lb 
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The gray iron produces a brittle chip as a result of the stress 
concentrations associated with the graphite plates. While the 
cracks shown in Fig. 26 are in the direction of maximum shear 
stress to the very tool point and hence indicate that the fracture 
that occurred was of the plastic type, cast iron is sometimes ob- 
served to fail in tension, a crack extending downward from the 
tool point and then swinging into the direction of maximum shear 
stress as shown in Fig. 27. 

It is only with very brittle materials that a tensile crack is ob- 
served initially to extend downward from the tool point. When 
this occurs, it is difficult to maintain dimensional accuracy be- 
cause of the variable depth of cut. By far the majority of frac- 
tures that are observed in cutting are of the shear type. While 
this is true even with such materials as cast iron, tensile-type 
cracks may be observed when (a) the inhomogeneities are unus- 
ually large; (6) the cutting temperature is low; (c) large depths 


Fic. 27) Direction or Tensite Crack Sometimes OBSERVED IN 


Brirrte MATERIALS 


of cut are taken. Plastic fracture of gray iron will be observed 
in cutting even though the graphite plates be made small, since 
it is the shape of the graphite particles and not their size that is 
of importance in ductile fracture. 

In addition to graphite, inclusions of other soft materials such 
as lead or manganese sulphide frequently lead to discontinuous 
cutting action. 
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This paper suggests a method of standardizing general 
industrial coarse-pitch cylindrical worm gear drives, par- 
ticularly the worm diameter and tooth proportions, to 
eliminate the present situation where no recognized 
standard exists. The suggestions contained in this paper 
do not insist on a single worm diameter for each pitch or 
center distance but rather a limited group of worms that 
will cover the range of good design. 


INTRODUCTION 


gearing, although one of the oldest types of gear- 
ing, is the one remaining type for which no recognized 
standard of design for the general industrial coarse-pitch 

range exists on this continent. 

There is an excellent ASME-ASA-AGMA standard covering 
the fine-pitch range but there is nothing to complement this stand- 
ard in the general industrial coarse-pitch range. Lacking a 
standard, manufacturers of worm gears and worm gear reduction 
units have individually set up their own standards for tooth 
proportions, pressure angle, worm diameters, gear faces, and so 
on, but the author believes a standard recognized by the indus- 
try for all future designs is long overdue. 

The author believes sufficient freedom of design necessary for 
all normal drives could be accommodated by a standard, keep- 
ing within the limits of the following: 


1 Limit the number of threads (or starts) to 1, 2, 3, 4, 6, and 8. 

2 Limit the number of axial pitches between *#/,. and 3 in. to 
16 different pitches (*/,-in. pitch is just over the fine-pitch range 
and 3 in. is a common maximum for hobbed gears). 

3 Limit the number of worm diameters to a fixed group for 
each pitch (13 diameters for each pitch will cover all normal and 
most abnormal drives with the number of diameters that fall 
within the range of normal design being about half this number). 

4 Limit the number of normal pressure angles to two, 20 deg 
and 25 deg. 

5 Limit the number of tooth proportions—addendum and 
whole depth—to three different amounts for each axial pitch over 
the whole range of lead angles. 

A discussion of each of these items and the reasons why they 
are recommended follows. These recommendations apply only 
to parallel cylindrical worms meshing with throated worm gears 
at right angles. However, the worm proportions recommended 
may be used for worms and gears meshing at angles other than 90 
deg. 

1 Development Engineer, Hamilton Gear & Machine Company, 
Ltd. Mem. ASME. 
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Proposal for a Standard Design for 
~General Industrial Coarse-Pitch 


Cylindrical Worm Gearing 


By F. G. EAST,' TORONTO, ONTARIO, CANADA 


STANDARDIZATION SUGGESTED 


Minimum and Maximum Worm Pitch Diameters. The nominal 
pitch diameter of the worm, which for calculating purposes is as- 
sumed to be at the mean of the working depth, is the dimension 
Where no standard exists, no 
Con- 


most in need of standardization. 
two designs will specify the same worm pitch diameters. 
sequently, since the hob which cuts the gear must match the worm 
diameter, a hob bought for one design will not be suitable for any 
other except by the most unlikely coincidence. Obviously, the 
worm pitch diameter of necessity will be dependent on a number 
of factors, including pitch, center distance, span between bear- 
ings, whether the worm is integral with its shaft or bored, the 
material in the worm, and so on. Many of these factors are dic- 
tated by the design of other machine elements so that no one worm 
diameter for any given pitch will meet the requirements of all 
designs. However, it is the purpose of this paper to recommend a 
limited group of diameters for each pitch to eliminate the infinite 
number of diameters which will develop if no standard diameters 
are recommended. 

If, for a given center distance, the power capacity of gear sets 
with worms of different pitch diameters is plotted, the results will 
generally be as in Fig. 1. The worm diameter which gives the 
maximum power capacity varies with the pitch and the worm 
speed. If a range of worm diameters that will give 95 per cent 
of maximum power capacity is considered good practice, it will be 
noted, as indicated by the horizontal lines near the crest of the 
curves, that quite a range of worm diameters will satisfy this eon- 
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dition. Even if it is also assumed that most gear sets may run 
at different speeds and therefore should be designed with this in 
mind, the range of diameters that will give power capacity within 
95 per cent of maximum at all worm speeds between 100 and 1800 
rpm will still be broader than required for most normal design. 

Based on the foregoing premise, a number of graphs for different 
center distances and pitches, similar to Fig. 1, were drawn, cal- 
culating a considerable number of points for the crown of the 
curves so this portion would be as accurate as possible. From 
these graphs empirical formulas for maximum and minimum 
worm diameters were developed and these appear in Table 2. 
Obviously, these are not absolute limits but are recommended 
where applicable, as they keep the power capacity as high as 
possible. 

Two formulas are given for both maximum and minimum 
diameters—one based on center distance and pitch, and the other 
on center distance and number of teeth in gear. In each case, one 
is just the algebraic transposition of the other and the most 
convenient one can be used when designing a worm gear set. 

Worms which are to be integral with their shafts, and of maxi- 
mum efficiency, should Jean toward the minimum diameter as 
calculated by the formulas, as the lead angle increases when the 
diameter is reduced and the higher the lead angle, the higher the 
efficiency. However, care must be taken to keep the root diame- 
ter of the worm large enough in relation to the span between the 
bearings to prevent undue deflection under load. Also on mul- 
tiple-thread worms the diameter should be such that the lead 
angle does not exceed 45 deg. 

Worms which are to be bored and mounted on their shafts will 
approach more closely the maximum diameter as calculated by 
the formulas. Bored worms should be kept as small as possible 
to obtain maximum possible lead angle and efficiency. However, 
they must have a root diameter large enough to allow suitable 
metal thickness between the bore or keyseat and the root of the 
thread. 

Standardized Worm Pitch Diameters. Within the minimum 
and maximum diameters obtained from the formulas and even 
when the design necessitates a worm diameter outside these 
limits, it is recommended that the worm nominal pitch diameter 
be made “an integral number of half-axial pitches’’ with the mul- 
tiples of full pitches preferred. For example, the worm nominal 
pitch diameter should be 3, 3'/s, 4, or 4'/s, ete., times the axial 
pitch with worm diameters of 3, 4, or 5, ete., times the axial pitch 
preferred. The number of axial pitches in the worm pitch 
diameter is designated as the pitch diameter quotient. By using 
this system of fixing the worm nominal pitch diameter, a finite 
number of worm diameters is obtained for any range of sizes and 
makes possible the tabulation of worm and gear dimensions as 
shown in Tables 2 to 6 (Table 1 is a proposed nomenclature de- 
fining the symbols used in Tables 2-6). It also should be noted 
that worms of the same number of threads and diameter quo- 
tient are geometrically similar and have the same lead angle 
regardless of pitch. 

Pressure Angle. The pressure angle must be high enough to 
avoid undercutting on the leaving side of the worm gear teeth. 
As the lead angle increases, the minimum pressure angle that 
will prevent this undercutting also increases. The approximate 
maximum lead angles that can be used with various ‘normal’ 
pressure angles are as follows: 

Normal pressure Maximum lead 
angle, deg angle, deg 
14'/s 17 
20 30 
25 45 
Although, as indicated in this table, 14'/; deg normal pressure 
angle can be used for lead angles up to 17 deg, it is reeommended 
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that its use be discouraged and 20 deg normal pressure angle be 
used for all worms with lead angles below 30 deg, and 25-deg nor- 
mal pressure angle be used for worms of lead angles from 30 to 
45 deg. This is in line with current practice to discontinue the 
use of 14'/, deg pressure angle as a standard for gears of other 
types and also agrees with the fine-pitch standard. 

Pitch. The pitch should be specified parallel to the axis of the 
worm. This is known as the axial pitch of the worm and is the 
same as the circular or transverse pitch of the gear. This is com- 
mon practice and is the most satisfactory because of the necessity 
of gearing up worm milling and grinding machines to the worm 
lead. It is suggested that wherever possible one of the following 
pitches be used. It is felt these pitches are close enough together 
to satisfy most new designs. If intermediate pitches are found 
necessary they should, if possible, be midway between the recom- 
mended pitches. 

The recommended axial pitches are as follows: */;¢, '/4, */1, 
*/2, Lin., 19/4, 2 in., 24/4, 21/2, 2*/4, 3 in. 

Tooth Proportions. The tooth proportions--addendum, work- 
ing depth, and whole depth—-have to be reduced in relation to the 
axial pitch as the lead angle increases, to compensate for the re- 


ducing normal pitch. 

It is common practice to make the tooth or thread depth of 
standard full-depth tooth proportions based on the ‘axial pitch’’ 
for the lower lead angles and base the tooth depths on full-depth 
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tooth proportions for the normal pitch for the higher lead 
angles. As the pitch is specified in the worm axial plane for all 
lead angles as just mentioned, it would seem logical to propor- 
tion the tooth depths also from the axial pitch for all lead angles. 
In Fig. 2, which shows normal sections of worms of various lead 
angles, the broken lines above and below the pitch line that con- 
verge to the right show standard full-depth tooth proportions 
based on the normal pitch for worm with lead angles as shown 
along the base line. The full lines on each tooth are based on the 
tooth proportions shown, proportioned from the axial pitch for 
each group of lead angles. 

It will be noted in Fig. 3 that the maximum variation using 
the recommended proportions of the axial pitch, vary from the 
full-depth proportions based on the normal pitch by not more 
than 10 per cent. This variation is negligible compared to the 
advantage of having only three tooth depths for each pitch over 
the whole range of lead angles from 0 to 45 deg instead of an al- 
most infinite number when based on the normal pitch. It is also 
more logical, as mentioned previously, to proportion the tooth 
depths from the pitch in the plane in which it is specified, the same 
as is done in other types of gearing. 

Thread Form. The thread form of the worm must match the 
hob used to cut the gear. Worms ground with straight sided 
\V-wheels or milled with similar shape milling cutters will have 
a shape that varies with the wheel or cutter diameter. This varia- 
tion is much greater on worms with high lead angles than on low 
lead angle worms. It is important therefore that the method of 
production and the shape of the grinding wheel or milling cutter 
used to produce the worm be taken into consideration in deter- 
mining the required profile of the hob teeth. It is also preferable 
to have both worm and gear made by the same manufacturer to 
insure matching tooth shapes and proper conjugate tooth action. 

Thread and Tooth Thickness. The normal gear-tooth thickness 
should never be less than half the normal pitch, with the backlash 
allowance (if any) taken off the worm. In some special cases 
advantage can be taken of the usual difference in strength be- 
tween the worm and gear material by making the thickness of the 
gear teeth more than half the pitch. When this is done, however, 
consideration must be given to the tip width on the worm and for 
general practice is not usually necessary. 

Number of Threads. The number of threads (or starts) in the 
worm should, wherever possible, be limited to one of the following: 
1, 2, 3, 4,6, or8. This is to simplify indexing on worm grinding 
and milling machines. The use of 5 or 7 threads is discouraged 
and if a greater number of threads than 8 is required, numbers 
which are not odd nor prime should be used to facilitate produc- 
tion of the worm without special indexing equipment. 

Number of Teeth in Gear. The permissible minimum number 
of teeth in the gear is influenced to a considerable extent by the 
center distance. On the smaller center distances, adherence to 
too large a minimum, which might be preferable from a tooth- 
action standpoint, would result in too small a pitch. In the 
larger center distances it is preferable to make the pitch not too 
coarse, which to a great extent dictates the minimum number of 
teeth. The following recommended minimum numbers of teeth 
for various center distances are considered good general practice. 


Center distance, in. Minimum number of teeth 


2 20 
3 25 
5 25 
10 29 
15 35 
20 40 
24 45 


Gear Ratio. The geur ratio is equal to the number of teeth in 
the gear divided by the number of threads in the worm. Opinions 
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differ on whether the number of teeth in the gear should be prime 
to, or an integral multiple of, the number of threads in the worm, 
In practice, either prime or even ratios generally* give equally 
satisfactory results. However, when a hob is not available to 
cut a gear which is to mesh with a multithread worm and a single- 
tooth fly tool is to be used, if the number of threads in the worm 
is prime to the number of teeth in the gear it will be unnecessary 
to index the gear or cutter on the hobbing machine. 

Center Distance. The center distance is one-half the sum of 
the pitch diameters of the worm and gear. However, it is not 
essential that the pitch circle of the worm gear be at the mean of 
the working depth. In fact, when there are sufficient teeth in the 
gear, and the pressure angle is high enough to prevent undercut- 
ting, the pitch line can be anywhere between the mean of the 
depth and the throat diameter of the gear or even outside the 
throat. This produces a short addendum on the gear and 
lengthens the angle of recess which improves the lubrication char- 
acteristics and load-carrying capacity. For similar reasons, 
the pitch circle preferably should not be inside the mean of the 
working depth as this makes the gear long addendum, lengthens 
the angle of approach, worsens the lubrication characteristics, 
and tends to reduce the load-carrying capacity. In other words, 
worm geurs preferably should not be operated on centers larger 
than one half the sum of the nominal pitch diameters of the worm 
and gear. The ability to operate on less than standard centers 
allows simple fractional center distances to be used. 

When the center distance is made less than one half the sum 
of the pitch diameter of the gear and the nominal pitch diameter 
of the worm, the actual operating pitch diameter of the worm is 
less than the nominal pitch diameter or the diameter at the mean 
of the working depth. In such a case, the operating pitch diame- 
ter of the worm is equal to twice the center distance minus the 
pitch diameter of the gear. (The pitch diameter of the gear is 
always equal to the number of teeth times the circular pitch 
divided by m7.) However this does not affect the worm ealcu- 
lations nor production based on the nominal pitch diameter. 

Unlike standard involute spur and helical gears, the form of 
worm gear teeth varies across the face. If the worm thread form 
is straight-sided on the axial section, the worm gear teeth will be 
involute in the central plane. However, regardless of the worm 
tooth form, in off-center planes the gear teeth are not involute and 
are only conjugate to the mating worm when operated on or near 
the center distance for which they were cut. The allowable toler- 
ance between cutting and operating centers is much less with 
worms of high lead angle than with low lead angle worms. 

Worm Face Width. The worm face width, or length, should be 
such that it extends beyond the point where contact. between it 
and the teeth of the worm gear begins and ends. Since the pres- 
sure angle of a worm gear varies across the face and becomes quite 
low on the leaving side, 
contact between it and 
the worm extends al- 
most to the point 
where the outside 
diameter of the worm 
intersects the throat 
diameter of the gear. 
For this reason, to be 
safe, the face of the 
worm should be made 
equal to twice the dis- 
tance from the line of 
centers to this intersec- 
tion point. The for- 
mula in Table 2 fulfills 
this requirement. 
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Gear Face Width. ‘The effective worm-gear face width varies 
with the nominal pitch diameter of the worm and the depth of 
thread. Thesformula for gear face given in the table of gear 
dimensions is based on the maximum effective face of the worm 
gear being the length of a tangent to the mean worm circle be- 
tween the points where it is intersected by the outside circle of 
the worm. Any additional face is of very little, if any, value and 
is of course wasteful of material. The sharp corners at the point 
where the gear face intersects the outside diameter should be re- 
moved by the use of a radius or chamfer as shown in Fig. 4. 
The size of this radius or chamfer is not critical but should be 
approximately equal to 0.25 times the axial pitch. 

Gear Outside Diameter. The gear outside diameter is not criti- 
cal and is usually made approximately equal to the throat diame- 
ter plus one addendum (0.5 addendum added to the throat. ra- 
dius). The resultant figure is then rounded out to the nearest 
‘/ig in. On low lead-angle, slow-speed gearing, this increment 
can be inereased to one and a half addendums added to the 
throat diameter but this should never be exceeded and this latter 
amount should not be applied to gears with helix angles exceeding 
15 deg. 


TABULATED Data 
The nomenclature, Table 1, which follows, gives suggested sym- 
bols for worm and gear dimensions and, based on the foregoing, the 


TABLE | RECOMMENDED NOMENCLATURE 


addendum, in. 

center distance, in 

clearance, in. 

nominal pitch diameter of worm, in. 
outside diameter of worm, in. 

root diameter of worm, in. 

pitch diameter of gear in central plane, in. 
outside diameter of gear, in. 

throat diameter of gear, in. 
working-depth diameter of gear in central plane, in. 
face width of worm (length), in. 
effective face width of gear, in. 

working depth, in. 

whole depth, in. 

lead, in. 

number of teeth in gear 

number of threads in worm 

normal circular pitch of worm and gear, in. 
axial pitch of worm, in. 

worm pitch diameter quotient 

gear gorge radius, in. 

lead angle of worm, deg 

helix angle of gear, deg 

normal pressure angle, deg 


author suggests the formulas for worm dimensions in Table 2, the 
formulas for gear dimensions in Table 3, and the formulas for 
dimensions applying to both worm and gear in Table 4. These 
would be a good basis for a worm-gear standard that would con- 


form to the best modern practice. For convenience, Table 5 lists 
the lead angles, recommended pressure angles, and normal pitches 
based on 1 in. axial pitch for worms with diameter quotients from 
2 to 8 and recommended numbers of threads from 1 to 8. The 
normal pitch of worms of other axial pitches with the same diame- 
ter quotient and number of threads will be in direct proportion 
and the lead angles, of course, will be the same regardless of pitch. 

Table 6 gives additional worm and gear data for worms of 1 in. 
axial pitch and various diameter quotients. Similar data for 
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TABLE 2 WORM DIMENSIONS 

8ym- 

Term bol 
Lead l 


Nominal d 
pitch 
diameter 


Remarks 


Formula 
Nw Pz 


Max = 0.53 (0.745C + pz) See recommended 


+ .395 Ny standard pitch di- 

— i 

or 1.67 + No ) ameters in Tables 5 
and 6 


Min = 0.51 (0.388C + pz) 


3.2 + .198 N, 
or ( ‘) 
1.6 + Ng 


Outside d + 2a 
diameter 


Minimum 
face 


See Table 5 for lead 
angles of standard 
worms 


Lead angle are tan 


arc tan : 


TABLE 3) GEAR DIMENSIONS 


Term Symbol Formula Remarks 


Pitch No Ds 
diameter D 


Throat 


diameter d+ 2a 


2C 

Round out to nearest '/s in. 

Max increment to be applied 
to low lead-angle gearing 
only 


Normal = Dy + a 
Max = Dy + 1.54 


Outside Do 
diameter 


Effective J 
face 


Helix angle arc tan Same as lead angle of worm 


TABLE 4 DIMENSIONS COMMON TO WORM AND GEAR 


Term Symbol Formula Remarks 


Normal  pres- 
sure angle. . o For lead angles below 30° 
For lead angles from 30 to 45° 
For lead angles below 30° 
For lead angles from 30 through 37° 
For lead angles from 38 to 45° 
For lead angles below 30° 
For lead angles from 30 through 37° 
For lead angles from 38 to 45° 


Addendum... 


Whole depth. 


For lead angles below 30° 
For lead angles from 30 through 37° 
For lead angles from 38 to 45° 


Working depth... 


Clearance For all lead angles 


Normal cireular 
pitch 


Center distance 
(nominal). . 


worms of other pitches will be in direct proportion. If the sys- 
tem of worm diameters based on diameter quotients were to be 
adopted in a design standard, a complete list of sixteen tables giv- 
ing these data for all the recommended pitches could be included 
as part of the standard. This would simplify the calculations for 
the design of worm-gear drives which conformed to the standard 
and would encourage its use. 


2 2 
oF 
Ve 
a= 
c= 
d 
is: d, = 
D, = 
dD, 
= 
rig f = 
4 = 
h, = 
l= 
N, 
Ny 
P, = 
Ps = 
q= 
a R, = 
0.550 pz 
0.450 pz 
= 
Pn Px cos or 
Pr cos 
| 
2 


TABLE 5 


LEAD ANGLES A, RECOMMENDED NORMAL PRESSURE ANGLE‘ 
OF 1 IN. AXIAL PITCH pz, AND VARIOUS D 


S¢, 
IAMETER QUO 


AND NORMAI 
1 


Cl 
MENTS 
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RCULAR PITCH pa, FOR WORMS 


WORM DIAMETER QUOTIENT "q" 


g 2 23 3 34 4 4a 5 53 6 64 7 72 & 
A} 93" | Page| | 49338] | 39394] 3% 08] | 29368] 29268) 29178 
9876 | 0.9920 | 0. | 0.9959 | 06 9968 | 0.9975 | 0.9980 | 0.9983 | 0.9986 | 0.9988] 0.9990} 0.9991) 0.9992 


14°17" 
0.9691 


17°39! 
0.9529 


11°59! 
0.9782 


10°19! 
0.9838 


0.9876 


8°3" 
0.9902 


7°15" 
0.9920 


6°361 
0.9934 


0.9944 


6°31 | 


0.9952 


0.9964 


20°54! 
0.9342 


25°31" 
0.9025 


17°39! 
0.9529 


13°26! 
0.9726 


15°16! 
0.9647 


11°59" 
0.9782 


10°%9' 
0.9822 


gos! 
0.9853 


7°46" 
0.9908 


8°21" 
0.989% 


0.9876 


7°15" 
0.9920 


0.9930 


26°59" 
0.8911 


32°29" 
0.8436 


23°0! 
0.9205 


17°39! 
0.9529 


19°59! 
0.9398 


0.9622 


14°17! 
0.9691 


13°2! 
0.9742 


10°19" 
0.9838 


11°5' 
0.9814 


11°59" 
0.9782 


9038! 
09859 


9° 38 
0.9876 


25° 


0.7232 


37°23! 
0.7946 


32°29! 
0.8436 


28°37! 
0.8778 


25°31 
0.9025 


23°0! 
0.9205 


20°54! 
0.9342 


19° 9! 
0. 


15°16! 
0.9647 


16°22" 
0.9545 


17°39" 
0.9529 


14°17) 
0.9691 


13°26! 
0.9726 


45°32" 
0.7005 


40°20! 
0.7623 


36°2! 
0.8087 


32°29! 
0.8436 


29°30! 
0.870% 


26°59! 
0.8911 


24°51" 
0.9074 


21°24 
0.9311 


19°59! 
0.9398 


23°0" 
0.9205 


18%5 
0.9469 


17°39! 
0.9529 


TABLE 6 WORM AND GEAR DIMENSIONS FOR 


1 IN. AXIAL PITCH, pz 


2 23 


3 33 


5 


53 


6 63 7 


32.000 3.500 


4.000 


4,500 


5.000 


5.500 


6.000 6,500 


8.000 


1.800 


4.100 
2.800 


2.300 


3.300 


5100 
3.800 


4.300 


4.800 


52300 5.800 


6.300 


2.960 
3-200 


72300 


34156 
3.700 


7.550 
6.350 


2.828 
34225 


8.550 
72350 


32017 
3.725 


2.450 
1.450 


2.950 
1.950 


1.414 
0.775 


1.565 
1.025 


32450 
2.450 


3-950 
22950 


1.830 
1.525 


1.703 
1.275 


4.450 
3450 


1.949 
1.775 


4.950 
3-950 


2.062 
2.025 


5450 
4.450 


2.168 
2.275 


52950 
4.950 


20269 
26525 


6.950 
50950 


6.450 
52450 


2.460 
32025 


2.366 
2.775 


7450 
6.450 


2.550 
34275 


70950 
6.950 


2.636 
34525 


8.450 
7.450 


2.720 
3-775 


= 
q 
Ph | | 0.9959 0.9968 
3 | 
Pn 
| | | | 
2-600 3.100 3.600 4.600 5.600 6.100 6.600 7.100 7.600 8.100 8.600 
Below a ° 0.300 
30° 0.600 
hy 0.650 
F,| 1-661 1.833 14990 2.135 2.272 2.400 2.522 2.638 2.750 2.857 3.059 
Rg} 4700 0.950 14200 146450 1.700 1.950 2.200 2.450 2.4700 2.950 3.450 
20550 32050 34550 4.050 4.550 5.050 5.550 6.050 6.550 7.050 8.050 
: From 4,/1.350 1.850 2.350 2.850 3.350 3.850 4.350 4.850 5.350 5.850 6.850 
30° a 0.275 
thru hy 0.550 
37° hy 0.600 
Fe} 1.581 16746 1.6897 2.037 2.168 2.291 2.408 2.520 2.627 2.729 2.924 
| 
Fron a, 
38° | 0.225 
to hy 0.450 ; 
45° he 0.500 
Re 7 
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CONCLUSION 


The author welcomes any comments or criticisms of the rec- 
ommendations and data contained in this paper, especially 
suggestions regarding standard worm diameters. As stated pre- 
viously, the author believes a standard as suggested in this paper 
is Jong overdue and will appreciate opinions from engineers and 
designers generally. 


Discussion 


Auuan H. Canpez.* The writer will confine his discussion to 
two items in worm standardization, namely, worm diameter, and 
thread proportions. 

In 1923 the American Gear Manufacturers’ Association adopted 
formulas and specifications for the design of standard worms in 
the general industrial range. It seems that this ““Recommended 
Practice’ was not widely accepted, but the experience of one 
machine-tool builder will be mentioned. 

The list of standard axial pitches was the same as in the present 
proposal. There was a formula for worm diameter based on 
pitch. Different numerical constants were suggested for one and 
two threads, and for three and four threads; that is, there were 
only two calculated values for worm diameter for each axial 
pitch. 

This old Recommended Practice was followed closely in lists of 
standard worms adopted as a company standard by the Gleason 
Works in 1926. There was one list for worms integral with shafts 
and a second list for worms of ‘“‘shell-type.’’ Each list had only 
one diameter for each axial pitch. There was a total of 160 of 
these “standard worms.” 

In the years since then we have acquired 52 worm-gear hobs for 
the worms so listed. During the same time, however, we have 
also designed and made at least twice as many “nonstandard” 
worms. 

For the design of fine-pitch worms, ASA B6.9-1950 lists fifteen 
standard values of lead angle in even degrees. This means fifteen 
possible worm diameters for each lead and results in geometrical 
similarity for worms of different pitch but having the same 
number of threads and same ratio of diameter to lead. 

The present proposal is to make the worm diameter equal to an 
integral number of half-axial pitches. This seems entirely prac- 
tical and desirable to the writer. It has the following welcome re- 
sults: 

(a) The worm diameter will be in round figures and will be de- 
termined definitely for the diameter ratio selected. 

(b) There will be geometrical similarity in worms of different 
pitch. 

It is not necessary to repeat the reasons for desiring geometri- 
cal similarity in the design of worms and worm gears. The writer 
wishes to say, however, that the similarity is equally desirable in 
the cutting tools used in worm manufacture. Therefore he ad- 
vocates making the nominal addendum and whole depth of the 
worm threads proportional to the normal circular pitch rather 
than to the axial pitch. 

Since it is proposed to tabulate the pressure angle of the cutter, 
normal circular pitch, and normal thread thickness for the various 
combinations of numbers of threads, axial pitch, and worm di- 
ameters—it seems as if corresponding values of addendum and 
whole depth also could be included. Then the basic form of « 
rack outline illustrating the constants in the thread proportions 
for worms would correspond closely to the similar relations in 
gear teeth, and the practical gain will be a further degree of 
standardization in the thread-cutting tools. 

? Design and Research Engineer, Gleason Works, Rochester. N. Y. 
Fellow ASME, (Retired June, 1953.) 
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GraNncer Davenport.’ The author is to be commended for 
publicizing this proposed worm-gear standard which is so badly 
needed by both manufacturers and users of worm gearing. 

Other types of gears, such as spurs, helicals, straight, and 
spiral bevels are well standardized today, but standardization of 
worms and gears in this country until now has been neglected, 
except within individual companies, largely because of differences 
in tooling methods from plant to plant. 

Under “Pressure Angle’ the author includes 14'/, deg but 
recommends its use be discouraged. In any new standard it 
would be better to omit mention of it altogether. 

Under ‘Tooth Proportions’ the writer disagrees with the 
author’s recommendations to use several different heights of 
tooth according to the lead angle, notwithstanding the arguments 
he advances to justify his position. The practice followed by some 
designers to base the standard full-depth tooth proportions on the 
axial pitch for low lead angles, and on the normal circular pitch 
only for high lead angles, is a carryover from the early days when 
almost all worms and gears were single-thread high reduction. 
Why continue such an obsolete system, when it is a simple matter 
to proportion all worm threads, regardless of lead angle, on the 
normal circular pitch and thus automatically obtain the ideal for 
all cases? 

A comparable situation exists in helical gearing, where it 
would likewise be possible to reduce the tooth height in the plane 
of rotation, as the helix angle increases. At one time this was 
done to some extent by using stub teeth, particularly for medium 
or high helix angles. But today it has become almost universal 
practice to base helical-tooth proportions on the normal circular 
pitch, regardless of helix angle. 

The same is true for the American Standard covering fine-pitch 
worm-gear design, ASA B6.9—-1950, mentioned by the author. 

In short, the writer sees no adequate reason for not proportion- 
ing coarse-pitch worm threads on the normal circular pitch, not- 
withstanding the preferred pitches are on even an axial-pitch 
basis. 

Under “Thread Form,’’ the author wisely avoids standardiza- 
tion on any specific shape. The writer suggests opening the 
paragraph dealing with thread form with the statement that it is 
not desirable or necessary to standardize on the thread form, in 
view of the several satisfactory types in use. However, it is 
essential that the thread forms of the worm and worm-gear hob 
coincide, as the author states. 

Under “Number of Threads,’’ the writer favors including 5 
threads, among those regularly used, because of its popularity. 
To omit 5 threads would restrict the designer unnecessarily. 

Referring to “Gear Ratio,”’ the author mentions the difference 
of opinion as to whether the number of teeth in the gear should 
bear a prime relation to the number of threads in the worm, the 
only exception being that the fly-tooled jobs should be primed to 
avoid indexing. A multiple-thread hob almost always contains 
appreciable errors from thread to thread, hence the desirability of 
priming the ratio regardless of whether fly-tooled or hobbed. 
While it may be desirable to point out controversial ideas in a 
proposed standard, it would be preferable in any final draft to 
take a definite stand on an issue, and under the circumstances it 
would be desirable to favor priming whenever possible. 

For brevity, the writer has not emphasized many excellent 
features of this proposed standard, such as the standard worm 
pitch diameters and the standard axial pitches. In general, he 
feels most enthusiastic about this project and hopes that this 
paper will stimulate interest and discussion leading to the 
formulation. of an early American Standard covering coarse- 
pitch worms and gears. 

*Chief Engineer, Gould & Eberhardt, Inc., Irvington, N. J. 
Mem. ASME. 
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C. B. Hamivron.* This comment relates to only one phase of 
the paper—the choice of basis for standardization of tooth propor- 
tions. The writer has heard some criticism of the choice of axial 
pitch as the preferred basis for tooth proportions (as against 
normal pitch) and wishes to express his opinion, based on 40 
years of gear engineering experience, in support of the author’s 
proposal. 

Tooth proportions, obviously, will be related to pitch. 
question is: which pitch—axial or normal? 

It is not rational to relate part of the range (according to lead 
angle) to axial and part to normal. It should be one or the 
other. 

The axial-pitch series already has been standardized for about a 
hundred years in practice, by the availability of leads on standard 
lathes, worm millers, and worm grinders, which run in multiples or 
round fractions (submultiples) of 1 in. This is by reason of 
change-gear ratios and lead screws. 


The 


With a variety of worm diameters, plus a variety of numbers of 
threads, being required to meet ordinary commercial use, it 
follows that for each stated axial pitch there will be an almost in- 
finite variety of normal pitches. Even with the restricted number 
of diameters suggested in the paper and a normal range of num- 
bers of threads, there would be 54 different normal pitches for 
each standard axial pitch. 

Because there is no mechanical restriction (like change gears) 
to hold designers to « few diameters, it may be years before di- 
ameters (and hence normal pitches) become really standardized. 
Right now anything will do for a normal pitch. 

Why then try to relate the tooth proportions, which we are 
trying to standardize, to an element (normal pitch) which at 
present has an infinite variability and which, even in the future, 
we can only hope to reduce to a reasonable selection? 

With this in view, the use of a “basic rack’’ as a means of com- 
parison or study of tooth proportions and form becomes meaning- 
less, because there would be, in truth, a very large number of basic 
racks, not even geometrically similar as to shape. Tooth form 
and curvature varies with the lead angle and method of genera- 
tion. 

There is no virtue or advantage in having a standard normal 
section on the hob, because the hob to cut a worm wheel must 
duplicate the worm in all particulars, starting with the axial pitch 
and the diameter. Other elements follow from those two. 

There is no reason to let the milling cutter, which is to produce 
the worm, dictate the choice of tooth proportion. Theoretically 
perhaps there should be one for each hob, but in practice the tip 
width and pressure angle are all that matter. Except with very 
high lead angles one just selects a cutter for these two and cuts 
to the depth required to produce the desired thread thickness. 

The writer therefore is entirely in agreement with the author’s 
proposed method of determining tooth proportions of worms. 

T. R. Ripsour. This paper furnishes an answer, or the 
basis for an answer, to a much needed and long felt want. The 
superstitions, and flights of faney presently 
governing the design of general-purpose worm gearing are well 
known to anyone connected with gear manufacture, yet attempts 
to standardize design have been resisted, primarily because of an 
erroneous feeling that this field was either negligible, unimportant, 
or should be covered by packaged units. 

The writer, although not fully in accord with some of the de- 
tails of this proposal, feels that industry could adopt it as is with 


malpractices, 


* President, Hamilton Gear and Machine Company, Ltd., Toronto, 
Ontario, Canada. Mem. ASME. Deceased, October 5, 1953. 

* Consulting Engineer, Otis Elevator Company, New York, N. Y. 
Mem. ASME 
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great benefit in the way of uniform practice, reduction of hob ex- 
pense, and improved performance. In fact, the writer would like 
to submit it to Sectional Committee B6 on the Standardization of 
Gears for consideration. 

The following comments primarily are intended as suggestions 
for the author’s consideration, that might make the proposed 
standard even more acceptable for adoption and general use. It 
is hoped that they will promote discussion and establish the 
author’s reasoning or experience. However, let it be remembered 
that the writer would “go along”’ if the reviewing Standards Com- 
mittee decides that it is satisfactory ‘‘as is.’’ 

The author's approach to determining worm diameters is as 
novel as it is logical. Its practicability depends on the accuracy 
of the power-capacity determination with respect to the variable 
of pitch diameter. It is hoped that the capacity was determined 
by the allowable load for wear according to the formulas given in 
British Standard Specification—721. 

For complete design information this proposed standard 
should include limits for the worm deflection. The usual prac- 
tice is a maximum value that is a function of the worm diameter 
but it is felt that a more logical approach would be to use pitch or 
thread depth. 

The desirability of including formulas for maximum and 
minimum pitch diameters inthe standard itself is questionable, for 
some designers are sure to use an irrational value determined from 
the minimum formula instead of rational values based on even or 
half-number diameter quotients from the table. It is suggested 
that the table of formulas give pitch diameter = g X axial 
pitch and list the preferred value for g. The maximum and 
minimum formulas can be given elsewhere as a reference. 

In view of the number and range of the suggested axial pitches 
the necessity of so many diameter-quotient values is questiona- 
ble. Values of 2, 2'/., 3, 4, 5, and 6 approximate a geometric 
series of 1.25 ratio and would seem to be adequate. Any value 
above 6 will result in impractical large diameters. 

While some means of establishing standard and uniform worm- 
pitch diameter is desirable, any known method of accomplishing 
These must be evaluated in the light of 
The writer presents for discussion his sole objec- 


this has disadvantages. 
requirements. 
tion to the system presented, 

The designer is required most frequently to establish gear 
proportions for centers previously established as an even or frac- 
tional number of inches. In order to suit this he must use either a 
nonstandard q value or nonstandard pitch unless those are 
juggled by trial and error and the resulting nominal centers 
modified to the required value. The writer's experience indicates 
that nonstandard q values will be the choice of the majority. 

In cases where the designer can establish the centers it is feared 
that he will also adopt nonstandard q values in order to use the 
more customary even or fractional numbers for the centers in 
order to avoid the use of a nonunderstood means of modifying 
the nominal value. 

Some years ago the writer unsuccessfully proposed the adoption 
of “diametral pitches’ for worm gearing which, when used with 
similar diameter quotients, eliminate the objections previously 
noted. It puts the design of worm gears on the same basis as 
spur gears, for 


n + N, 
2bDP 


Center distance = 


where n is the diameter quotient, and N, the number of gear 
teeth. 

The objection to this system is that the axial pitches are irra- 
tional decimals although this is not serious nowadays since 
modern equipment usuaily includes a full complement of change 


gears. 


= 
* 
‘i. 
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In addition to the previous recommendation for reducing the 
number of diameter quotients, it is felt that the number of pitches 
recommended also could well be reduced. 

The three addendum constants based on axial pitch seem to be 
reasonably satisfactory for the two proposed pressure angles. 
The writer is only too familiar with the storm of protest that will 
arise over the author’s proposal and therefore will not indicate 
another preference to confuse the issue further. 

Much effort has been wasted in attempts to standardize worm- 
thread forms. The author recognizes that this is unnecessary 
even if it were possible and is to be congratulated on his treatment 
of the subject. 

Despite present practice, establishing this minimum number of 
teeth on the basis of center distance is neither sound nor desirable 
particularly when two pressure angles are given. Why not in- 
clude the formula based on undercut? 

In the interests of simplifying the designer’s problem the writer 
suggests that a table be worked up of recommended numbers of 
teeth for each number of worm threads and a practical range of 
ratios from 4 to 80. This, incidentally, would establish’ the 
minimum number of teeth for a single thread worm as 40 which 
would taper off to 32 for an eight-thread worm. 

The writer is delighted with the fact that the author has not 
attempted to perpetuate the superstition (in the light of present- 
day hobs and hobbing machines) that the number of gear teeth 
must be prime to the number of threads. 

The author’s proposal for varying the centers to less than the 
nominal value to suit simple unitary or fractional values when re- 
quired meets the previously noted objections to the diameter 
quotient~axial pitch system outlined previously. However, it is 
the experience of the writer that few designers will be able to use 
this correctly or the nongear shop to produce to specifications for 
something highly unconventional in worm gears. 

Although contrary to American Standards practice for design 
standards, material recommendations unquestionably should be 
included. The justification for this lies in the fact that there is no 
applicable standard for a specialized application. The author is 
in an especially qualified position to make such recommendations. 

In conclusion, the writer hopes that he has been constructive in 
this discussion. If it is overly long, that may be attributed to a 
deep interest and enthusiasm for the proposal. 


W. A. Turtin.* As a member of a committee that has been 
discussing for a long time the subject of standardization of 
worms, the writer is moved to emphasize some of the points in 
this paper and also to report that others of its proposals have not 
turned out satisfactorily when tried in Great Britain. Since 1937 
there has been a British Standard Specification—721 on worm 
gears; this is being revised, and discussions have made it clear 
that something much more practical is both possible and neces- 
sary. 

Because of the flexibility of the generating principle with 
straight-edged cutting tools, there is no need to standardize spur, 
helical, or bevel gears; any generating tool can produce any one 
of a wide variety of gears as well as any other. Worm gearing 
is different because for every design of worm there must be a 
counterpart tool for generating the teeth of the mating worm 
wheel. In the absence of any list of standard worms, designs are 
multiplied without limit as experience in Great Britain has made 
only too painfully clear. 

The BSS—721 recommends thread proportions, but what seems 
now to be the most useful course is to give the drawing dimensions 
(outside diameter, root diameter, face width, and axial pitch) of 
every standard worm, so that no calculation is required, and to 


® Professor of Applied Mechanics, University of Sheffield, England. 
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state the range of throat diameter for a worm wheel of any number 
of teeth to mesh with any particular worm. Furthermore, the 
dimensions of standard worms must be fixed in such a way that 
every user of the system of standards may be assured positively 
that there is a standard worm for every possible application within 
the defined range of center distance and velocity ratio. There 
also must be a simple procedure, easily comprehended even by 
engineers with no knowledge of gearing, by which the appropriate 
standard worm for any application may be selected quickly. The 
aim should be to make it easier for a draftsman to determine 
dimensions of standard gears than any other gears. 

All a draftsman needs in order to show gears on his drawing are 
diameters and widths; a standard specification therefore should 
concentrate on presenting a procedure for determining these 
easily; details of the form of the worm threads need concern 
only the toolmaker and the gear producer, and even the informa- 
tion they need about any standard worm can be expressed briefly, 
if the basis of design is rational. 

Thread Form. It has been common in the past to specify varia- 
tions in worm-thread form according to the lead angle, and the 
author’s proposals are on this basis. However, there is no need 
for arbitrary grouping of thread forms if the worm is made as a 
helical gear conjugate to a standard normal rack, 

A worm may be defined by its outside diameter, number of 
threads, axial pitch, and the standard normal pitch of the 
standard rack to which it is conjugate. The British Standard 
rack is of 20-deg normal pressure angle, working depth equal to 
0.636 times the normal pitch, and full depth 0.716 times the nor- 
mal pitch. This gives satisfactory thread forms for any lead angle 
up to 45 deg, except that in certain cases the crest width is unde- 
sirably small. This difficulty is overcome by “topping’’ the 
threads of the few worms concerned by 0.05 times the normal 
pitch. 

Standard Normal Pitches. To cover all requirements the 
normal pitches of standard worms must be graded in steps of 
about 5 per cent. The combination of the standard “circular 
pitches’ and standard “diametral pitches’’ approximates fairly 
closely to this condition; the gaps ean be closed by a very few 
pitches not contained in any existing standard system. 

By adopting existing standard values for normal pitches, the 
system permits standard helical-gear hobs to be used for cutting 
worm threads in cases where the proportions of the worm and the 
capacity of available hobbing machines make the process applica- 
ble. 

Arial Pitches. No useful purpose is served by adopting 
standard values for axial pitches but they should be such that 
suitable numbers of teeth for lead-change gears of exact ratio for 
cutting and grinding the threads can be determined by inspection. 
(This has pitfalls. Thus an axial pitch of 1.311in. is acceptable 
because 

3x 19 X 23 


1311 = 
1000 


whereas an axial pitch of 1.310 in. demands a change wheel with 
131 teeth for the exact ratio.) 

Standard Worm Diameters. Outside diameters of worms must 
be standardized arbitrarily. A satisfactory system can be built 
on outside diameters equal to 209, 3.3, 3.7, 4.1, 4.5, 5.0, 5.5, and 6 
times the normal pitch. The larger multiples are not required 
with small numbers of threads; the smaller multiples are not re- 
quired for the larger numbers of threads. It is assumed that any 
number of threads up to 10 may be needed. 

On a system that has been worked out in full detail, the out- 
side diameter is the defining one; the root diameter is also speci- 
fied because the draftsman may need it, and because it is a meas- 
ure of the stiffness of the worm. 
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EAST—STANDARD DESIGN, INDUSTRIAL COARSE-PITCH CYLINDRICAL WORM GEARING 


The concept of pitch diameter is superfluous to the system and 
so no figure is given for it. 

Worm-Wheel Diameters. The possibility of covering all design 
requirements with a finite number of standard worms is entirely 
dependent on latitude in diameter of the worm wheel for any given 
number of teeth. 

On the system proposed, the throat diameter D, of the worm 
wheel may have any value that is 


a) reater ar 4 T 
un oP N 


and 


(b) less than (: 


where 
number of teeth in worm wheel 
axial pitch of worm 
normal pitch of worm 
The working center distance C of worm and worm wheel is 
given by 


C=. (d, + D,) — working depth = 2 (d, + D,) + clearance 


where 
d, = outside diameter of worm 
working depth = 0.636 p, except for a “topped’’ worm where 
it is 0.586 p, 
Clearance = 0.08 p, 


Selection of Standard Worm. On the basis of extensive experi- 
ence with worm gearing it is possible to formulate simple working 
rules for selecting dimensions. Given a center distance C and a 
desired velocity ratio R (with a few per cent tolerance) a reasona- 
ble procedure runs thus: 


1 Number of worm threads N,, is the nearest whole number to 
40/R. This is for normal duties. Where high load capacity is 
required in relation to center distance, or to avoid excessively 
small pitch, the next lower value of N,, may be used. For high- 
speed gears or to avoid excessively coarse pitch, a higher value of 
N,, may be used. 

2 Number of worm-wheel teeth N, is the nearest whole num- 
ber to 

3. Approximate root diameter d, of worm is 


d, = o(o + = 


unless FR is less than 6, when 


= (2 — 0.08 R) 
R+1 


d, 
4 Approximate lead (NV p,) of worm threads is 
L = 


5 The standard worm with values of L and d, most closely 
approximating those given by items 3 and 4 is now selected. 
This is not difficult if the standard worms with each number of 
threads are listed in order of lead with root diameters shown along- 
side. The other fundamental dimensions d,, p,, and p, also should 
be given. 

6 The value of ), corresponding to any tentatively selected 
worm is 


2c — d, — 0.16p, 


7 The range of permissible values of N, is 


D 
(=) 157" to (=) — 3.5 2 
Py Ps Ps 


8 An acceptable value of N, from the range offered by item 7 
is inserted in the expressions already given for the range of D, to 
confirm that the value of D, from item 6 lies in that range. 

On this basis, the draftsman may select a standard worm and 
be given the dimensions he requires by simple routine calculation. 
For each worm the standard list specifies the minimum face width 
fand the maximum face width F, for the mating worm wheel. 

Additional dimensions required in manufacturing the worm 
and the corresponding hob are 

Base diameter, d, = Ng 
V p2? pn? cos? 20° 


Lead angle \ at mid-depth is given by 


2N 


te 
un X x(d,+d,) 


Normal thread thickness is 0.557 p, at radial depth 0.4 p, from tip 
cylinder (or 0.35 p, in the case of “‘topped’’ worms). 

It is believed that this is about the simplest possible way of 
standardizing worms and presenting them for use by the non- 
specialist. It does involve considerable repetitive work in caleu- 
lating the dimensions of all the standard worms but, taking the 
long view, it is more economical and certainly more reliable for 
the whole field to be covered in a single effort once and for all than 
for every individual designer to be condemned to use formulas to 
calculate dimensions of standard worms one at a time. Deter- 
mination of dimensions by simply copying from a list is attractive 
and is the strongest possible inducement to use standard worms. 


AvuTuor’s CLosuRE 


Mr. Candee and Mr. Davenport both prefer to base the tooth 
depth on the normal pitch rather than the axial pitch recom- 
mended by the author. Mr. Hamilton upholds the author on 
this point and the reasons he gives for so doing coincide with 
those of the author. This is simply a difference of opinion as to 
the relative advantages of the two systems. 

The author agrees with Mr. Davenport that when a standard 
is written no mention should be made of 141/, deg pressure angle. 
Mr. Davenport also wishes five threads included in the standard 
number of threads. Although the author’s experience has been 
that this number is rarely used, there is no reason why it should 
not be included if the discusser’s company has found it desirable 
in the past. 

Mr. Davenport feels that prime ratios between worm and gear 
are practically essential whereas Mr. Rideout agrees with the 
author that either prime or even ratios give equally satisfactory 
results. Mr. Davenport gives as his reason the fact that there 
are always errors in indexing between the different leads in the 
hob and these should be allowed to wipe themselves out by using 
prime ratios. There are also errors in indexing between the worm 
threads, however, and if the ratio is prime, in every revolution of 
the gear these tend to mold a different group of teeth in the gear 
to match themselves until the worm is worn to the point where 
the indexing error in the worm is corrected. With even ratios 
each group of teeth in the gear mold themselves to suit the worm 
threads with which they mesh. 

Mr. Rideout questions whether the torque capacity was 
calculated from British Standard Specifieation—-721 for worm 
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gears. The formula in this standard for the allowable wear 
capacity was the one used. 

Mr. Rideout also believes this standard should include limits 
for worm deflection and worm and gear materials. The author 
feels these have no place here as this standard is only intended to 
cover tooth and thread design and standard worm diameters. 
This is in line with other tooth-form standards. In the author’s 
opinion, deflection and materials are machine-design problems 
which must be determined for each individual drive by the 
designer. 

Mr. Rideout suggests the tables list an unnecessarily large 
number of diameter quotients and also the standard pitches 
mentioned are too numerous and too close together. The author 
believes that if the pitches suggested are standardized there will 
be less chance of nonstandard pitches being used. The statement 
that any diameter quotient above 6 results in impractical large 
diameters is not correct. Many worms cannot be made integral 
with their shafts and when bored to suit the driving shaft, in many 
cases the pitch diameter must be made larger than six times the 
pitch. Mr. Rideout suggests that when the centers are known, 
the nearest standard pitch and diameter quotient to satisfy the 
ratio requirements cannot be obtained except by juggling and 
possibly adjusting the centers, The author sees no solution to 
this problem but it is no different to the adapting of standard 
pitches to centers and ratio requirements of other types of gear- 
ing. 

The author believes the irrational decimals which oecur in the 
axial pitch when diametral pitches are used are too much of a 
disadvantage to warrant considering their use as suggested by 
Mr. Rideout. 

Mr. Rideout’s objection to the table of minimum numbers of 
teeth is well taken but gears with these numbers of teeth on the 
centers shown are quite common and, when the pressure angles 
recommended are used, satisfactory, if not ideal, gears result. 
The formula for undercut might be added to the standard but the 
author’s experience has been that many satisfactory gears, both 
worm gears and other types, are undercut. 

Professor Tuplin’s outline of the proposed new British Standard 
is very interesting but there is such a wide divergence between 
the British approach to the standardization of worm gears and 
standards on this continent covering other types of gears that 
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for reasons of space it is impossible to comment on all points here. 
However, the author will comment on several details. 

The elimination of all reference to the worm pitch diameter 
does not seem to be desirable to the author. Admittedly, this 
diameter is of no use in producing the worm but it does require an 
entirely different way of thinking when designing worm gears by 
this method. One of the basic design details of all other types of 
gears is the pitch diameter and there seems no valid reason to 
design worm gears on an entirely different basis. This, in the 
author’s opinion, complicates the design of a worm-gear drive 
rather than simplifies it. 

The author sees no advantage in using standard normal pitches, 
especially as both diametral and circular pitches are used and a 
few odd ones thrown in to complete the series. Worm millers 
and grinders are always set up to the axial pitch or lead and the 
As practically no worms 


normal pitch may be any odd amount. 
can be cut with tools of similar normal pitch used for cutting 
other types of gears, there is no advantage from this standpoint. 

It is interesting to note the new British Standard recommends 
eight different approximate worm outside diameters for each 


pitch. However, since these approximate diameters must be 
varied slightly to make the axial pitches factorable, worms of 
different pitch and approximately the same proportionate 
diameters are not exactly so and are therefore not geometrically 
similar. To the author, this is a distinct disadvantage of 
standardizing on normal pitch. 

The formulas for limits of worm-wheel throat diameter are very 
interesting. When the throat diameter for gears of different 
numbers of teeth are caleulated by these formulas it is found that 
both minimum and maximum throat diameters for gears of less 
than 25 teeth result in the gear being long addendum. For gears 
with more than 25 teeth the minimum diameter results in a short 
addendum gear and the maximum diameter results in a long ad- 
dendum gear. The author’s opinion is that all worm gears 
should either be standard or short addendum in the interests of 
keeping the angle of recess greater than the angle of approach and 
also to facilitate the forming of a wedge of oil as the contact line 
between the worm and gear sweeps across the gear face. 

In conclusion, the author wishes to thank the discussers for 
their constructive criticism and believes that this indicates that a 
standard on this subject is urgently needed. 
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The Elastic-Fluid Centripetal Turbine 
for High Specific Outputs 


By RUDOLPH BIRMANN,' NEWTOWN, PA. 


The radial inward-flow (or centripetal) turbine for elastic 
fluids has been the subject of theoretical and experimental 
investigation by the author for the past 25 years, during 
which time a number of applications were made by his 
Company to steam and gas turbines—applications for 
which the centripetal turbine was found to be distinctly 
superior to the axial-flow type. In so far as is known, no 
other manufacturer used this type of turbine until recently, 
when several companies applied it to the construction of 
small gas turbines, and coincidental therewith several 
technical papers were written expounding its virtues. 
Judging from these applications and the published mate- 
rial, it would appear that the greatest merit of the centrip- 
etal turbine—which lies in the fact that it can be designed 
for specific outputs far exceeding those of the axial-flow 
wheel—still remains unrecognized. In this paper it will be 
shown, by the presentation of drawings, photographs, test 
results, and numerical examples, that the centripetal tur- 
bine can be designed to handle larger flows and higher 
enthalpy drops at higher rpm with better efficiency and 
lower stresses than the axial-flow turbine, and that be- 
cause very high specific outputs are thus made possible, it 


permits the solution of design problems which cannot be 
solved by the axial-flow wheel. 


NOMENCLATURE 

The following nomenclature is used in the paper: 
A annulus area 

c absolute velocity 
meridional velocity component 
mean flow annulus diameter 
acceleration of gravity 
head 
blade height 
revolutions per unit time 
power 
volume flow 
radius 
peripheral velocity 
relative velocity 
blade angle 
specific gravity 
difference 
admission 
efficiency 
density 
unit stress 
angular velocity 


! Consulting Engineer, De Laval Steam Turbine Company, Tren- 
ton, N. J. Mem. ASME. 

Contributed by the Gas Turbine Power Division and presented at 
the Spring Meeting, Columbus, Ohio, April 28-30, 1953, of Tue 
AMERICAN Socrery OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Janu- 
ary 22, 1953. Paper No. 53—S-16. 


Subscripts: 
0 = 
l= 
2= 

W = 


corresponding to the complete stage 
corresponding to the mean blade inlet diameter 
corresponding to the mean blade outlet diameter 
blade 

wheel 


INTRODUCTION 


In the water-turbine field, the centripetal turbine known as the 
“Francis’’ turbine —has been widely used for the past one-hundred 
years. In the field of turbines for elastic fluids, on the other 
hand, no counterpart of the Francis water turbine was conceived 
until 1928, when the author’s company undertook a study dealing 
with the possibility of such an application and soon thereafter 
constructed two different experimental units. 

From the beginning it was realized that for any given enthalpy 
drop a centripetal turbine can be built for low or high specific 
speeds, 
cated in Fig. l(a), is suitable for relatively low rpm and small 
flow—operating conditions for which an axial-flow turbine can 
readily be designed and quite often used to advantage. 


The low-specifie-speed version, diagrammatically indi- 


(Bh) SPECIFIC ~SP4LED 
CENTRIPETAL TURBINE 


(a) Low - SPECS 
CENTRIPETAL TURBINE 


Fig. 1(b) shows a high-specifie-speed version of the centripetal 
turbine. In this version it is capable of handling (for the same 
given enthalpy drop) larger flows than the axial-flow turbine and 
of operating at higher rpm and with lower stresses. Even the 
early theoretical analysis of 1928, the findings of which were con- 
firmed by the subsequent experimental development work, clearly 
brought out the afore-mentioned advantages of the high-specific- 
speed version of the centripetal turbine, and led to the concentra- 
tion of the company’s development effort on this version. 

This paper constitutes a review of the various aspects of this 
development and, because of the as yet little appreciated unique 
advantages of the high-specific-speed version, does not go into the 
much less useful low-specific-speed type, better known because 
recently it has been given some attention in technical papers. 


Neep ror INcreAseD Speciric Ourreut, Wuicu Lev to Incep- 
TION OF TURBINE 


The contributions to the art of elastic-fluid turbine design made 
by Dr. De Laval, Curtis, Rateau, Parsons, and others, gave the 
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turbine designer a wide variety of axial-flow turbine types from 
which to choose. These were sufficient for his needs during the 
early period of the evolution of the steam and gas turbines. The 
need to effect economy in manufacture and to achieve better 
over-all turbine efficiencies, less bulky and lighter-weight units, 
and in a great many instances the requirements of the units to be 
driven by these turbines, gradually led to higher and higher rpm. 
At the same time, some of these considerations also led to the re- 
quirement for a reduced number of turbine stages, which called 
for an increase in peripheral blade speeds. 

For any type of turbine, increasing the rpm reduces the rotor 
dimensions, including the exit annulus area available for the flow 
Increasing the peripheral blade speed calls for a still further in- 
crease in rpm and increases the stresses in the turbine blades and 
hub. Since flow considerations fix the annulus area and the 
strength of the materials limits the allowable stresses, the turbine 
designer, in his quest for larger outputs at higher rpm, is con- 
fronted with definite basic limitations beyond which the conven- 
tional axial-flow turbine will not let him go. The high-specific- 
speed centripetal turbine greatly extends these limitations by 
being capable of a substantially increased specific output, which 
means that for given stresses it can handle larger flows and in- 
creased enthalpy drops at higher rpm with better efficiency. 


TneoreticaL Aspects or Hicu-Sreciric-Speep CENTRIPETAL 
TURBINE 


(a) Efficiency. For the same volume flow and comparable op- 
erating conditions, experience has shown that the efficiency of 
the high-specific-speed centripetal turbine is higher than that of the 
axial-flow type. There are several theoretical reasons for this 
difference, which are briefly summarized in the following, and 
which also explain the reasons why surprisingly high efficiencies 
have been recorded by others for centripetal turbine wheels of the 
low-specific-speed type, even though aerodynamically they were 
no more than crude blower ‘“‘paddle wheels.”’ 

1 For any turbine, the head //, in terms of which the output is 
measured, can be expressed as 


+ 


2Qy 


which simply means that the turbine output is the sum of the 
changes of the kinetic energies of the absolute velocities, the rela- 
tive velocities, and the peripheral velocities. 

In an axial-flow turbine the term A(u?/2g) is zero, because 
there is no change in peripheral velocity between the inlet and 
outlet. In a centripetal turbine this term is an appreciable per- 
centage of the total kinetic energies involved. In the case of a 
high-specific-speed centripetal turbine, as illustrated in Fig. 1(b) 
and Fig. 2, A(u*®/2g) is large along a hub streamline but small 
along a tip streamline. The average A(u*/2g), nevertheless, is 
still a substantial percentage of the sum of the kinetic energies 
involved. All losses which occur in the flow through the turbine 
arise from the velocities of the flow relative to the stationary and 
rotating turbine blades, and from the change these blades cause 
in the magnitude and direction of the velocities. These losses 
usually are computed by the use of curves derived from experi- 
ence, showing them as functions of angles of incidence, turning 
angles, blade Reynolds numbers, Mach numbers, blade aspect 
ratios, blade lift coefficients, and so on. The peripheral velocity 
of the flow is not associated directly with velocities relative to 
either stationary or rotating blade surfaces. A change in the 
peripheral velocity of the flow, therefore, does not involve losses 
other than those which already are charged against the relative or 
absolute flow. The A(u?/2g) term in the head output equation is 
therefore loss-free, and it ean be seen readily that in a centripetal 
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wheel, where A(u?/2g) is an appreciable percentage of the ener- 
gies involved, the efficiency is higher than that in an axial-flow 
wheel. 

2 The camber of the blades, or the total turning of the relative 
velocity through the blade passages, is less in the centripetal 
turbine wheel than it is in the axial-flow wheel designed for the 
same operating conditions. The losses associated with turning 
are therefore correspondingly less. 

3 The numerical values of all absolute and relative velocity 
components are less, and therefore the Mach numbers are lower 
in the centripetal wheel, resulting in reduced losses. 

4 The centripetal wheel has only a few wide blades, compared 
with several times as many narrow blades in the axial-flow tur- 
bine. This means that the centripetal turbine operates with a 
much more favorable Reynolds number, which has an important 
bearing on the efficiency, as is well illustrated by the results of 
B. Eckert’s experimental research work.? 

5 Beeause of the long blades in a high-specific-speed axial-flow 
turbine, the flow in the vicinity of the inside diameter of the 
blade annulus invariably operates with a relatively unfavorable 
u; /¢y ratio, which for the innermost portion of the flow reflects in 
high leaving losses and therefore in low stage efficiency. In the 
centripetal wheel, all flow particles regardless of the location of 
the stream surfaces on which they travel—operate with the same 
or very nearly the same u/co ratio, and therefore with about the 
same efficiency, which reflects in uniformity of the kinetic 
energy in the exhaust throughout the radial extent of the exit 
annulus. 

6 Recovery of the kinetic energy in the exhaust of a high- 
<pecific-output centripetal turbine, by means of an exhaust dif- 
fuser, increases the output of the turbine by virtue of increasing 
its efficiency (defined as ratio of output to theoretical power, com- 
puted on the basis of adiabatic enthalpy drop from the conditions 
at the turbine inlet flange to the pressure at the turbine exhaust 
flange). In an axial-flow turbine, designed for comparable flow 
and operating conditions, similar use of a diffusing passage at the 
outlet of the turbine has been found to be much less efficient be- 
cause of the high nonuniformity of the leaving kinetic energy 
throughout the radial depth of the discharge annulus. 

(b) Blade Configuration and Blade Cooling. For the low-spe- 


?"‘Summary of the Results of Research on Axial Flow Compressors 
at the Stuttgart Research Institute for Automobiles and Engines,” by 
B. Eckert, Wright Aeronautical Corp. Engineering Translation No. 
22, Part A. 
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cific-speed centripetal turbine, Fig. 1(a), there is very little choice 
in the configuration of the blades; therefore they usually are 
made as simple radial paddles throughout their outermost por- 
tions and provided with curved sections close to the center, in the 
vicinity of the discharge, so as to change the direction of the 
relative flow from purely meridional to one that gives a driving 
effect on the wheel. Even such simple blades have given good 
efficiency, a fact which is largely due to reasons (1 to 4) just 
described. In the high-specifie-speed version of the centripetal 
turbine, the afore-described simple paddle shapes of the blades 
result in poor performance, because they make it impossible to 
mect the aerodynamic requirements for good efficiency, such as 
radial stability of the flow and uniform work input along all 
stream surfaces. The blades of the Birmann wheel, therefore, are 
shaped to provide for suitable blade profiles (usually with uni- 
formly curved mean lines) on all stream surfaces. 

The first high-specific-output centripetal-turbine wheels were 
made by milling the blades, integral with their hubs, from solid 
forgings. For this purpose a generating process was evolved 
which left little freedom in the choice of the blade shapes, to the 
extent that in some instances the resulting blades were aerody- 
namically unsatisfactory. Measurements in those instances 
showed that some of the flow discharging over the outermost ex- 
tent of the blade exit annulus was re-entering the blade passages 
near the hub, and that this backflow phenomenon adversely af- 
fected the turbine efficiency. 

More recent manufacturing methods and refined aerodynamic 
treatment of the blades have led to improvements in their shapes. 
The newer blades are designed to meet all requirements for radial 
flow equilibrium and at the same time to possess the proper varia- 
tion of the blade angles along the entire extent of their inlet 
edges, to result in shockless entrance throughout. Fig. 2 shows 
the tip and base blade profiles of «a modern high-specific-output 
centripetal turbine. From this it ean be seen that there is a con- 
siderable variation of angles and profiles, to properly suit the flow 
conditions occurring along the various stream surfaces. 

Modern axial-flow turbines, with large blade-length-to-mean- 
diameter ratios, are also designed to meet the requirements for 
radial flow equilibrium. This design objective cannot be ac- 
complished, however, by retaining a purely radial blade struc- 
ture, as it can in the high-specific-speed centripetal turbine. 
Therefore, in the latter, bending stresses can be eliminated and a 
stronger blade structure achieved. An even much more impor- 
tant factor in reducing blade stresses is the much larger taper 
from blade tip to blade base—in the high-specifie-speed cen- 
tripetal turbine, compared with an equivalent axial-flow turbine. 

The high-specific-speed centripetal turbine is characterized by 
the low number of blades, compared with the axial-flow turbine— 
20 to 25, compared to 75 to 150. Even though the number of 
blades is low, they are sufficiently wide in axial direction to 
permit the aerodynamic loading to be held to the conservative 
values necessary for maximum efficiency. 

The low number of blades provides for the space around the hub 
necessary to accommodate thick blade base profiles. Since the 
tip profile is extremely slender, a very large blade taper ratio 
(ratio of tip profile area to base profile area }—such as 1:10, or even 
more is achieved. The narrow blades of the axial-flow turbine 
cannot be given anywhere near as great a taper without either 
using lift coefficients which are too high or incurring a choking 
condition near the blade bases. 

The very large taper ratio of the blades of the high-specific- 
speed centripetal turbine also makes it possible to air-cool the 
blades in an unusually simple but nevertheless effective manner. 
Details of this blade-cooling arrangement are given in connection 
with the description of the aircraft exhaust-gas turbine, in sec- 
tion fe) under Typical Examples of the High-Specifie-Speed Cen- 


BIRMANN--ELASTIC-FLUID CENTRIPETAL TURBINE FOR HIGH SPECIFIC OUTPUTS 


- and Engineering Bulletin No. 20, Sept. 25, 1939. 


175 


tripetal Turbine, where it is shown that the blade bases are pro- 
vided with cooling-air passages having internally-extended heat- 
transfer surfaces. Tests have shown that by virtue of the ex- 
tremely large taper ratio of the blades a large flow of heat is con- 
ducted through the blades to the internal passage surfaces, from 
which this heat flow is transferred to the cooling air. 

(c) Specific Speed. The specific-speed conception is a tool, very 
useful in the field of water turbines and pumps, where it has long 
been in use. Specific speed is a dimensionless number relating 
all operating conditions (n, H, and Q) in such a manner that for 
any one value of specific speed similar flow conditions oceur in 
geometrically similar turbomachinery. 

The two most commonly used expressions for specific speed 


nVQ 


are 


” 


n VP 


Specific speed also has been used for a long time to classify 
water turbines. For example, if the operating conditions are such 
that a very low specific speed is obtained, the Pelton wheel is 
used; in the medium-specific-speed range a Francis turbine gives 
the best efficiency; in the high-specific-speed range the use of a 
Kaplan or propeller turbine is indicated. 

In somewhat the same manner elastic-fluid turbines could be 
classified, as indeed has been advocated recently. This was done 
by the author’s Company as long ago as during the initial period 
of development of the centripetal wheel, and at that time a serious 
incongruity with regard to the centrifugal stresses in water tur- 
bines and those ir gas turbines immediately became apparent. 
Because of the low peripheral speed of water turbines, centrifugal 
stresses do not concern the designer, whereas in gas turbines 
such stresses are the crucial design factor, quite frequently making 
it impossible to obtain desired values of specific speed, which 
otherwise could be obtained readily if operating conditions were 
all that must be considered. 

During the afore-mentioned early company study of the specific- 
speed picture for steam and gas turbines, an attempt was made 
to take care of the stress situation by arbitrarily correcting the 
specific speeds of all turbine rotors to a common stress level of 
20,000 psi. While this correction permits a more equitable com- 
parison, it makes the resulting expression no longer an expression 
for true specific speed in the purely hydraulic sense. For the 
purpose of evaluating the specific speed of various turbines, it 
was found convenient to transform the specifie-speed expression 


into the following form‘ 


Uy L sin 
n, = 259.5 ( 

Co Dy 
The results of the Company’s early specific-speed study are re- 
produced in Fig. 3, which shows a number of different axial-flow 
and centripetal turbine rotors actually built, and a double-flow 
centripetal wheel projected at that time, drawn to the scale 
3*Fluid Mechanics of Turbomachinery,” by G. F. Wislicenus, 
McGraw-Hill Book Company, Inc., New York, N. Y., 1947, part IL, 


chapter 2. 
4 The details of the simple transformation can be found in ‘‘Speeifie 
Speed of the Steam Turbine,”’ by A. M. G. Moody, De Laval Sales 
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shown on the ordinate and each positioned in its respective place 
on the specifie-speed abscissa. It will be noted that the specific 
speeds (corrected for stress) of the centripetal wheels shown on 
the chart are far higher than those of the conventional axial-flow 
wheels listed. At first glance this is rather an astonishing fact, 
because it is well known from water-turbine design that the 
apecific speed of an axial-flow water turbine (Kaplan turbine) is 
higher than that of a centripetal water turbine (Francis turbine). 
This situation in the water-turbine field has misled some ob- 
servers into believing that the centripetal turbine for elastic 
fluids cannot be built with specific speeds as high as those of the 
axial-flow type. In reality, design experience has shown that this 
is not the case, chiefly because the centripetal turbine can be given 
a much larger exit-blade-length-to-mean-diameter ratio and for a 
given stress level can be operated at higher rpm. 

This design experience illustrates why the specific-speed con- 
cept, in connection with elastic-fluid turbines, does not permit 
the rational comparison of different turbine types in the same 
manner that it serves to classify different water turbines. There 
are many reasons for this fact, which lack of space prevents dis- 
cussing here. At best, specific spéed can be used to compare 
elastic-fluid turbines of one and the same type—such as a high or 
low-specific-speed axial-flow turbine, or a high or low-specific- 
speed centripetal turbine. For the purpose of comparing different 
types of gas-turbine wheels or stages, and judging their merits for 
any contemplated application, the concepts of ‘‘specifie flow,’’ 
“specific head,” and ‘“‘specific output,”’ discussed in the following 
section, are introduced. 

(d) Specifie Output. High-specific-speed centripetal turbines 
in a wide variety were actually built and tested during the past 25 
years. Typicai examples of these are presented in the next sec- 
tion of this paper. In almost all instances the design studies 
which were made, preparatory to the actual design of the units, 
included comparisons with the axial-flow turbine. Invariably, 
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these comparisons showed that for the same blade and rotor hub 
stresses the high-specific-speed centripetal turbine was capable of 
a greater output than’ the axial-flow type, which means that it 
would handle more flow and a higher enthalpy drop at a higher 
rpm. 

Achieving the maximum output in a large-volume-flow single- 
stage turbine and in the last stage of a multistage turbine is the 
most important and most difficult problem faced by the designer. 
In this work he must consider and properly balance a much larger 
number of factors than must be considered by the water-turbine 
designer, whose task is further lightened because he has the 
benefit of the specific-speed conception, giving him immediately 
the type and the general proportions of the optimum turbine de- 
sign for any fixed operating conditions. 

It would obviously be helpful to the elastic-fluid turbine de- 
signer if he had a similar nondimensional relationship between 
the factors that he must consider. For the purpose of evolving 
this nondimensional relationship, the blade stresses and wheel 
stresses are measured in terms of the radii—called “reference 
ring radii’’—-of thin rings made from identical materials, rotating 
at the rpm of the turbine, and having a stress equal to the maxi- 
mum blade stresses (in the case of the blades) and a stress equal 
to the average tangential stress (in the case of the complete 
wheel). The reference ring radii are 


Rs 


for blades, and 


for the wheel. 
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The volume flow Q can be expressed as 


Q = = Art Cm2/Co 
where Qs is the nondimensional specific flow 
Ar Ri Cma/co 
Rw 


The stage head H can be expressed as 


Qs 


Co? 2 1 
H = - = - = H 
292g 


where Hg is the nondimensional specific head 


R, 1 
H,; = —— 
(= (u;/co)? 
Using the foregoing relationships, the output P becomes 
P = = 1/2nQsH y* 


In this expression the group of nondimensional terms is the 
specific output 


Ps = 1/2nQsH 
Ps can therefore be written as 
P 


8 


or, by using the foregoing definition for the specific head and the 
specific flow, it also can be written as 


A, 
Ps, = — {| — 
Rs? i=) 
The design of a large-volume-flow stage is usvally based on pre- 
scribed allowable wheel and blade stresses and on fixed values of 


ui /co and ¢,,,/ce, for which the designer knows that the desired tur- 


bine efficiency will be obtained. If these velocity ratios are the 
same, any difference in the efficiency that can be obtained is pri- 
marily caused by differences in Reynolds number and Mach 
number. While this difference may be substantia] in an absolute 
sense, for a comparison of specific outputs it is overshadowed by 
other factors to the extent that it can be neglected. 

For the purpose of comparing different types and different 
designs of turbines, the u,/co and ¢,,,/c ratios, as well as the 
efficiencies, can therefore be taken as constant. If this is done, 
the expressions for Qs, Hs, and Ps can be reduced to 


From this form it will be noted that the output of a turbine and 
the flow and head it can handle depend solely on the ratio of its 
outlet annulus area to the square of its blade reference ring 
radius, and on the ratio of its inlet radius to the wheel reference 
ring radius. The larger these ratios, the larger the volume flow, 
the head, and the output, 

It should be clearly borne in mind that specific flow, specific 
head, and specific output are dimensionless numbers which are 
characteristic of the design of the turbine wheel and are independ- 
ent of its size. In other words, the values of the specific charae- 
teristic numbers of a given design—that is, fixed blade taper ratio, 
wheel proportions, and so on—always remain the same, regard- 
less of the absolute size of the wheel. The absolute size, and 
the rpm pertaining thereto, can be made to suit whatever abso- 
lute output is desired or absolute flow required. 

The derivation of the size factor which permits the determina- 
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tion of the absolute wheel dimensions from its nondimensional 
characteristic numbers, in such a manner that the turbine will 
give a definite output or handle a definite flow, is accomplished 
by a simple manipulation of the expressions given in the fore- 
going, which will not be presented here because of lack of space. 

To illustrate the use of the afore-discussed dimensionless charac- 
teristic numbers for the comparison of different designs and dif- 
ferent types of turbine wheels, the chart shown in Fig. 4 has been 
prepared. For the preparation of Fig. 4, five different axial-flow 
turbine wheels and three different centripetal turbine wheels, on 
which the necessary complete design information was available, 
were selected as examples of high-specific-output turbines of the 
two different types. Fig. 4 shows small-scale drawings of these 
turbine wheels, each properly positioned on a scale of relative 
head. The positioning of the turbine wheels on this scale gives a 
direct comparison of the head or stage enthalpy drop with which 
each is capable of operating under conditions of identical blade or 
wheel stresses (whichever is the larger) and at the same u/c» and 
<mo/Co ratios. The same wheels, on the same relative head scale, 
are shown twice. The sizes of the wheels in the lower half of the 
«hart have been so proportioned that they all handle the same 
outlet volume flow, whereas the sizes of the wheels in the upper 
half of the chart have been so proportioned that all turbine 
wheels have the same power output under conditions of equal 
stresses and equal outlet density of the medium handled. In both 
equal-output and equal-volume flow representations, a horizontal 
line is drawn from each wheel, terminating on a scale of relative 
speed, so that the speed of each wheel (relative to that of all 
others) can be read. 

The tabulation in the center of Fig. 4 lists the significant non- 
dimensional characteristic numbers for each wheel—namely, the 
specific flow, the specific head, and the specific output, directly 
under the wheel designation. 

_ From the data in Fig. 4 it will be noted that the centripetal 
wheels are smaller in size, operate at much higher rpm, and are 
capable of handling a much higher head (while operating at the 
same t/¢, the same c,,,/co, and the same blade and/or wheel 


stresses), to the extent that they can handle, in a single stage, an 
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enthalpy drop for which two or three axial-flow wheels are neces- 
sary. 

CENTRIPETAL 
TURBINE 

(a) The First Test Turbine. For the purpose of thoroughly 


exploring the performance and operating characteristics of the 
Birmann high-specific-speed centripetal turbine, the single-stage 
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steam turbine shown in the sectional drawing, Fig. 5, and the 
photograph, Fig. 6, was designed by the author’s Company early in 
the 1930’s. The tip diameter was 13.2 in. at the inlet of the tur- 
bine blade, and 11.6 in. at the outlet. The turbine was designed 
for a normal operating speed of 25,000 rpm. The rotor blades 
formed an integral part with the hub, the blades having been 
machined from the solid rotor forging by means of a special gen- 
erating process. This generating process represented definite 
limitations with regard to the obtainable blade shapes. The de- 
sign of the blades was therefore based chiefly on providing an inlet 
angle of 90 deg along the entire inlet edge and a suitable variation 
of the outlet angles, and on fairing in smoothly between the blade 
inlet and outlet edges. No attempt was made to go into more ad- 
vanced aerodynamic treatment by investigating aerodynamic 
loading of and load distribution on the blades, orthogonal flow 
equilibrium, and so on. These and similar problems were not in- 
vestigated until much more recently, with the result that signifi- 
cant improvement in performance is now being obtained. The 
tests nevertheless showed that the turbine efficiencies exceeded 
those obtainable with axial-flow turbines of those early days de- 
signed for the same steam conditions. 

This research unit was subjected to an exhaustive series of 
tests, during which the steam flow was measured carefully by 
weighing the condensate, and the output of the turbine—which 
amounted to a maximum of approximately 600 hp—was absorbed 
by a water brake or a generator, depending on the load. The 
losses in the reduction gear and the turbine bearings were meas- 
ured in separate tests, so that the actual horsepower developed 
by the turbine could be determined. A composite picture of the 


test results is presented in Fig. 7, which shows the turbine ef- 
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ficiency (defined as the ratio of shaft power to theoretical power, 
computed from total temperature and pressure at turbine inlet 
and static pressure at turbine discharge) plotted as function of 
Q/n, with u;/co as parameter. Contour lines of equal pressure 
ratios, from 3:1 to 9:1, are also shown. These test results illus- 
trate that the centripetal turbine is capable of handling very large 
flows at high rpm, and that at the same time it gives excellent 
efficiency, even at extremely high pressure ratios, 

(b) High-Specific-Speed Centripetal Turbine Solves an Unusual 
Compressor Drive Problem. Fig. 8 shows « sectional drawing and 
Fig. 9 an external view of a three-stage steam compressor directly 


Fie. 8 Lonarrupinat Section Steam Compressor, Directty Connectep To Two-Srace Tursine 
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Vic. 9 Exrernat View or Steam Compressor SHown tn Fic. 8 
connected to a two-stage turbine, with turbine and compressor 
arranged in a common housing. The compressor was designed to 
compress 20,000 Ib of steam per hr, from a pressure of 375 psig to 
625 psig. These high pressures would have made the windage too 
high, and, in view of the small compressor volume flow, the specific 
speed too low for the attainment of good efficiency with any de- 
sign speed lower than 25,000 rpm. The direetly connected steam 
turbine therefore had to operate at this high speed, at which it 
had to develop approximately 1000 bhp by the expansion of 
10,000 Ib of steam per hr, from 375 psig to 28 in. vacuum. This in- 
volved a volume flow, at the turbine outlet, of a magnitude which 
could not possibly be handled by an axial-flow turbine with ac- 
ceptable efficiency and/or reasonable rotor stresses 

The Birmann high-specific-speed centripetal turbine saved this 
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situation because it was a capable of handling the large volume 
flow efficiently. At the sme time this turbine made it possible to 
operate with the large enthalpy drop (from approximately 5 psig 
to 28 in. vacuum) in a single stage, so that the remainder of the 
total enthalpy drop—namely, the expansion from 375 psig to 5 
psig, where small volumes are involved—could be handled by a 
conventional axial-flow impulse stage. 

The unit was in regular service for a period of many years, and 
showed excellent performance. In particular, the Birmann tur- 
bine demonstrated that it was capable of a high specific output 
which could not be obtained with any other type of turbine. 

(c) High-Specific-Speed Centripetal Turbine Makes Possible 
Minimum Weight and Bulk ina Marine Propulsion Turbine. In 
1939 the Navy Department requested bids on two 2500-hp propul- 
sion turbines for the Navy submarine chaser PC-452. The author’s 
Company was awarded the contract on the basis of the evaluation 
made by the Navy Department, which took into consideration 
the weight of the turbines, their over-all dimensions, and their 
efficiency. The Company’s design study resulted in the choice of a 
compound turbine arrangement—that is, a high-pressure and a 
separate low-pressure turbine for each of the two propelling units. 
It also indicated that it was necessary to operate these turbines at 
no less than 15,000 rpm if the design target (with regard to bulk, 
weight, and efficiency) was to be met. This high speed ruled out 
the axial-flow wheel for the last stage of the low-pressure turbine, 
because this type is incapable of passing the large volume flows at 
such high rpm, without prohibitively low efficiency. Again, the 
high-specific-speed centripetal turbine came to the rescue, and 
was used not only in the last stage but also in the next-to-last 
stage of the low-pressure turbine, a sectional view of which is 
shown in Fig. 10, and a photograph in Fig. 11. This particular 
application of the high-specific-speed centripetal turbine made 
possible the attainment of a specific weight, for the complete unit, 
of only slightly over 3-lb-per-shaft horsepower, including the 
double reduction gear, turning gear, and other accessories. This 
specific weight is by far the lowest that has ever been achieved for 
a marine propelling steam turbine. 
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The units fully met the efficiency guarantees, and their small 
dimensions made it possible to accommodate them easily in the 
confined space of the slender hull. j 

(d) Automobile Exhaust Gas Turbine. In 1929 the construc- 
tion of the exhaust-gas-turbine-driven automobile-engine super- 
charger, shown in Figs. 12 and 13,7 was undertaken by the author. 
This unit was subjected to approximately 14,000 miles of road test- 
ing during the succeeding 2 years. From the sectional drawing, 
Fig. 12, it will be noted that the centripetal turbine rotor was con- 
structed integral with the impeller, by machining the turbine 
blades directly out of the back portion of the impeller. This simple 
construction, and the compact back-to-back arrangement of im- 
peller and turbine, would be impossible with an axial-flow turbine. 

The full speed of the unit was 50,000 rpm, at which speed the 
compressor, having a 5-in-diam impeller, produced a pressure ratio 
of 2:1, increasing the maximum power output to 160 per cent of that 
of the atmospheric-aspirated engine. Tests showed that in spite 
of the diminutive size of the combination turbine and compressor 
rotor, the component efficiencies were sufficiently high to permit 
attainment of a positive pressure difference—that is, higher com- 
pressor discharge pressure than turbine-inlet pressure—over a 
large range of engine loads and speeds. 

(e) High-Specific-Speed Exhaust Gas Turbines Driving Aircraft 
Engine Superchargers. Figs. 14 and 15 illustrate the design of the 
aircraft turbosuperchargers which during the war were produced 
by the Turbo Engineering Corporation for the Navy Bureau of 
Aeronautics. Construction of the first unit of this type was 
undertaken in 1937. The design of this early experimental unit 
was very similar to that shown in Fig. 14, but its capacity and alti- 
tude rating were smaller. On the basis of the test results ob- 
tained, the Bureau of Aeronautics awarded TEC the contract for 
the development of the unit shown in Fig. 14, and a substantial 
number of units eventually were built. These units were capable 
of maintaining sea-level pressure, up to altitudes of 42,000 ft, at 
the intake of the largest reciprocating engines in service during the 
war. Each of the units consisted of a two-stage mixed-flow com- 
pressor, operating up to 25,000 rpm and producing a pressure 
ratio of up to 7:1, driven by a centripetal turbine wheel mounted 
in an overhung fashion on the high-pressure end of the compressor 
shaft. 

In this particular application of the high-specific-output centrip- 
etal turbine it was unnecessary te achieve maximum possible 
turbine efficiency because of the large amounts of energy which 
are available to a turbine in the exhaust of a spark-ignition engine 
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operating at high altitude. The design objectives, therefore, were 
ruggedness, durability, light weight of the entire turbosuper- 
charger (brought about by the high turbine rpm and the resulting 
small dimensions) and the utilization of the turbine leaving veloc- 


ity to produce forward thrust. The centripetal turbine permitted 
these objectives to be fully attained. Under maximum operating 
conditions, one of thése turbosuperchargers not only served to 
supercharge the 2000-hp engine, but,it produced a forward thrust 
on the airplane which was in excess of its own weight. The tur- 
bine efficiency was high enough so that even at the altitude of 
42,000 ft the waste gate, which by-passed the exhaust gases 
directly to atmosphere, did not have to be closed completely. 
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(External view with turbine housing removed, showing high-s 
centripetal turbine wheel with air-cooling provisions. 


Turbine efficiency tests were conducted by the NACA and the 
test results presented in a Memorandum Report.’ These tests 
were carried to only 17,000 rpm—far below the 25,000 rpm maxi- 
mum speed of the turbine. Even without taking into account the 
fact that the turbine was designed to deliver a portion of its output 
in the form of forward thrust and the fact that it was capable of 
operating at a better 1/co ratio, the turbine efficiency (defined as 
ratio of shaft power to theoretical power, computed from total 
temperature and pressure at turbine inlet and static pressure at 
turbine discharge) was higher than that of any contemporary 
axial-flow exhaust gas turbine. 

That the foregoing objective of putting ruggedness and 
durability ahead of efficiency was achieved is indicated by the fact 
that not a single blade failure was ever experienced, either on the 
test stand or in flight service, which is in contrast to the numerous 
blade failures and the short life of axial-flow exhaust gas turbines 
used during the war. It also was illustrated by a 1000-hr en- 
durance test to which one of these superchargers was subjected, 
and which it passed with faultless operation at turbine inlet tem- 
peratures as high as 1800 F. Even today, after almost a decade 
of rapid gas-turbine development, this would be considered an ex- 

‘Efficiency of a Racial-Flow Exhaust-Gas Turbdésupercharger 
Turbine With a 12.75-Inch Tip Diameter,” by E. E. Coulter, R. G 


Larkin, and D. 8. Gabriel, NACA Memorandum Report E6F03, July. 
1946. 


3 
f \ 
= 
| 2 PAY, WS 
| 
pe 
‘4 
° 


BIRMANN—ELASTIC-FLUID CENTRIPETAL TURBINE FOR HIGH SPECIFIC OUTPUTS 183 


cellent performance. This excellent mechanical performance 
could not have been achieved without the effective turbine and 
rotor cooling which the centripetal turbine wheel permitted in- 
corporating into its blades. 

For cooling the turbine rotor, compressed air was bled off be- 
tween the first and second stages of the compressor and forced 
through the turbine rotor cooling passages. The initial portions 
of these cooling passages were formed as impeller passages, pick- 
ing up the cooling air from the back of the turbine wheel, com- 
pressing it, and forcing it through the cooling passages, located 
mostly in the blade root section and partly in the turbine hub and 
provided with extended heat-transfer surfaces. The cooling air 
was then discharged at the outlet face of the wheel, near its center, 
in such a manner that a turbine action was achieved. The cooling 
air was therefore involved in a power cycle consisting of com- 
pression, heating, and expansion—-a power cycle which, theoreti- 
cally at least, was capable of converting into shaft horsepower the 
heat absorbed by cooling. In practice it was found that the out- 
put was sufficient to balance all cooling-flow losses, so that this 
blade cooling could be achieved free of any penalty in turbine 
efficiency. 

(f) High-Specific-Speed Centripetal Turbine Applied to Jet-Pro- 
pulsion Power Plants. The favorable experience with the aircraft 
turbosupercharger, briefly described in the foregoing, led during 
World War II to the development by TEC of a relatively small 
jet-propulsion power plant, Fig. 16, under a Bureau of Aero- 
nautics contract. This unit was intended as a source of thrust, 


auxiliary to that of the reciprocating-engine-driven propeller. 
It was designed to be capable of operating at a maximum pre- 
turbine temperature of 1800 F. The air-cooling of the blades 
and rotor hub, so easily incorporated in the centripetal-type tur- 
bine wheel, made the handling of such high temperatures feasible. 


Because the production of the turbosupercharger was given 
priority, the development of the jet unit was not sufficiently 
rapid to permit testing a complete unit before activities at the 
TEC plant were curtailed at the end of the war, at which time 
only the component testing stage had beea reached. 

The design studies and experimental work conducted by THC 


clearly brought out the suitability of the centripetal turbine for 
application to aircraft gas-turbine service, where its inherent 
ability to handle large volume flows and large enthalpy drops with 
excellent efficiency at high rpm quite often make it preferable to 
the axial-flow turbine. 

A somewhat more modern version of the centripetal turbine 
incorporated in a jet-propulsion power plant is shown in Fig. 17. 

(9) High-Specific-Speed Centripetal Turbine for Diesel-Engine 
Exhaust Gas-Turbine Service. Several different sizes of turbo- 
superchargers for diesel engines have been constructed in the past 
1 years by the author’s Company. In the course of the develop- 
ment of these units it has been clearly demonstrated that the high- 
specific-speed centripetal turbine wheel is the ideal answer for 
this application for the following reasons: 

1 This turbine is capable of an rpm sufficiently high to bring 
the compressor driven by it into a specific speed range where 
maximum compressor efficiency can be obtained. An axial-flow 
turbine designed for the same flow and stress conditions would 
have to operate at lower rpm, which would result in a corre- 
spondingly lower specific speed of the compressor, thus preventing 
the attainment of maximum possible compressor efficiency. 

2 Under the particular flow and operating conditions en- 
countered in the service of exhaust gas turbines for diesel en- 
gines, distinctly higher turbine efficiency can be obtained with 
the centripetal turbine than is possible with the axial-flow type. 

3 The efficiency of the centripetal turbine, which in itself is 
high, can be further increased by the recovery of kinetic energy in 
the turbine exhaust through the use of an exhaust diffuser in the 
form of a simple conical duct. 

4 The centripetal turbine wheel, owing to its low number of 
husky blades, is far less delicate than the axial-flow wheel and 
better able to cope with the severe service of diesel-engine ex- 
haust gas operation. In addition thereto, it is cheaper to manu- 
facture. 

5 The turbine blades and turbine rotor hub can be cooled 
in a simple manner, similar to the one described for the aircraft 
exhaust gas turbines. This reduces the metal temperatures, 
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even under the extreme conditions of diesel-engine preturbine 
temperature encountered during engine overload conditions, to 
values which permit designing for virtually unlimited time to 
rupture, 

6 The inertia of the centripetal wheel is lower than that of an 
equivalent axial-flow wheel, which results in a more rapid change 
of turbosupercharger speed with a change in engine load. 

7 The stationary turbine nozzles, directing the flow into the 
centripetal wheel, can be arranged between parallel radial walls, 
which makes it practicable to provide for pivoting the guide 
vanes to adjust the nozzle areas and angles for matching the turbo- 
supercharger to the engine. 


The general arrangement of the flow path through the station- . 
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ary nozzles, the turbine blades, and the exhaust diffuser of all 
diesel-engine exhaust gas turbines of the author’s Company is 
shown in Fig. 2. Fig. 18 shows a typical high-specific-speed ex- 
haust gas turbine wheel, and Fig. 19 shows a typical turbine 
housing containing the adjustable nozzle guide vanes, which are 
mounted on the stationary turbine blade shroud ring. 


Discussion AND SUMMARY 


From the foregoing presentation of both the theoretical as- 
pects of the high-specific-output centripetal wheel and its prac- 
tical applications, it should be clear that if the flow and operating 
conditions are suitable the centripetal wheel can be used to con- 
siderable advantage in place of the axial-flow wheel. Its use is 
particularly indicated where the following drawbacks are not dis- 


advantages: 


1 It usually occupies a greater axial space than the axial-flow 
type 


134 
( 

as 


BIRMANN—ELASTIC-FLUID CENTRIPETAL TURBINE FOR HIGH SPECIFIC OUTPUTS 


2 The fact that the motive fluid must be made to approach 
the turbine blades radially inward can sometimes be used to ad- 
vantage (see description of automobile exhaust gas turbine), but 
more often it isa disadvantage in that it necessitates the arrange- 
ment of the stationary flow passeges outside of the turbine wheel, 
with the result that the unit becomes more bulky than it other- 
wise would be. 

3  Multistaging is not so simple as it is in the case of the axial- 
flow type. It can be done, as is illustrated by the design of the 
submarine-chaser turbine, Figs. 10 and 11, but the design is not 
in keeping with the simplicity of the single-stage centripetal wheel. 
For this reason its use is generally indicated for application to 
single-stage turbines, or to the last stage of a multistage turbine. 


Contrasted with these drawbacks, the high-specific-output 
centripetal turbine offers an impressive list of advantages over 
the axial-flow turbine. A recital of this list briefly summarizes 
the various points covered in detail in this paper: 


1 Capable of handling larger flows than the axial-flow tur- 
bine and/or of operating at higher rpm under conditions of equal 
rotor stresses. 

2 Capable of efficiently handling larger stage enthalpy drops. 

3 Higher turbine efficiency, because of: 

(a) The effect of expansion taking place against the centrifugal 
force. 

(b) Higher Reynolds number. 

(c) Lower Mach number. 

(d) Blades can be designed for balanced flow, while all-radial 
blade sections are maintained. 

(e) Excellent recovery, in a simple diffuser, of the kinetic energy 
leaving the turbine blades. 

4 Simpler and cheaper to manufacture and more rugged be- 
cause of the low number of blades and their configuratioa. 

5 Blades and hub can easily be made as a single piece, elimi- 
nating the age-old difficulties with blade fastenings. 

6 Lower moment of inertia, for more rapid acceleration. 

7 Blades and hub can be air-cooled effectively in a simple 
manner, permitting operation with very high gas temperatures, 
for which the strength of uncooled metal would be insufficient. 


Discussion 


O. W. Scuey® anp A. Ginsspura.* The author has presented a 
very interesting appraisal of the centripetal turbine, and it is quite 
apparent from his discussions that turbines of this type certainly 
have definite applications. 

He has indicated the trend in turbine design for gas-turbine 
engines where engine frontal area, high rotative speeds, high mass 
flows, and large output per stage are of prime importance. These 
turbines designed within limits of blade relative Mach number, 
reaction, and consideration of compressibility effects will require 
appreciable shroud contouring in the axial-radial or meridional 
plane. The turbine stage, however, will have an axial or near- 
axial inlet and exit. This is indicated by the author's proposed 
engine configuration in Fig. 17. The turbine may be considered 
as an axial-flow or centripetal, depending on one’s viewpoint. 
Regardless, there are definite aerodynamic problems associated 
with these high-output turbines. Blade stress may offer considera- 
ble difficulty, resulting in possible large blade-chord taper along 
the radius. Such a reduction in chord certainly will affect the 
aerodynamic-design concepts. High work-output requirements 
may necessitate designs utilizing other than conventional dia- 
gramming methods in order to achieve good efficiencies. Large 


* National Advisory Committee for Aeronautics, Lewis Flight Pro- 
pulsion Laboratory, Cleveland, Ohio. 


185 


amounts of shroud contouring in both stator and rotor will re- 
quire a more comprehensive development and use of three- 
dimensional-flow design techniques in order to achieve satisfac- 
tory turbine performance. 

A comparative study of an axial-flow turbine and a radial-inlet 
turbine for an aircraft-propulsion application has indicated that 
the axial-flow turbine would be lighter in weight and that the 
radial-inlet turbine offered no general advantages for cooling the 
blades and disk. Although heat-transfer coefficients are reduced, 
increases in wetted surface area to be cooled resulted in increased 
quantities of the cooling medium. Structural arrangement of 
blades, disk, and cooling passages also appear to be equally com- 
plex. 


C.R. Watcer.’ This paper brings forth clearly the principle of 
the centripetal type of turbine wheel, It is definitely explained 
that certain conditions of u/c and pressure ratio must exist to use 
this type of wheel effectively. 

This discussion will refer only briefly to some of the applications 
and result of studies with this type of wheel as used in a conven- 
tional] steam cycle. 

It was coincidental that at the time this type of wheel was being 
tested, the writer’s company was faced with a problem, the solu- 
tion of which would have been quite expensive and complicated 
without this new type of wheel. The problem, at that time, was 
to make available 20,000 lb of steam per hr at 600 psi for steam- 
testing a number of auxiliary turbines for the Navy with an exist- 
ing boiler plant limited to 390 psi. New boilers could not be ac- 
quired within the time available and reciprocating steam com- 
pressors were limited to about 10,000 Ib per hr. Being in the 
centrifugal-compressor business, we decided to build a centrifugal 
steam compressor and it was then found that the centripetal type 
of turbine wheel would permit direct drive which was not prac- 
tical with an axial-flow type of turbine, because of the desired 
operating speed of 25,000 rpm. The steam-flow passages were 
machined in a forging integral with the turbine shaft. Figs. 8 and 
9 of the paper illustrate the unit as built. It was in successful 
operation for several years. 

The second application, briefly mentioned in the paper, was for 
the propulsion machinery for Submarine Chaser PC-452. In this 
particular case the Navy specifications, based on existing hull de- 
signs, restricted the space for the propulsion machinery to such 
an extent that it is doubtful if any turbine of the customary type 
could have been designed satisfactorily. By the introduction of 
the centripetal type of wheel, the rotative speed could be raised 
safely to reduce the physical proportions, particularly of the low- 
pressure turbine, for the PC-452 consisted of one axial-flow wheel 
and two centripetal-type wheels operating in series, which, of 
course, meant that these two wheels would have to absorb the 
greater portion of the available enthalpy drop for the low-pressure 
turbine. The results of official trials demonstrated, without a 
doubt, the efficiency of this type of wheel when subjected to 
operation with variable Q and u/e which occur in a marine unit. 

With inlet conditions of 915 psia at 850 F total temperature, 
the result of four different load points yay be of interest. These 
are given in Table 1. Turbine revolutions were 14,972 with gear 
revolutions 450.. It is interesting to note that this complete unit 
with high-pressure and low-pressure turbines and double-reduc- 
tion gears weighed 9053 lb and the low-pressure rotor 500 Ib, 

After this unit was built, a study was made for a large unit de- 
veloping 7000 hp. This study disclosed that no material gain 
could be expected in cost, space, or weight, as compared with a 
standard axial-flow type of design. It also was found that with 
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a considerable increase in Q the desired speed increased the com- 
plexity of the low-pressure turbine, and the production of the 
turbine wheels themselves presented extraordinary difficulties 
with accompanying high tool cost. 

With present-day material, it is estimated that a wheel of this 
type can be made having a radial inlet diameter of 86 in. and ex- 
haust annulus of 25 sq ft. Operating at 3600 rpm such a wheel 
could pass 15 lb per see with enthalpy drop of 117 Btu and adia- 
batic efficiency of 85 per cent, or 30 Ib per see with enthalpy drop 
of 120 Btu with 80 per cent efficiency. A large wheel of this type 
would be extremely difficult to produce and with present ma- 
chine-tool equipment considerable compromises would have to be 
made in the vane shapes if the shaft, wheel, and blading were 
made from one forging. 

All studies this far indicate the correctness of the author’s con- 
clusion that this type of wheel is primarily applicable where con- 
ditions exist for single-stage operation as occurs in connection with 
yas turbines and superchargers. : 


G. F. Wisuicenus.* This paper reports on an imaginative de- 
parture from conventional practice in the field of gas and steam 
turbines. It is felt that contributions of this type are needed to 


meet constructively the increasing demands of the present and 
the immediate future. The author, as well as the company that 
sponsored most of the developments reported in the paper, are to 


be congratulated on their pioneering work in this field. 

The author is entirely correct in emphasizing the importance 
of mechanical design characteristics, since in the field of high- 
speed steam and gas turbines the mechanical limitations of de- 
sign and, in particular, of the speed of rotation override in many 
practical instances corresponding gas-dynamic considerations. 
The writer was particularly interested to find in this paper the 
familiar similarity considerations on turbomachinery extended to 
include stresses of rotating parts. Such similarity considerations 
regarding stresses have been used before by others—for example, 
at the Packard Aircraft Engine Division during the period from 
1945 to 1949. However, the present paper may well be the first or 
one of the first presentations of such similarity considerations in 
the American technical literature. For this reason it might have 
been advantageous to introduce this important subject in its 
simplest possible form—for example, by omitting the distinction 
between blade and wheel stresses. With this simplification, simi- 
larity considerations regarding mechanical stresses may be treated 
in precisely the same manner as those regarding effects of com- 
pressibility or effects of cavitation. It may, for instance, be useful 
to introduce a ‘stress specific speed” with the definition that a 
constant value of this coefficient (and of one other parameter, 
e.g., the specific speed) permits similar stress and flow conditions 
in geometrically similar turbomachinery. 

The writer agrees with the author in the contention that the 
centripetal turbine (as well as the centrifugal compressor) is po- 
tentially at least as efficient as the corresponding axial-flow type 
of machinery. However, the proof of this fact suggested by the 
author may be challenged on the basis that with a radial com- 
ponent the relative flow in the runner becomes rotational in con- 
trast to the corresponding flow in axial-flow turbomachinery. 
This vorticity of relative flow may involve losses not present in 
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connection with axial flow. Nevertheless, there is reason to be- 
lieve that radial or mixed-flow turbomachinery will be at least as 
efficient as the best axial-flow machines as soon as the more com- 
plicated flow configurations of the former have received adequate 
analytical and experimental treatment. 

It might be well to mention that the gas dynamic limits of the 
author’s velocity ratio u:/c9 (which is the reciprocal of the square 
root of the familiar pressure coefficient) are not likely to be the 
same for radial-flow as for axial-flow runners. For axial-flow run- 
ners the lower limit of this ratio is usually regarded as given by the 
“pure impulse” or “constant-pressure’”’ turbine with essentially 
constant relative velocity in the runner passages. On the other 
hand, a constant-pressure turbine with a radial-flow component 
would have a “retarded” relative flow which is usually considered 
as undesirable. Limits of the velocity ratio u,/co set by the ac- 
celeration or retardation of the relative flow are therefore higher 
(i.e., less favorable) for the centripetal than for the axial-flow tur- 
bine. Unfortunately, the author (in order to save space) did not 
present the calculations underlying Fig. 4 in sufficient detail to 
judge whether the foregoing considerations would have a sig- 
nificant effect on the relations expressed by this illustration. In 
passing, it may be of interest that the foregoing considerations on 
the limits of the pressure coefficients of radial-flow versus axial- 
flow turbines are just reversed if applied to compressors; i.e., 
radial or mixed-flow compressors should have more favorable 
limits of their pressure coefficients than the corresponding axial- 
flow machines. 

It seems to this writer that the most far-reaching significance of 
the present paper lies in the combination of the author’s considera- 
tions with those usually applied to axial-flow turbomachinery. 
Fig. 17 of the paper seems to provide a stimulating example for 
this type of development. 


Avutnor’s CLOSURE 


With regard to the comments of Messrs. Schey and Ginsburg, 
it is difficult to see why there should be any confusion as to the 
difference between axial-flow and centripetal turbines. In 
an axial-flow turbine all or most of the flow particles leave the 
rotor on the same diameter on which they enter (cylindrical 
stream surfaces), whereas in a centripetal turbine all flow par- 
ticles travel on stream surfaces which are converging toward 
the axis of rotation. As to the comments on blade stresses, 
contrary to the supposition of these discussers, far less difficulty 
is encountered with stresses in a centripetal turbine than in an 
axial-flow turbine, a fact which is exhaustively discussed in 
connection with Fig. 4 and illustrated by this figure. Messrs. 
Schey and Ginsburg also suggest that a three-dimensional treat- 
ment in the design of centripetal turbines is indicated in order 
to achieve satisfactory turbine performance. This is indeed 
true, as has been clearly stated in the paper. These discussers 
mention that a comparative study of an axiai-flow and a “radial- 
inlet” turbine for aircraft propulsion showed that no particular 
advantages were offered by the latter, and that there were in- 
dications of complexities in the cooling provisions for the turbine 
blades. A radial-inlet turbine—-which is but one of the many 
configurations of the centripetal turbine—-may very well be 
unsuitable for aircraft propulsion. In the author’s opinion, it 
is unfortunate that the NACA has confined its attention to the 
axial-flow turbine to the extent that apparently the true merits 
of the centripetal turbine for aircraft propulsion have been over- 
looked. For this reason Messrs. Schey and Ginsburg can quote 
only from « paper study dealing with a “radial-inlet turbine,” 
while the author is quoting from actual design, manufacturing, 
and test experience with a wide variety of centripetal turbines 


in many configurations. Ail of this experience has consistently 
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indicated that provided the principle of the high-specific-output 
centripetal turbine is properly applied, this type of turbine is 
simpler, cheaper to manufacture, and can be cooled more effec- 
tively in a far more simple manner than is possible with the axial- 
flow turbine. 

The writer is not familiar with the study for the 7000 hp steam- 
propelling plant mentioned by Mr. Waller, and is surprised to 
learn that it led to the conclusion that no material gain could be 
expected in cost, space, or weight over a standard axial-flow type 
of design. At the time of this study, although the axial-flow 
turbine had the benefit of a wealth of test data and design ex- 
perience, the centripetal turbine had little or no such background. 
For this reason the author believes that if this study were to be 
repeated today—after the very important three-dimensional 
design approach has been evolved, infinitely more test experience 
with the centripetal turbine has become available, and greatly 
improved manufacturing methods have been perfected—totally 
different answers would be forthcoming. With regard to the 


weight of the subchaser propelling unit, as mentioned by Mr. 
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Waller, this is the estimated weight shown on the installation 
drawing, an estimate which included the customary 10 per cent 
allowance for contingencies. The actual shipping weight turned 
out to be substantially lower. 

The comments submitted by Professor Wislicenus are very 
much appreciated. It is particularly gratifying to note his con- 
currence regarding the necessity of combining gas dynamic con- 
siderations with mechanical design characteristics. In answer 
to his suggestion that for the sake of simplicity the distinction 
between hub and blade stresses be omitted, it should have been 
pointed out that this was attempted but finally abandoned be- 
cause this simplification was found to lead to a number of erro- 
neous conclusions, and particularly to designs having reasonable 
hubs but impossible blade stresses, or vice versa. His remarks 
regarding the relative flow in the runner are well taken, inasmuch 
as test experience has indicated that the optimum efficiency of 
the high-specific-output centripetal wheel can only be obtained 
by providing for substantial acceleration of the relative flow. 


Ve 


Plastic flow is analyzed adjacent to the nose of the tool in 
the initial stages of the formation of a discontinuous-chip 
segment. It is assumed on the basis of experimental evi- 
dence that fracture of the previous chip segment occurred 
across a plane through the cutting edge of the tool. The 
present solution applies only while the fracture surface is 
being deformed, before plastic flow spreads to the initial 
work surface. The solution demonstrates the influence of 
the plastic-stress distribution in determining the chip- 
formation process. It shows that simple shear across a 
plane between two undeforming regions cannot satisfy 
stress conditions in typical cases. It is shown that the in- 
clination of the plane of equivalent simple shear is re- 
markably insensitive to the coefficient of friction at the 
tool face. The variation to be expected as a result of 
spread of plastic flow to the initial work surface is dis- 
cussed briefly. The choice between alternative types of 
slip-line fields which arise in certain cases is considered. 


INTRODUCTION 


’ | YHis application of the theory of plasticity to the formation 

of a continuous chip in the machining of a ductile metal 

(1)* showed that tie stress distribution in the chip adjacent 
to the nose of the tool had an important influence on the me- 
chanics of chip formation. The work described in the present 
paper represents an attempt to investigate a similar influence in 
the case of the machining of a more brittle material which pro- 
duces a discontinuous chip. A basic theory of the formation of dis- 
continuous chips integrated with experimental observation has 
beengiven by Fieldand Merchant (2), but poor quantitative agree- 
ment was obtained between the directions of the plane of shear 
predicted theoretically and observed experimentally prior to 
rupture. It was concluded in that paper that further research 
should be carried out on this problem. 

In applying the theory of plasticity to this problem it is found 
that only the initial stages of chip formation are amenable to rela- 
tively simple analysis. However, in view of the shortcomings of 
the present theory, and the modifications which these new results 
suggest, it seemed worth while to present the present theory 
covering a limited aspect only of the theory of discontinuous 
machining. The details of the solution are also of some interest 
in the study of the theoretical analysis of stress and strain 
distributions in plastic flow. 

In the work of Field and Merchant (2) it was observed that in 
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A Plastic-Flow Problem Arising in the 
Theory of Discontinuous Machining 


By E. H. LEE,? PROVIDENCE, R 


orthogonal machining fracture occurs along an approximately 
plane surface extending from the tool point to the undisturbed 
work surface ahead of the tool. Thus the formation of a new 
chip segment is initiated by the penetration of the tool into this 
inclined plane of the work material as shown in Fig. 1. The 
initial plastic flow is associated with the deformation of this in- 
clined plane of fracture B-C' prior to the disturbance of the unde- 
formed free surface of the work A-B. It is the stress and de- 
formation pattern during this part of the chip-formation process 
which is analyzed in the present paper. 


A 8 


The sketches given by Field and Merchant (2), Fig. 3 of that 
paper, one of which is reproduced as Fig. 2 of the present paper, 
indicate an important modification to be expected due to the 
consideration of the stress distribution in the chip segment. In 
the simple shear-plane theory, shear is considered to take place 
in the plane E-F. An attempt to find a stress distribution in 
the region E-F-G which does not violate the vield condition and 
vet satisfies conditions for shear on E-F, and of zero traction at 
the free surface E-G, seems impossible, but such a field is necessary 
to sustain simple slip on #-F, for the width of the chip material 
E-F-G is too narrow to satisfy the equilibrium equations and yet 
avoid high stress magnitudes which would violate the yield con- 
dition 

For example, to build out a limiting stress field in which the 
full vield is attained from the slip line E-F to the free surface 
E-G would require an angle of at least 45 deg between these di- 
rections.* Thus plastic flow must penetrate beyond E-F, and a 
stress field which is a development of that described later must 
arise. This will produce a modification of the basic theory. 

Since large strains of order unity occur in the chip-formation 
process, elastic strains, which are of the order 10° *, can be neg- 


4 See discussion of limiting stress flelds (1), p. 410. 
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lected, and a plastic-rigid theory adopted. In this paper the Saint 
Venant-Mises theory is applied, which prescribes plastic flow at 
a constant value of the Mises quadratic-stress yield limit, the 
strain-rate components satisfying the Mises flow condition and 
the incompressibility condition. In the present problem, with 
the depth of cut small compared with the length of the cutting 
edge of the tool, plane strain occurs apart from local free-surface 
effects at the extremities of the cutting edge. The resulting 
theory of plane plastic flow has been described fully (3, 4, 5) so 
that only the basic equations will be given. 

In the solution of boundary-value problems for stress and 
strain distributions, the division of the body into plastic and 
rigid regions must be determined since the stress and velocity 
distributions must satisfy different conditions in these regions. 
In the plastic region the stresses must satisfy the yield condi- 
tion and the equilibrium equations, inertia forces being negli- 
gible. As shown by Hencky (6), the analysis of the stress field 
can be most easily handled in terms of quantities based on the 


hia. 3 


trajectories of the constant maximum shear stress as indicated in 
Fig. 4. With these variables the stress conditions become 


p + 2k¢ is constant along an a-line (1) 
p — 2k¢ is constant along a A-line 


These relations imply certain geometrical restrictions on the 
trajectories of maximum shear stress, or slip lines, and particular 
solutions are given by orthogonal sets of straight lines, and by 
concentric circles’ and their radii. We shall need only these 
particular solutions in the present paper. 

In the plastic regions the velocities must be such that the cor- 
responding strain-rate components are associated with the 
stresses at each point according to the Mises flow condition. In 
terms of the velocity components u and v along the a and B 
slip-line directions of Fig. 3, this demands, as was first shown by 
Geiringer (7), the satisfaction of the differential relations 


du —vdg = 0 along an a-line (2| 
dv + udg = 0 along a B-line _ 


The compatibility between the plastic flow and the rigid-body 
motion of the rigid regions demands that plastic-rigid boundaries 
must be slip lines of the plastic field. The stress field in the rigid 
regions must be checked to insure that the equilibrium equations 
can be satisfied without violating the yield condition. 

The foregoing conditions must be satisfied in conjunction with 
the boundary conditions of the problem which may include both 
velocity and stress components. In the case of large strains, 
the initial boundaries may be deformed appreciably by the plas- 
tic flow, and so the boundary conditions must be satisfied on the 
deformed boundaries. A stress and velocity field satisfying all 
these conditions is termed a complete solution, and such is of in- 
terest in the present case. 
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The problem discussed in the previous section, and depicted in 
Fig. 1, of penetration of a rigid tool into a plane inclined surface 
is quasi-steady until the horizontal boundary A-B begins to de- 
form. This follows since no length arises in specifying the state 
of flow other than the tool travel, so that the configuration must 
maintain geometrical similarity, the scale being determined by the 
tool-travel distance. This problem can be considered as a gen- 
eralization of the wedge-flattening problem of Hill (8) which it- 
self is a generalization of the wedge-indentation solution of Hill, 
Lee, and Tupper (9). The solution is closely analogous to these 
two. The boundary geometry and slip-line field configuration 
for a typical case are shown in Fig. 4. 


A 


A-B-O-M is the initial configuration of the work surface after 
the fracture of a chip segment along A-B-O, which is inclined at 
¢: to the direction of tool motion. L-O-K gives the position of 
the tool at this time. After the tool has traveled a distance d 
with velocity U, it takes up the position G-F-H and the work ma- 
terial is deformed to initiate a new chip segment with free surface 
A-B-C, The machined surface of the work is now F-O0-M. 
Plastic flow determined by the slip-line field B-C-F-E-D, with the 
configuration remaining geometrically similar while expanding 
from O, determines this deformed shape of the work material. 

The free surface B-C determines the linear slip-line field in 
B-D-C, with the slip lines inclined at 45 deg to B-C. The exten- 
sion of this field gives the sector D-C-E, and the straight-line field 
in C-E-F is determined by the uniform friction conditions 
at the tool face, with constant coefficient of friction uw. The 
angle E-C-F = » at which the slip lines are inclined to the tool 
face determines the frictional shear traction there. The normal 
stress at the tool face can be obtained in terms of 7 and the sector 
angle D-C-E = 6. The friction relation is perhaps most easily 
represented by means of the Mohr circle diagram, Fig. 5, 
as for the theory for a continuous chip (1). The average hydro- 
static pressure p in B-C-D is k, as determined by the free-surface 
condition, so that Equation [i] determines p = k + 2k@ in 
E-C-F, The Mohr cirele for this region, shown in Fig. 5, there- 
fore has its center at 0 = ~~ (k + 2k6), and has radius k. The 
points marked C-E and C-F give the tractions across C-E and 
C-F in Fig. 4. C-E is a slip line across which the maximum 
shear k is transmitted, so that its image in Fig. 5 lies on the verti- 
cal diameter of the circle. According to the construction of the 
Mohr circle, the radius through C-F is inclined at 2n with that 
through C-E, where angle E-C-F equals 7 in the physical plane, 
Fig. 4. Thus the shear traction at the tool face, the ordinate of 
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C'-F, is k cos 2n, and the normal pressure, its abscissa, is kK(1 + 
26 + sin 27), and we have the friction relation 
mw = tanA = cos 2n/(1 + 20 + sin 2n) [3] 

The static rigid region below B-D-E-F demands that the veloc- 
ity component u be zero along this boundary for continuity, and 
the fact that all the @-lines are straight extends this condition 
throughout the plastic region because of the first of Equations 
[2]. The second of Equations [2] then implies that v is constant 
along each B-line, and the boundary condition on F-C determines 
this constant for all the B-lines to have the same value, U cos y/ 
cosy. Thismeans that in the next increment of motion B-C moves 
without rotation and remains parallel to itself. This is a neces- 
sary condition for the maintenance of geometrical similarity, and 
as shown for the wedge-indentation problem (9), the additional 
condition of incompressibility completely determines the con- 
figuration and guarantees geometrical similarity. Incompressi- 
bility demands that the area under the deformed surface of the 
work must equal the undeformed area, so that the triangles 
B-C-F and B-O-F in Fig. 4 must be equal in area, and so C-O 
must be parallel to B-F. This, with the friction condition, deter- 
mines the configuration. 

No method is at present available for checking the stress field 
in the rigid region. However, the large angles A-B-D and E-F-O 
subtended by the rigid region between slip line and free surfaces 
indicate that a satisfactory rigid-body stress field does exist. 
At some point along B-A produced the fracture surface meets the 
initial free surface, and the free surface becomes horizontal. As 
B moves toward this transition point, the stress field in the rigid 
region will be modified by the influence of the horizontal free sur- 
face and the stress will be intensified. At some stage yield will 
occur over a sufficiently extended region to cause appreciable flow 
beyond the boundary B-D-E-F and the deformation pattern will 
change, accompanied by motion of the horizontal part of the free 
surface A-B in Fig. 1. It is at this stage that the present solu- 
tion will cease toapply. The initiation of such a modified type of 
motion in an analogous case has been studied by Hill (10) in the 
discussion of the influence of specimen size on the hardness test. 
A similar development for the present problem would face greater 
difficulties since the extension of the plastic field below B-D-E-F 
is not prescribed by symmetry conditions. It is not considered 
here. 

In computing a particular case, with prescribed rake angle y 
and inclination of fracture surface g, it is not*convenient also to 
prescribe a value for the coefficient of friction uw, since the de- 
pendence of @ and 7 on yw cannot be expressed simply. The 
computation is shortened considerably by choosing a value for y, 
the inclination of both B-F and C-O to the direction of tool mo- 
tion F-M. Then for a given value of tool motion d, which can be 
taken to be unity without loss, the prescribed direction of F-B 
determines B, and that of O-' determines C. The lengths of 


LEE—PLASTIC-FLOW PROBLEM ARISING IN THEORY OF DISCONTINUOUS MACHINING 


191 
B-C and C-F are then readily evaluated, and their ratio deter- 
mines 7 in view of the geometry of the slip-line field 

BC/ = DC = EC = CF cos 


so that 


[4] 


cos = BC/ V2CF. 


6 is then determined from the components forming the angle 
B-C-F 


15° —» {5] 
Thus all relevant quantities are determined merely by solving 
The corresponding value of the coefficient of friction 


triangles. 
A range of values of W will give a 


is then given by Equation [3]. 


range of solutions for varying tool friction. 


A Moptrirep SoLution 


In carrying out the computational procedure discussed in the 
foregoing it is found that only a limited range of y, the inclination 
of B-F and C-O to the direction of tool motion, leads to satisfac- 
tory solutions. For 7 must lie between zero and 45 deg, a larger 
value determining a negative friction coefficient. This means 
that the ratio B-C/C-F must lie between 1/2 and 1, according to 
Equation [4], and this permits the use of only a limited range of 
y. This is demonstrated quantitatively in the next section, In 
this range the highest value of the frictional shear traction on the 
tool face occurs when 9 is zero, the traction then reaching the 
maximum shear stress k. Since shear of the work material oc- 
curs at this shear-stress magnitude a larger coefficient of friction 
will not influence the solution, since shear will take place in the 
work material at this stress magnitude instead of frictional slip at 
the tool surface. A similar influence of high coefficients of 
friction was analyzed in the case of continuous-chip formation (1). 

Even though a satisfactory value of 7 is obtained, it may hap- 
pen that Equation [5] determines a negative value for 0, which 
would not correspond to a sensible physical solution. It might 
be thought, by analogy with the problem of a wedge with uniform 
pressure on one face considered by Prager (11), that such a nega- 
tive fan of slip lines should be replaced by a line of stress dis- 
continuity as shown in Fig. 6. However, a detailed study of the 
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velocity solution (12) shows that such a solution is only admis- 
sible if the velocity component along F-D in the plastic region is 
zero, This condition is violated in the present case, and we have 
to seek another type of solution. The solution shown in Fig. 7, 
which comprises slip along a single shear plane F'-B with a limit- 
ing stress field /-B-H carrying an unstressed segment B-H-C, of- 
fers a possibility. The traction transmitted across B-H is zero, 
and the stress field in ¥-B-H comprises compression parallel to 
B-H. Such a stress distribution based on rigid plastic theory 
will be modified by elastic effects as discussed in (1) for an 
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analogous solution. The redistribution will smooth the pressure 
variation along F-C,, but it is not expected to have an appreciable 
influence on the resultant force. 


An alternative to the configuration shown in Fig 7 
over a single plane without a limiting stress region analogous to 
the Ernst-Merchant solution (13) which is discussed from this 
standpoint in (1). Such a nonlimiting stress-field solution would 
require a shear plane inclined ahead of F-B in Fig. 7 in order to 
provide a satisfactory stress field in the chip segment. The 
choice between these possibilities would be that requiring the 
minimum machining force, as discussed for the continuous-chip 
case (1). It seems from the study of particular cases in the next 
section, that the single shear-plane solution given by Field and 
Merchant (2) gives too steep a shear plane to provide a satis- 


is shear 


factory nonlimiting stress field. 

Figs. 6 and 7 correspond to the case of a smooth tool surface; 
the modification due to friction requires a change in the inclina- 
tion of the slip lines to the tool face to correspond to the ap- 
propriate frictional shear traction. 


Some ParricuLarR EXaMPLEes 


Some particular examples were evaluated with the rake angle 
y and fracture-plane inclination g close to values occurring in 


the work of Field and Merchant (2). The rake angle y = 
15 deg was considered, and for the first two cases shown in Figs. 
8 and 9, the fracture-plane inclination g = 40 deg. It was 
found that the ratio B-C'/C-F of Fig. 4 varied so rapidly with y 
that a range of only about 3 deg in W gave admissible solutions 
and covered the entire range of friction coefficients. Fig. 8 
shows the slip-line field configuration for y = 60 deg. The 
ratio B-C'/C-F is close to unity; 7 = 39.5 deg is therefore not far 
removed from 45 deg, and the friction coefficient uw = 0.08 is 
small, 

The case Y = 58 deg gives a ratio B-C/C-F near the upper end 
of the range, » = 20.1 deg is considerably smaller than for the 
previous case, and the corresponding coefficient of friction is w= 
0.269. 

Values of W of 57 and 61 deg lie outside the range of satisfac- 
tory solutions. The foregoing results were obtained semigraphi- 
cally, but are sufficiently accurate for the present purpose. 

In order to present a case which leads to a negative 6 value, Figs. 
10 and 11 depict the configuration for g = 30 deg. The narrow 
range of possible Y-values is now close to 50 deg. Figs. 8 and 9 
show that @ increases with increasing friction coefficient, so that 
negative @ is to be expected for small friction coefficients which 
correspond to values of ¥ at the upper end of the range. Fig. 
10 was constructed for Y = 50 deg which gives a positive @ and 
corresponds to = 0.3. = 52 deg, 9 = 39.1 deg and Equa- 
tion [5] determines a negative value of 0 = —3.7 deg. The 
single shear-plane solution shown in Fig. 11 is therefore adopted. 
The associated value of 9 is of course determined by the new 


FEBRUARY, 1954 


Fes’, 


slip-line field configuration. This gives 7 = 35.3 deg, and Equa- 
tion [3] with zero @ determines 4 = 0.17. Because of the small 
magnitude of 6 obtained initially, only a narrow rigid region is 
deduced. This would limit severely any possible variation of the 
shear angle W, to give a single shear-plane solution with a non- 
limiting stress field and the same value of u, for Y must decréase 
to avoid exceeding the yield limit adjacent to the nose of the tool. 
Yet such a reduction would reduce the angle between the shear 
plane and the free surface of the chip segment below 45 deg. 
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which would violate stress conditions there. The limiting chip- 
stress solution of Fig. 11 therefore can be accepted without investi- 
gating in detail the minimum-force criterion mentioned in the 
previous section. 


CONCLUSIONS 


The solutions discussed in this paper indicate the need to con- 
sider limiting chip-stress fields of plastic flow in the analysis of the’ 
formation of discontinuous chips, in addition to simple shear 
over a single plane at each instant. During the initial formation 
of the chip segment while only the fractured surface and the ma- 
terial below it are deforming plastically, the examples of the pre- 
vious section show that the coefficient of friction at the tool face 
has very little influence on W, the inclination of B-F and C-O, 
Fig. 4, to the direction of tool motion. From an examination of 
the external surface, A-B-C in Fig. 4, the inclination of B-F is the 
apparent shear angle, although the actual plastic flow has a com- 
plicated distribution and extends ahead of the straight line B-F. 
Thus the apparent shear angle is almost independent of uw, the 
total variation from a smooth to a perfectly rough tool being only 
about 3 deg. It seems therefore that the reduction in shear 
angle as the chip is formed, observed by Field and Merchant (2), 
is associated with the extension of plastic flow to the initial work 
surface, A-B in Fig. 1, and is not a friction effect. The resulting 
plastic-flow field would then extend ahead of the boundary deter- 
mined for the present solutions which would lead to a reduction 
of the apparent or average shear angle. Estimates (14) of the 
load-carrying capacity of the material ahead of the plastic-rigid 
boundary, by means of limit-design theory, indicate that such a 
spread of the plastic region to the initial work surface will occur 
before the deformation of the fracture surface has extended half- 
way from C to B in Fig. 1. 

The solution given in this paper for the slip-line field associated 
with the initial chip formation is quasi-steady, and so the unit- 
diagram method (9) can be used to determine the strain distri- 
bution at any instant. Because only the early stages of chip 
formation can be analyzed in this way, and experimental check 
would be difficult, it was not considered worth while to compute 
such a deformation field. 

It might be of interest to mention that a stress field somewhat 
similar to that depicted in Fig. 4 was criticized in (5) when ap- 
plied to machining with a continuous chip, since the velocity of 
the region B-C-D normal to the tool surface was less than the 
component of tool motion in the same direction. The same is 
true in the present case, but this merely means that, as the con- 
figuration expands, material which was in the triangular region 
B-C-D becomes a part of the sector region and later moves into 
the domain C-E-F. Thus no continuity condition is violated. 
In the ease of continuous machining, a rigid chip sliding against 
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the tool surface is attached above B-C, and such a difference in 
velocity component normal to the tool face is not tenable. 
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Discussion 


N. H. Coox,® Tain M. C. Suaw.* 
sents an interesting solution to the first stage in the development 


However, this 


The author pre- 


of a diseontinuous-chip segment. analysis is 
based on several assumptions that do not appear to be borne out 
in practice and the picture presented is therefore not found to 
correspond to what is actually observed experimentally, 

Relative motion between chip and tool has been assumed 
whereas in reality it has been shown in motion pictures taken 
through the microscope of the discontinuous cutting process’ that 
there is no such sliding motion in the early stages of chip forma- 
tion, The chip, rather, is found to roll down on the tool face as 
the eut proceeds 

Certain slip directions arise from the ideal plastic analysis that 
extend upward from the tool face whereas the motion pictures 
show the chip formation in discontinuous cutting to be more of an 
extrusion process with the principal flow in the chip sapproxi- 
mately parallel to the tool face. Conditions are very much more 
complex in diseontinuous-chip formation than those met in the 
relatively simple shear condition found in continuous cutting. 
® Machine Tool Division, Massachusetts Institute of Technology, 
Cambridge, Mass 

6 Assistant Professor of Mechanical Engineering, Massachusetts 
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7 Discontinuous Chip Formation,” by N. H. Cook, Iain Finnie, 
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At no time in discontinuous cutting does the shape of the chip 
remain constant as it changes in size. 

The major cause of the discrepancies between the author's 
theory and experiment appears to arise from the assumption of a 
constant value for the ‘Mises’ quadratic stress yield limit,”’ 
whereas in reality all practical metals that are cut strain-harden 
significantly. This ideal plastic assumption yields a reasonable 
first approximation in continuous cutting only because the strain 
is confined to a narrow shear zone and the ideal plastic solution 
is applied only to the rigid material in the chip that already has 
been deformed and work-hardened. Since in this quasi-static 
case there is no flow through the slip-line field, it is satisfactory to 
assume the material to be nonstrain-hardening. However, in 
the case of discontinuous-chip formation an attempt is made to 
apply the ideal plastic theory to regions where large flows are 
actually occurring and the ideal plastic assumption does not 
appear to be such a fortunate one. 

In the analysis presented, only the first stage of a cyclic process 
is presented. The author is thus denied the check that is offered 
when the starting point is again reached upon completing the 
process. It is not thought that the mechanism presented, if 
continued, could arrive at the starting point even if the material 
cut were an ideal plastic. At least one other mechanism is re- 
quired to complete the process and this is fracture. The several 
considerations such as the presence of structural imperfections 
and the important role of the normal stress on the shear plane in 
influencing this phase of the discontinuous-chip forming process 
has been discussed elsewhere. 


B. W. Suarrer.* In a previous paper, author’s reference (2), 
Field and Merchant described two stages in the formation of a 
discontinuous chip. During the first stage, the fracture surface 
in front of the tool deformed and the free surface of the work 
remained undisturbed. The apparent shear line extended to the 
intersection of this newly formed surface with the original fracture 
surface. As the tool advanced, the apparent shear line reached 
the horizontal surface of the work, and in the second stage of chip 
formation, this previously undisturbed surface began to deform. 

The entire process, consisting of both stages, is indeed a 
formidable problem involving flow and fracture. 

The author is to be congratulated for his analysis of the first 
stage of this problem. By recognizing the quasi-steady character 
of the problem, he has been able to provide a relatively simple 
solution which, the writer is sure, will act as the foundation for 
continued studies on the formation of discontinuous chips. 

The analysis presented in the paper is the first to provide a 
means of calculating changes in the fracture surface during the 
first. stage in the formation of a discontinuous chip. It would be 
interesting, therefore, to re-examine the set of motion pictures 
described by Field and Merchant, author’s reference (2), in order 


® Associate Professor of Mechanical Engineering, New York Uni- 
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to study and compare the observed changes with those predicted 
by the present solution. 


AuTHoR’s CLOSURE 


The author wishes to thank the discussers for their comments 
on this paper. In their remarks on the chip motion, the first 
discussers seem to have misinterpreted the velocity field presented 
in the paper. The velocity of the chip is parallel to the boundary 
F-E-D-B in Fig. 4 when the work is at rest, and the tool moving. 
If a constant velocity is superposed on the whole system to bring 
the tool to rest, and cause the work to move toward it, the 
velocity of the material in the triangle C-F-E would be exactly 
parallel to the tool surface, and the velocity of the rest of the chip 
would be close to this direction. This is presumably the field of 
reference used in the moving pictures with the camera focused 
continuously on the tool and region of chip formation. Thus the 
solution presented in the paper does represent extrusion of the 
chip up the face of the tool as observed by the discussers. More- 
over there is a rolling action of the type mentioned by the dis- 
cussers, since the velocity differential across the fan C-D-E in Fig. 
4 represents a rotation of the chip material. As the motion 
proceeds, free surface material on B-C adjacent to C becomes 
drawn in against the tool face, which is another manifestation of 
the rolling action. This effect will increase with increasing fric- 


‘tion, and is similar to that found in wedge indentation (9), in 


which the initial free surface adjacent to the wedge is drawn into 
the cavity. 

Since the theory suggested applies only to the initial stages of 
chip formation when the chip is very small, it does not readily 
lend itself to precise experimental check. Some of the dis- 
crepancies mentioned by the first discussers may be associated 
with this difficulty. It does not seem reasonable to ascribe the 
discrepancies to the influence of work hardening, since similar 
solutions, checked experimentally on such a scale that detail com- 
parison of the strain distribution was possible, have shown re- 
markable agreement between the predictions of ideal plastic 
theory and the behavior of actual materials [see (9) of the paper 
and (1) and (2) below]. The author agrees, as stated in the 
paper, that for a complete analysis of the discontinuous machining 
process the conditions determining fracture must be included, 
and that only the first stage in the process is considered in the 
paper. 

The suggestion .put forward by the second discusser is an in- 
teresting one. However, the initial stages of the chip formation 
do not appear to be given in sufficient detail in (2) to permit such 
4a quantitative comparison. Perhaps experimental work carried 
out with this objective would permit such an analysis. 


(1) “An Experimental Investigation of the Yielding of Strip Be- 
tween Smooth Dies” by A. B. Watts and H. Ford, Proceedings of the 
Institution of Mechanical Engineers, 1953. 

(2) “A Theoretical Investigation of the Compression of a Ductile 
Material Between Smooth Flat Dies,” by A. P. Green, Philosephical 
Magazine, Ser. 7, 42 Pl. xxiv (opp. p. 012). 
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The paper presents the results of an investigation of the 
friction terms in metal cutting. The so-called “‘machin- 
ing constant” is shown to be related directly to the co- 
efficient of internal friction and to vary with the condi- 
tions of cutting. The coefficients of external and internal 
friction appear to be related to the thermal number, and 
these relationships seem to be quite similar. 


T is the purpose of this paper to present the results of an in- 
vestigation of the friction terms in metal cutting. 

Piispanen (1)? and Merchant (2, 3) have presented a theory 
for the mechanics of metal cutting which involves external fric- 
tion between the chip and tool. An equation for the shear angle 
in metal cutting was derived such that 


2 + r— a = 90 deg 


where ¢ and @ are shown in Fig. 1 and the coefficient of chip-tool 
friction is w = tan rT. Piispanen mentioned that some unac- 
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counted-for factors such as internal friction might change the 
equation for the shear angle to 


26 +r—a = 


Merchant, on the other hand, sought to bring about closer agree- 
ment between his original formulation and the experimental 
facts by introducing the effect of hydrostatic pressure on the flow 
curve as pointed out by Bridgman (4). This gave rise to Mer- 
chant’s “‘plasticity’’ condition that 26 + r — @ = cot™'!K, the 
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The Friction Terms in Metal Cutting 


By W. C. LEONE! anp EDWARD SAIBEL,? PITTSBURGH, PA. 


so-called machining constant, where A is the slope of the curve 
in which flow stress is plotted against hydrostatic pressure. 

In the following it is found that the machining constant, 
which hitherto has been introduced arbitrarily to bring about 
agreement between theory and experiment, comes about as a 
natural consequence of an analysis which makes use of the familiar 
concept of internal friction. The internal friction is treated here 
in a phenomenological manner, No attempt is made to analyze 
the exact mechanism. However, we recognize that it exists and 
include its effect in our calculations. 


or INTERNAL FRICTION 


The internal friction along the shear plane in metal cutting will 
be f times the normal force F,, on it, or fF,. The complete force 
system on the chip will then be as shown in Fig. 2. Experimen- 
tally, it is easiest to measure the thrust F,, and cutting F, com- 
ponents of the tool force acting on the chip and workpiece. 
Thus it is convenient to express all the forces in terms of F, and 


Referring to Fig. 2, the sum of forces normal to the shear plane 
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must be zero for equilibrium of the chip to be maintained in the 
steady-state condition of cutting. Then 


F,, — F cos (6 — a) — N sin (@— a) = 0. {1} 
Also, forces along the shear plane must sum up to zero 
+ F, + F sin (6 — a) — N cos (@ — a) = O.. . [2] 
Since F = w\ 
— fu) cos (b — a) — (f + sin (@ — 


But F, = N(wsin a + cos a) and F, = s,w(t,/sin @), where w is 
the width of the material cut and ¢, is the depth of cut, There- 
fore 


N = {3} 


(2 + cos a) 
sin — fu) cos (6 — a) (f + p) sin (@ — 
(4) 


Ba 4! 
of h La : 
7 
he 
195 


196 TRANSACTIONS OF THE ASME 


It is assumed that the material will shear along the plane which 
suffers the maximum shear stress. This is equivalent to making 
¢ such as to minimize the work done in cutting. Therefore F, 
isalsoa minimum. Setting 0/,/0@ = 0, it is found that 


If the external and internal-friction coefficients are expressed as 
tangents of angles 7 and 6, respectively 


1 — tan 6 tan 


tan (2 
tan 6 + tant 


—-a)= 


tan (2 a) = cot (6 + 7) 
Therefore 


2¢+7T—-a = (6] 


Thus it is seen that Piispanen’s additional term comes about by 
introducing the effect of internal friction into the force system 
directly. 

Equations [5] and [6) show that the shear angle @ is dependent 
not only upon @ and yw, but also upon f. 
sary to estimate the value of f so that Equations [5] and (6) may 
be compared with the data available. 


Therefore it is neces- 


TABLE 
AND RELATED QUANTITIES IN A TYPI 
MERCHANT 
(Work material, NE 9445 steel; tool, sintered carbide; width of cut wm = 
0.265 in.) 
Ve (mean), x Fe, 


1 VALUES OF GEOMETRICAL QUANTITIES, FORCES, 
CAL SET OF TESTS BY 


“ 
1.05 
1.11 
0.95 
0.81 
0.64 
0.58 
0.51 
1.12 
1.08 
0.96 
0.76 
0.78 
0.70 
0.60 
0.46 


@ - DEGREES 
a 8 


(T- +13) - DEGREES 


a + rors = 0,23 


Fie. 3) @ Versus r 

Table 1 gives the information obtained by Merchant in cutting 
NE 9445 steel. Unfortunately, variations in composition and 
heat-treatment of a steel such as this one result in large changes 
in its physical properties so that the exact physical properties of 
the steel used are not known. However, NE 9445 steel would be 
expected to have a smaller coefficient of internal friction than the 
much more brittle cast iron. A value of f = 0.23 is not un- 
reasonable, This makes 6 = 13 deg. Fig. 3 shows @ versus 
(r — a + 4) for this assumed value of f. 

It will be seen that Equations [5] and [6] give results for f = 
0.23 that are identical with results obtained by Merchant’s 
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plasticity condition. The reason for the agreement is that the 
value of cot! K was taken by Merchant to be 77 deg which cor- 
responds exactly tod = 13 deg, or f = tan é = 0.23. 

It is interesting to observe that the data actually measured by 
Merchant and others are t,, r, a. V,, F,, and F,. From its rela- 
tionship with r and a, @ is calculated. It also can be measured 
directly from a photomicrograph of the chip attached to the 
workpiece, The coefficient of chip-tool (external) friction, u = 
tan 7, is not measured. Rather, it is a calculated quantity. 
With no additional data necessary the coefficient of interna] fric- 
tion also can be calculated. Table 2 shows the calculated values 
of 6 and f and Fig. 4 shows @ versus (r + 6 — a). 


TABLE2 VALUES OF f AND é FOR DATA IN TABLE! 
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It can be seen that f is not a constant. This is not surprising 
since according to Diuguet (5) the coefficient dypends on the crys- 
tal form of the material, on the temperature, and on the degree 
of orientation. 

Chao and Bisacre (6) found evidence of a functional relation- 
ship between the coefficient of external friction at the chip-tool 
interface and the thermal number for a given rake angle of the 


or 

a, r, ¢, 6, 

deg “ deg deg deg Re 

10 1.05 46.4 17 19.6 

en, 10 0.95 43.5 21.5 13.5 38 

10 O81 39 25 11 39 

ais ~10 0.64 32.6 16.5 14.4 48 

12 ~10 058 30.1 19 11.9 36 

pate -10 0.51 27 22 9 30 

10 1.12 48.2 19 13.8 59 

10 «1.08 47.2 18.5 15.8 27 

10 096 43.8 21.5 13.2 00 

me 10 0.76 37.2 25 12.8 27 

078 38 12.5 17 59 

Jar -10 0.70 35 16 13 27 

0.60 31 19 11 00 

Bee: -10 0.46 24.7 22.5 10.3 27 

= 

in/1000 {pin deg r Ib Ib deg 

2854 3.70 197 10 0.29 370 273 17 

a 3.70 400 10 0.33 360 283 19 

ae 3.70 642 10 0.37 329 217 21.5 

23K 3.70 1186 10 0.44 303 168 25 

oe 3.70 400 ~10 0.32 416 385 16.5 

‘seg 3.70 637 —10 0.37 384 326 19 

5 i 3.70 1160 -10 0.44 356 263 22 

1.09 642 10 0.33 127 101 19 

2.34 542 10 0.32 242 186 18.5 — 

Wee: 7.88 542 10 0.44 605 315 25 

ws 2.34 542 -10 0.30 295 291 16 

3.70 542 —~10 0.37 401 350 19 

7.88 542 -10 0.46 698 472 22.5 

| | 

ss e 

be 2 3 4 5 

4h 


LEONE, SAIBEL—THE FRICTION TERMS IN METAL CUTTING 


tool, where the thermal number is R, = V.t,/A,; V, is the cut- 
ting speed, ¢, is the depth of cut, and AK, is the thermal diffusivity 
of the workpiece or chip, both being very nearly the same. Also, 
if the change of diffusivity with temperature is neglected, R, can 
be taken simply as Vt, for purposes of comparison, This does 
not seem to involve much error for metals. 

Exactly what the relationship is between uw and R, is not 
known. However, it is interesting to note that the relationship 
of f with R, is similar to that of uw, Fig. 5. This is in harmony 
with Duguet’s view that internal friction has characteristics 
similar to Coulomb’s external friction. 


CONCLUSIONS 


1 The so-called machining constant is not a real constant. 
It varies with the conditions of cutting. 

2 Both uw and f appear to be related to the thermal number 
and these relationships seem to be quite similar. The need for 
further study along these lines is indicated. 
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Cutting,” by B. T. Chao and G. H. Bisacre, Proceedings of The In- 
stitution of Mechanical Engineers, London, England, 1951 (advance 
copy). 


Discussion 


Tain Finnie‘ anp M. C. Suaw.® Since the earliest days of 
metal-cutting research, an expression has been sought which 
would relate the shear angle to other variables of the cutting 
process. The relationship most often given is 


2¢+7T — a = 90 deg 


in terms of the authors’ notation. ‘This expression was first given 
by Briks* and Hermann’ in 1896, and again by Lindner® in 1907, 
and still more recently, as the authors point out, by Piispanen 
(1937 and 1948) and Merchant (1945). When the right-hand 
side of this equation is replaced by 90 — 6 or cot~' K, as was 
done by Piispanen and Merchant, and the constant 6 or K, arbi- 
trarily chosen, better agreement can be obtained with experi- 
mental data. This, however, in no way may be inferred as 
proof that internal friction exists in metals that are plastically 
deformed. In fact, the many experimental facts which tell us 
that internal friction is negligible have been summarized ade- 
quately by Lee and Shaffer® in a closure to their paper on metal 

4 Instructor in Mechanical Engineering, Massachusetts Institute of 
Technology, Cambridge, Mass. 

5 Professor of Mechanical Engineering, Massachusetts Institute of 
Technology. Mem. ASME. 

* “Cutting of Metals (Planning),"’ by Z. A. Brisk, St. Petersburg, 
Russia, 1896. 

7Ingenieur und Maschinenmechadik,” edited by H. Weisbach, 
second edition (1896), part 3, written by G. Hermann, p. 82>. 

* Book Review of Taylor's “The Art of Cutting Metals,”’ by G. 
Lindner, in Zeitschrift des Vereines deutscher Ingenieure, vol. 51, 1907, 
p. 1070. 

*“The Theory of Plasticity Applied to a Problem of Machining,” 
by E. H. Lee and B. W. Shaffer, Trans. ASME, vol. 73, 1951, p. 405. 
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cutting. The various theories leading to expressions for shear 
angle have been investigated in a recent paper!® and the under- 
lying assumptions discussed. 
better agreement that is observed when a factor 6 or K is intro- 
duced without invoking the internal-friction concept, that is not 
observed in other materials tests, in the magnitude required in 
the case of cutting. 

In carrying out the differentiation leading to their Equation 
[5], the authors have incorrectly assumed F’, to be independent of 
both Rand uw. A similar difficulty is common to the Merchant 
and Piispanen derivations leading to the authors’ first equation as 
has been mentioned previously in the literature. 


Here reasons are cited for the 


F. F, Ling.!! The idea of introducing the term internal fric- 
tion at the shear plane in metal cutting, initiated by Piispanen'!® 
and illustrated by the authors in a phenomenological manner, 
seems to be a plausible one. The internal friction at the shear 
plane is shown to bear similar characteristics to external frietion 
at the tool-chip interface with regard to the so-called thermal 
number V.t,/A, and the rake angle a, 

The writer is particularly interested in the data compiled by 
the authors showing some relationship between the coefficient of 
external friction wu, the thermal number V4,/A,, and the rake 
angle a, inasmuch as the existence of a relationship between the 
coefficient of external friction and the thermal number has been 
observed by the writer in the study of friction and wear. The 
relationship stems from the following observations: (1) the 
coefficient of friction uw between two metallic surfaces decreases 
with the increase of surface temperature @ which depends on the 
heat generated at the interface, the temperature of the incoming 
chip, and the manner in which heat is dissipated; (2) the coeffi- 
cient of friction between two metallic surfaces increases with the 
decrease of compressive load applied normal to the interface. 
However, there seem to be some exceptions to this observation. 

The lack of sufficient experimental data and the complexity of 
the metal-cutting mode] prohibit any quantitative illustrations. 
Nevertheless, it can be shown qualitatively that for the steady- 
state condition, the ease which the author dealt with, uw does 
depend on the thermal number and @ among other factors, The 
interrelation of the vast number of variables is complex; therefore 
an attempt will be made here to bring out only two important 
factors for qualitative illustration, 

Loewen and Shaw'* have given a simplified expression for the 
average temperature at the tool-chip interface which can be 
written, using the authors’ notation 


VA t, sec 
3 7 


where 6 is the incoming chip temperature, A and B are groups of 
parameters that are essentially constant, and ais the chip contact 
length. 

For purposes of illustration we can state: For a steady-state 
condition, w is constant and therefore Equation {7} of this dis- 
Con- 
sidering the writer’s observation that yu decreases with increase of 
6, it is then obvious that uw decreases with increase of thermal 
Vt:/K;. Also @ increases with increase of or decreases with 
increase of a. For the data compiled by the authors this factor 


cussion governs the relationship between @ and V4,/K,. 


“The Shear-Angle Relationship in Metal Cutting,”” by M. C. 
Shaw. N. H. Cook, and I Finnie, Trans. ASME, vol. 75. 1953, pp. 
273-288. 

1! Project Engineer, Department of Mechanical Engineering, Car- 


negie Institute of Technology, Pittsburgh, Pa, Assoc. Mem. ASME. 
12 See authors’ Bibligraphy (1). 
On the Analysis of Cutting-Tool Temperatures,” 


Loewen and M. C. Shaw, in this issue, pp. 217-231. 
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does not seem to enter since the two @ have the same absolute 
value. 

However, part of the effect of a@ can be shown to come from the 
compressive load applied normal to the tool-chip interface. The 
authors’ Equation [3] can be written 


(1 —fu) cos — a) —(f + sin (6 — a)] 


Since N is always positive, we have 
(1 — fu) cos — a) (f + w) sin — a) 


Again for steady-state conditions yw is constant. Equation [8] 
herewith shows that N decreases with increase of a. Considering 
the writer’s observation that yu increases with the decrease of N, 
it is seen that y increases with the increase of a. 


M. EK, Mercuant' anp W. R. Backer.” The authors have 
introduced “internal friction’”’ as a term to explain the effects pro- 
duced in metal cutting when an increase in the normal force on 
the shear plane produces an increase in the shearing force required 
for flow along that plane. This same result can be stated in terms 
of stresses rather than forces, i.e., an increase in normal stress on 
the shear plane producing an increase in the shearing stress re- 
quired for flow. 

This is exactly what Merchant did in the analysis referred to by 
the authors. Thus it seems that the difference is one of ter- 
minology or definition only, not one of mechanics or physics. 
The authors use the symbol f for the ratio of the increase in shear- 
ing force to the compressive force and call it the ‘coefficient of 
internal friction,”’ whereas Merchant used the symbol k (K in the 
authors’ paper) for the ratio of the increase in shearing stress to 
the compressive stress and gave it no name other than to describe 
it as the slope of the line relating shearing stress to compressive 
stress. 

Prior to about the year 1900, it was common to express in- 
creased resistance to shear brought about by increased compres- 
sive loading in terms of forces, and to refer to it as “internal fric- 
tion,” as in Duguet’s work to which the authors refer. In recent 
years this same effect usually has been expressed in terms of 
stresses rather than forces, as in Bridgman’s work to which the 
authors also refer. Thus, whether expressed in terms of forces or 
stresses, the effect is the same, and the authors’ quantity f is 
physically and mathematically identical with Merchant’s quan- 
tity k. This being the case, the steps leading up to the authors’ 
Equation [6], i.e., the authors’ Equation [1] through [5], are 
quite unnecessary, since Equation [6] can be derived directly 
from Merchant's plasticity condition 


2¢+7T—a=arecotk =C 


Since, as shown in the foregoing, k = f, and since, as defined by 
the authors, are tan f = 4, it follows that C = 90 — 6, or 


2¢+7r—a = 9 —5 


which is the authors’ Equation [6]. 

In the example cited by the authors the value for f of 0.23 
apparently was chosen for being “not unreasonable.”’ Actually, 
Fig. 3 of the paper reveals that apparently it was estimated from 


Assistant Director of Research, The Cincinnati Milling Machine 
Company, Cincinnati, Ohio. Mem, ASME. 
® Research Engineer, The Cincinnati Milling Machine Company. 


TRANSACTIONS OF THE ASME 


FEBRUARY, 1954 


the data of Table 1. That this resulted in agreement with Mer- 
chant’s plasticity condition using 77 deg for the machining con- 
stant is not coincidence; it could not have been otherwise. 
Merchant evaluate 1 the average value of k for the NE 9445 steel 
from its observed resistance to shear with increasing normal stress, 
or load, using the same metal-cutting data as used by the authors. 
This average value for k (which is identical with f, as indicated 
previously) was found to be 0.23; hence the machining constant 
of 77 deg. 

The authors’ reasons for presenting their Fig. 4 are not clear. 
Since individual values of 6 must be calculated directly from ¢, 7, 
and a@, or their mathematical equivalents, only, it is natural that 
when @ versus (r — @ + 6) is plotted, all points would fall ex- 
actly on a smooth curve. The relationship of the authors’ Fig. 4 
is thus purely a mathematical one and involves no physical con- 
siderations. On the other hand the plot of the data in Fig. 3 
represents a physical relationship and a comparison of this physi- 
cal relationship with the mathematical relationship represented 
by the solid line. 

The authors draw the conclusion that the “so-called machining 
constant” is not a constant. It was never claimed to be, except 
as a first approximation. 'To quote from the paper by Merchant 
referred to by the authors, “Therefore, to obtain a simple first 
approximation, .... only the effect of compressive stress on shear 
strength will be taken into account,’”’ (in developing the plas- 
ticity-condition equation.) Quoting further (in reference to that 
equation, as just given), “Equation [33] still represents an ap- 
proximation, since it takes no account of the effect of strain, rate 
of shear, and temperature rise on shear strength and on the con- 
stants k and Sp.”” The fact that the machining constant is con- 
stant to the degree of a first approximation is exemplified by the 
authors’ Fig. 5, where the internal-friction coefficient curve is 
relatively flat, especially for values of V4; greater than 3. 


Avurnors’ CLOSURE 


The situation regarding the shear-angle relationship in metal 
cutting has been covered very thoroughly by Shaw, Cook, and 
Finnie’ in their excellent article. The present paper was sent 
in before that appeared and we were naturally not able to refer 
to it. We would like to recommend it as furnishing a review of 
the state of the subject at the present time. 

It must be remembered that all the theories at present are 
phenomenological. There is no theory which explains the 
mechanism of metal cutting, that is, the mechanics of the actual 
separation of the chip from the workpiece. Until such a theory 
is forthcoming, discussions could be carried on fruitlessly as to 
the merits of one phenomenological explanation versus another. 
For example, consider the question of hydrostatic stress com- 
ponent as opposed to internal friction as a means of explaining 
certain experimental observations. One could argue that the 
exact state of stress is unknown and, consequently, the introduc- 
tion of the factor by means of which a flow curve is raised, be- 
cause of an assumed hydrostatic component, is an arbitrary 
affair, just as another school of thought believes internal friction 
to be an arbitrary matter. The fact is, it is likely that the deter- 
mining factor may well turn out to be the conditions of fracture 
or separation of material at the tip of the tool which will explain 
the process rather than the stress field at some distance from the 
place where the chip is formed. 

The discussion has been very interesting and stimulating and 
the authors are grateful to the discussers for the views expressed. 
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Current practice for predicting tool life is entirely em- 
pirical; consequently, a prohibitive number of tests must 
be conducted in order to take all influential factors into 
consideration in predicting tool performance for a spe- 
cific set of cutting conditions. One of these factors is the 
direction of chip flow across the tool face. This deter- 
mines the effective rake angle which in turn affects the 
tool life. The usefulness and application of present tool- 
life data and that to be obtained will be greatly expanded 
if they can be correlated with the rake angle in the direc- 
tion of chip flow. However, such a correlation, once es- 
tablished, will be useful only if it is possible to predict the 
direction of chip flow for a given tool used with any com- 
bination of cutting conditions. This paper presents a 
method for predicting the direction of chip flow over a 
range of tool shape and cutting conditions, thus estab- 
lishing a necessary basis for the successful completion of 
the second phase of the over-all objective. 


INTRODUCTION 
"Tore paper presents a method for predicting the direction 


of chip flow for a range of tool geometry and size of cut. 

The incentive for this investigation came from the im- 
portant practical problem of predicting tool life for a given set of 
cutting conditions. This can be done by making tool-life tests 
over a range of all the important variables represented in both 
tool shape and size of cut. If this were done for only one com- 
bination of work material and tool material and for only four 
different values of each of seven important variables, it would 
require more than 100,000 tool-life tests and over 16,000 
cutting-speed, tool-life curves. The work and expense involved 
is prohibitive; thus the practical approach currently is one of 
qualitative interpretation of existing data plus such supplemental 
data as can be obtained economically. 

The nature of the problem of predicting tool life is represented 
in Fig. 1. It shows the effect of tool side-rake angle on tool life 
when turning hot-rolled SAE 1045 steel. The two curves repre- 
sent back-rake angles of 0 and 15 deg, respectively. The tools 
were 18-4-1 high-speed steel with the shape (0 or 15), variable, 
6, 6, 6, 15, 0.010. The size of cut was held constant at a depth 
f 0.050 in. and a feed of 0.006 in. per revolution (ipr). Both 
curves are for the same cutting speed of 187 fpm and both indi- 
cate the advisability of using relatively large rake angles. How- 
ever, they are of little use for determining the cutting speed for 
a 2-hr tool life for a different size of cut with a tool shape of 5, 
16, 6, 6, 10, 0, '/», for example. It would be necessary to run 
tests to obtain the cutting speed - tool life curves for these condi- 
tions. 
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Work material: Hot-rolled SAE 1045 steel 
Tool material: 18-4-1 high-speed steel 
Tool shape: 0, Var., 6, 6, 6, 15, 0.010 (solid line) Depth = 0.050 in. 
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Work material: Hot-rolled SAE 1045 steel Size of cut: 
Tool material: 18-4-1 high-speed steel Feed = 0.006 ipr 


Tool shape: 0, 30, 6, 6, 6, 15, Var. (solid line) Depth = 0.050 in 


15, 15, 6, 6,6, 15, Var. (dashed Cutting speed = 216 
line) fpm 


Fic. Too. Lire tn TuRNING aT CONSTANT AS AFFECTED BY 
Nose Raprus 


Further evidence of the complexity of the problem is shown 
in Fig. 2. This chart shows curves of the effect of tool nose 
radius on tool life. One curve shows that tool life continues to 
increase as the nose radius is increased while the other indicates 
a drop in life as the radius is increased from 0.025 in. to '/i¢ in. 
Both curves are for the same size of cut that was used for the tests 
reported in Fig. 1. Aside from the variable nose radius, the 
only difference in the tools was in the rake anjJes, The tool which 
showed continued increase in life with increased nose radius had 
back-rake and side-rake angles of 15 deg while the other tool had 
0 back-rake angle and a side-rake angle of 30 deg; 32 deg was the 
optimum shown in Fig, 1. 
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It was observed that the direction of chip flow changed with 
both sets of rake angles as the nose radius was increased, Chip 
flow was substantially perpendicular to the side-cutting edge for 
the sharp-nosed tools but the direction swung progressively 
toward the tool axis as the nose radius was increased. As the 
direction of chip flow changed, the effective or true rake angles 
of both tools also changed. In the case of the tool with the 15- 
deg rake angles, the effective rake increased with an increase in 
nose radius while just the opposite was true for the other com- 
bination of rake angles. 

It was reasoned that larger nose radii improve heat transfer 
but that this improvement may be more than offset by the greater 
energy release resulting from a smaller effective rake angle. This 
may explain the drop in tool life as the nose radius was increased 
from 0,025 in. to '/is in. with the 32-deg side-rake tool. The 
same reasoning not only explains continued improvement with 
the 15-deg rake tools but also predicts a leveling off in the vicin- 
ity of the '/\s-in. nose radius since the chip-flow angle was about 
45 deg which also is the direction of maximum slope of the face 
of the tool, Similar experiences occurred in attempts to trans- 
late turning data into shaper and milling practice. Thus the 
decision was made to try to develop a method for predicting the 
direction of chip flow. Having accomplished this, the next steps 
toward a simpler approach to predicting tool-life performance are 
to develop correlations between size of cut and effective rake 
angle and to evaluate importance of the nose radius and effective 
rake angle in regard to energy release and heat transfer. 


Geometry or Cure Flow 


Fig. 3 is a three-dimensional view of a single-point tool show- 
ing the relationship of effective rake angle p, to the chip-flow 
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angle @, and the tool rake angles a and §, where @ is the back- 
rake angle and £ is the side-rake angle. The chip-flow angle @ 
is defined as the angle between a plane perpendicular to the di- 
rection of feeding for a side-cutting tool, and a plane through 
the path of the chip intersecting the reference plane in a line 
parallel to the cutting direction. It is incidental as to whether 
the tool is used as a side-cutting tool or as an end-cutting tool if 
the reference plane is thought of as one of the Cartesian co-ordi- 
nate planes of reference used for specifying tool angles. Specifi- 
cally, it is the plane used as reference for the side-relief and side- 
cutting-edge angles. 
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The effective rake angle can be determined from the equation 
p = arctan (sin @ tan 8 + cos ¢ tan a) 


When Equation [1] is differentiated partially with respect to @ 
and set equal to zero, the solution gives the chip-flow angle @ 
for the maximum effective rake angle for any given set of rake 
angles 


( tan B 3) 


. (2) 


= arctan 


p = max 


It is possible that for given conditions of size of cut, nose radius, 
and cutting-edge angle that the maximum tool life will be ob- 
tained when the effective rake angle is both an optimum and the 
maximum slope of the tool face. The latter condition could rep- 
resent the most favorable heat-transfer condition although this 
has not been confirmed as yet. 


Currina Forces Versus Cure-FLow ANGLE 


In approaching the problem of predicting the direction of chip 
flow it was reasoned that cutting forces would be a good criterion 
since such forces as measured in the plane of the tool face are reac- 
tion to friction and the movement of the chip across the tool. 
Preliminary tests with zero-rake tools confirmed the validity of 
this reasoning. Thus it appeared that for zero-rake side-cutting 
tools at least 


= arctan . [3] 
(=F 4) 
where 2, is the summation of forces in the feeding direction 
and F, is the summation in the direction of the depth of cut. 

The next step was to develop a technique for calculating the 
relative magnitudes of ZF, and TF,. It was recognized that 
it would not be necessary to obtain absolute values for the forces 
since certain materials’ constants would cancel out in forming 
the ratio of ZF,/ZF,. It has been established for orthogonal 
cutting that both the force in the direction of cutting F,, and 
that norma] to the cutting edge F’,, are substantially linear func- 
tions of projected chip thickness and width of cut. Therefore, 
for a differential length of cutting edge 


dF, = Kids... 


dF, = RKt ds... 
where 
i = thickness of cut 
K = material constant in relation to F, 
R = empirical constant (R = F./F,) 
dS = differential length of cutting edge 


Resolving these forces into components in the feed and depth 
directions gives 


dF, = dF, cos 6 + dF, sin B. 
dF4 = dF, sin 0 + dF, sin a.. 


where @ is the angle between a tangent to the cutting edge and 
the tool axis. For a sharp-nose tool @ = 6 along the side-cutting 
edge and 6 = 90 — ¥ along the end-cutting edge where y and 6 
are the end-cutting-edge angle and the side-cutting-edge angle, 
respectively. 

Before integrating Equations [4] and [5] it is necessary to ex- 
press the variable cut thickness ¢ as a function of position along 
the cutting edge. Fig. 4 shows a typical sharp-nose tool with the 
shaded area representing the size of cut. Along the side-cutting 
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FEEDING DIRECTION 
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(Effective cut or chip thickness ¢ is defined in a direction normal to cutting 
edge. End-cutting-edge angle is = by 7 and side-cutting-edge angle 
y 6. 
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(@ is parameter for integrating along curved edge. Cut thickness ¢ is speci- 
fied perpendicular to differential length of cutting edge.) 


edge, the chip or cut thickness t, measured perpendicular to the 
cutting edge, is 


t = fcos0 =fcosé... 


This remains constant along the side-cutting edge. If similar 
reasoning is applied to the end-cutting edge it leads to the im- 
probable assumption that the effective chip thickness for this 
portion of the edge is equal to the depth of cut when the side- 
cutting-edge angle is zero. A series of force tests were made with 
this shape of tool wherein Fy and Fg were measured over a range 


of depth of cut beginning with a depth equal to the feed and in- 
creasing in steps up to 20 times the feed. /4, which was the 
normal force acting on the end of the tool, remained constant 
as the depth increased, thus justifying the assumption that forces 
are substantially a function of the length of the cutting edge en- 
gaged. 

Fig. 5 shows a similar analysis of chip thickness for round-nose 
tools. When the cut is deep relative to the nose radius the thick- 
ness ¢ along the side-cutting edge will be the same as for sharp- 
nose tools but it gradually thins out around the nose in the manner 
shown in the figure. For feeds greater than about one half the 
nose radius the conditions approach those of sharp-nosed tools. 

When the depth of cut is such as to use the round nose or only 
part of it, the effective thickness of the cut must be expressed by 
two formulas—one for the region bounded by the circular arcs 
and another for the region bounded by the forward are and the 
straight line representing the outer work surface. The thick- 
ness of the first region can be approximated reasonably by the 
formula t = f cos 6. For the other region, the exact formula is 
t = NR— (NR — 4d) esc 6. When the cut extends beyond the 
nose to include at least part of the side-cutting edge, the second 
term disappears and a third term ¢t = f cos 6 must be used to ex- 
press the thickness along the side-cutting edge. 

When the foregoing expressions are substituted in Equations 
{4}, [5], and [6] and integrated, the result is as follows 

sin 20 4 


2 


+ RK NR f sin B [sin 
+ K NR? [sin 6] 42 — K NR (NR — d) [log sin 6] 
+ RK NR? sin 6 (0) — R K NR (NR — 4d) sin B 


[ 
log tan 


+ Kf cos? 6 |S] 


+ R KF cos 6 sin B [s] 


where the limits of integration are 
A; = w/2 
Az = arctan [((NR- ~ d) /(2NRd - 
A; = dor aresin [((NR d)/NR} 
S,; = [d-—- (NR — NR sin 8)] sec 6 


— 


The integrations were performed for both ZF, and UF, and 
checked against experimental results obtained with zero-rake 
tools having finite nose radius. A fair degree of correlation was 
obtained when FR was assumed to be equal to unity. A better 
correlation would have resulted from a somewhat larger value of 
R. 

Three additional factors were taken into consideration at this 
stage: (a) The obvious fact that R varies with both the rake 
angle and the chip thickness so that a rigorous solution would in- 
volve R as a function of both of these variables. (b) That both 
the effective thickness ¢ and R should be functions of the re- 
sultant direction of flow and not functions of the variable @. 
(c) The fact that the integral represented by Equation [9] had 
already become so cumbersome as to be useless for practical tool 
design. Consequently, a search was begun for a simple parame- 
ter which would give a good first approximation of the direction 
of chip flow, resulting in sufficiently accurate expressions for ef- 
fective chip thickness and ratio R. 

Fig. 6 provides the basis for discussing the next step. It was 
reasoned that if the chip were to flow perpendicularly to the 
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side-cutting edge, the forces and stress must be sufficient not only 
to cause strain along the shear zone but also to effect shear on the 
surface adjacent to the finished work surface. On the other 
hand, if the chip were to flow parallel to the side-cutting edge, 
the energy release in the shear zone may be about the same but a 
much larger area must be sheared between the chip and the 
shoulder of the work. It is logical to assume that there exists 
between these extremes of direction of chip flow a direction rep- 
resenting minimum force or, more appropriately, maximum stress 
for a given applied force. 


arctan 


d=0 


Fie. 6 Mernop or DererMininc ANGLE or Masor Axis oF Pro- 
sectep or Cut ror Suarp-Nose Toois 
(End-cutting-edge angle is neglected since it usually is small.) 


It was decided io select the major axis of the projected area of 
cut as the normal to the approximate direction of chip flow. In 
Fig. 6 the major axis is the diagonal connecting the extreme cor- 
ners of the projected area of cut. The angle @ corresponds to the 
angle of chip flow as defined earlier. For the general case of 
sharp-nose tools with a finite side-cutting-edge angle, the formula 
for the approximate flow angle is 


= arctan 


dtané +f 


neglecting the effect of small end-cutting-edge angles. As noted 
in Fig. 6, the formula simplifies to 


when the side-cutting-edge angle 6 is equal to zero. 

Fig. 7 gives a similar analysis for round-nose tools. When 
the side-cutting-edge angle 6 is equal to zero and the depth of 
cut d is greater than the nose radius NR, the formula is 


@ = arccot {12] 


This equation neglects that portion of the cutting edge be- 
yond the point of tangency of the nose with the feeding direction. 
This is justified for light feeds and when the ratio of depth of cut 
to feed is large. The theoretically exact equation is 


(WR + f/2) 
d 


= arccot 


When the depth of cut d is small enough in relation to the nose 
radius VR, so that only the curved cutting edge is engaged, the 
approximate formula is 


@ = arceot (2NR/d — 


[14] 
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(Circles represent test points made as shaper and turning cuts at speeds 
eo yt from 12.5 fpm to 250 fpm. Depth of cut varied from 0.010 to 
0.250 i Feed was varied from 0.006 ipr up to 0.080 ipr. Tool material, 


high-speed steel. Tool shape: 0, 0, 6, 6, 0, 2, 0.) 


This equation also neglects that portion of the nose to the right 
of the point of tangency with the feeding direction. A theoreti- 
cally exact equation can be derived easily where such may be de- 
sired. Similarly, relatively simple equations may be written 
for cutting-edge angles other than zero. 

Experiments were conducted for the purpose of checking theo- 
retical predictions of the direction of chip flow. The results of 
the first set of such experiments are shown plotted in Fig. 8. 
The chip-flow angle @ in degrees is shown plotted against the 
ratio of depth of cut to feed. The circles represent the test 
points. It is most significant that the intended first approxi- 
mation of the direction of chip flow as represented by the solid 
line is also a very good prediction of the actual direction of flow. 
The dispersion of the results is not significantly large in view of 
the fact that the initial objective of this endeavor was to predict 
the effective rake angle fer a particular set of cutting conditions. 
It is obvious that such a prediction can be made with a deviation 
of only a matter of minutes in the resultant effective rake angle 
for the conditions represented by Fig. 6. Thus the first approxi- 
mation in the intended approach to a fina] solution of the problem 
proves to be quite adequate for the achievement of the over-all 
objective. This being the situation in regard to zero-rake, sharp- 
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nose tools, it was decided next to determine how the procedure 
was affected by rake angles other than zero. 

A series of tests were made with sharp-nosed tools with a side- 
rake angle of 30 deg. The results are shown plotted as circles 
in Fig. 9. It was reasoned that the force component in the direc- 
tion of cutting velocity would influence the direction of chip 
flow and that this influence would be roughly a function of the 
sine of the component rake angle. The solid line in Fig. 9 indi- 
cates that this assumption gives a reasonable result. It follows 
from symmetry that the effect of the back-rake angle may be 
expressed in a similar manner. An equation can be written for 
the general case involving finite values of both end-cutting-edge 
and side-cutting-edge angles. The end-cutting-edge angle 
usually is negligibly small so that the most complex equation 
necessary for sharp-nosed tools is 


_d (i + sin 8) 


Fig. 10 shows similar test results for tools with a finite nose 
radius, zero side-cutting-edge angle, and zero rake angles. The 
prediction as represented by the solid line is good. This is ob- 
tained with the formula 


@ = arccot (NR/d) 


where the major axis of the projected cut area is taken to the point 
of tangency of the nose with the feeding direction. (This equa- 
tion applies only to that portion of the curve representing cuts 
in which the depth of cut is equal to or greater than the nose 
radius.) As the feed f approaches the nose radius NR in magni- 
tude, the chip-flow angle approaches that of sharp-nose tools 
and the term NR can be replaced by the feed f, thus reverting to 
the form of Equation [11]. When the depth of cut is less than 
the nose radius, the formula is 


= arccot (2 NR/d — [17] 


This formula also neglects that portion of the cut to the right 
of the point of tangency of the nose as shown in Fig. 7. It will 
be noted that the test points are somewhat below the solid line 
for values of NR/d greater than unity. The line can be made to 
conform to the data points by adding the neglected portion of the 
cut in the form of the term f/2. When this is done, Equation 
[17] becomes 


= arccot \(2NR/d - + f/2d) {18} 
However, this step complicates the for:nula and it is unnecessary 


in order to obtain an accurate prediction of the effective rake 
angle. 


90 = — 
oa RANGE FORMULA 

wr/d? | ¢ -arccot (2wr ~1)'* 


70 


LEGEND 

CIRCLES ARE TEST POINTS 
NR* NOSE RADIUS ~ INCHES 

d* OEPTH OF CUT- INCHES 


Fic. 10 Cuip-FLow ANGLE ror Zero-Rake, Rounp-Nose Toois 


(Solid line is predicted angle; circles are test points. Wide ranges of speed, 
feed, and depth of cut are represented.) 


90 


RANGE FORMULA 

LEGEND 
CIRCLES ARE TEST POTS 
NR «NOSE RADIUS -inches 
@ + DEPTH OF CUT inches 
« * BACK RAKE ANGLE 
RAKE ANGLE 


DEGREES 


NR/a 


Fie. 11 Same as Fig. 10, Except Tuat Sipe-Rake ANnoLe Was 
IncreasED TO 30 Deo 
(Apparently side-rake angle has more influence at shallow cute than indicated 


by the term 1 + sin £.) 
Fig. 11 shows the results obtained with 30-deg side-rake angle 
on tools having a nose radius. Compensation for the rake angle 
was made in the same way as for the sharp-nosed tools. 


CONCLUSION 


1 The direction of chip flow appears to be dependent upon 
tool geometry and the forces acting upon the chip. 

2 Knowledge of the mechanism of chip formation for three- 
dimensional systems is not yet sufficient to establish a rigorous 
proof of the dependency of the angle of the chip flow on stress and 
cutting forces. 

3 The major axis of the projected cut is substantially per- 
pendicular to the observed direction of chip flow. 

4 The approximate method for predicting the direction of chip 
flow with single-point tools gives a precise prediction of the ef- 
fective rake angle. 

5 A necessary basis has been established for using a curve 
of tool life versus effective rake angle to predict the life of a tool 
of any shape. 


Discussion 


A. O. Scumipr? ano J. R. Rousik.* The author deserves 
credit for setting himself the difficult task of correlating chip- 
flow direction with nose radius of tool, depth of cut, chip 
thickness, and rake angles. The particular value of this 


2 Researc}. Engineer in Charge of Metal Cutting, Kearney & Trecker 
Corporation, Milwaukee, Wis. Mem. ASME, 

Machine Designer, Research and Development, Kearney & 
Trecker Corporation. Assoc. Mem. ASME. 
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work lies in its evaluation of numerous tests with regard to 
speed, feed, and depth of cut for turning as well as shaping. 

It is called to the author’s attention that the equation ¢ = 
NR — (NR — 2) cos 6 should read 


sin 6 

The paper would seem to substantiate the findings of Stabler‘ 
for small values of the angle of inclination or “obliquity,” and 
includes a refinement in regard to predicting the direction of chip 
flow for values of the ratio d/f lower than 4 or 5. Chip flow from 
a secondary edge tends to alter the direction of flow from the pri- 
mary edge. For most practical cases where w;/t, (d/f in the 
author’s Figs. 8 and 9) is greater than 4 or 5, the effect is local 
only, and is not more than 1 or 2 deg. For the test conditions 
used to obtain the data in Figs. 8 and 9, Stabler’s work indicates: 
(1) For ratios of d/f near zero at which the major cutting action 
probably would take place on the end-cutting edge, the angle @ 
would be near zero; (2) ford/f = 1, the cutting action could be ex- 
pected to be equally divided between the end and the side-cutting 
edge and the angle @ would be near 45 deg; (3) as d/f increases 
from | to 4 or 5 the angle @ would increase, approaching 86 to 88 
deg; (4) for values of d/f greater than 4 or 5 the angle @ would be 
86 to 88 deg. ‘The author’s method of obtaining the curves of 
Figs. 10 and 11 also agrees with Stabler’s statement that 
“where an edge is a continuous curve, the chip takes the direction 
imposed by the middle of its length, or the chip breaks up into a 
number of separate chips,” 

Where the ratio d/f is larger than 4 or 5 for both the cases cited 
by the author and also for cases in which the angle of inclination 
or obliquity of the cutting edge is larger, as is commonly encoun- 
tered in practice, Stabler has outlined a simple procedure for 
determining the line or direction of chip flow and has advocated 
that the effective rake be determined in a plane containing this 
line. 

It seems logical that the effective rake angle just mentioned 
should prove useful in correlation of tool-force data. However, 
the same effective rake angle can be obtained with an infinite 
variety of combinations of back-rake, side-rake, and side-cutting- 
edge angles, some of which combinations provide greater strength 
and heat dissipation to the cutting edge. Thus it is possible to 
have tools with the same effective rake but different strength and 
heat-dissipating qualities simply by geometrical means, and since 
both strength and heat-dissipation have effects on tool life, it is 
questionable that the effective rake can be used to correlate tool- 
life data. 

Knowledge concerning the direction of chip flow is important, 
for example, in face-milling cutters, to avoid chip interference 
which can be detrimental to tool life and surface finish. One of 
the first solutions of this problem has been given by Kraus.* 


Fundamental Geometry of Cutting Tools,” by G. V. 
Stabler, Proceedings of The Institution of Mechanical Engineers, 
London, England, vol. 165, 1951, pp. 14-26. 

*U. 8. Patent No. 2,186,417. 
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Professor Colwell is to be complimented for this useful contribu- 
tion to the knowledge of metal cutting. 


AuTHorR’s CLOSURE 


The author wishes to thank Dr. Schmidt and Mr. Roubik for 
their generous comments and competent discussion of this paper. 
They have called attention to an error in the preprint wherein an 
equation for chip thickness appeared as follows 


t = NR — (NR — 4) cos @ 
which should have appeared as 
t = NR— (NR —d) ese 0 


This obviously was an inadvertent typographical error. 

Dr. Schmidt calls attention to the high degree of conformance 
between the experimental results presented in this paper and those 
reported previously by Stabler, particularly for large ratios of 
width of chip to chip thickness. The author did not make refer- 
ence to this fact inasmuch as the results of this paper were 
entirely experimental while Stabler’s paper also contained 
rigorous mathematical analyses. This paper is not intended as 
an extension of Stabler’s theory inasmuch as it involves two 
radically different boundary conditions while the conditions of 
Stabler’s tests involved two substantially similar boundary 
conditions, 

It is gratifying that Stabler felt justified in predicting qualita- 
tively the results reported in this paper. However, it should be 
noted that Stabler’s analytical treatment does not provide for 
rigorous consideration of either lateral strain or stress across the 
direction of chip flow. 

Dr. Schmidt questions the existence of a correlation between 
tool life on the one hand, and effective rake-angle and boundary 
heat-transfer conditions on the other hand. He bases his con- 
clusion on the sensitivity of strength to the infinite combinations 
of side rake angle and back rake angle for a given effective rake 
angle. Obviously the stresses within a cutting tool would vary 
continuously with changes in the rake angles. However, 
strength is an ultimate property of the tool material and it does 
not necessarily follow that it will have any appreciable influence 
on the manner in which the effective rake angle and the nose 
radius affect the rate of energy release and the heat-transfer 
characteristics. It is believed that this conclusion is sub- 
stantiated by the solid line in Fig. 1 of the paper which indicates 
that the tool life increases steadily as the rake angle is increased 
up to a maximum in the vicinity of 32 deg; further increase 
in angle results in an abrupt reduction in tool life and this is 
accompanied by the observation that the cutting edge spalls, at 
least superficially, in this range thus confirming the influence of 
strength of the tool material as a boundary or limiting condition. 

Again the author wishes to thank Dr. Schmidt and Mr. Roubik 
for their thorough and interesting discussion of this paper. 
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Dynamic Properties of Nodular Cast Iron 
Part 2—Size Effect’ 


By HARRY MAJORS, JR.? 


Rotating-beam endurance tests at room temperature 
have been conducted on 0.86-in-diam minimum notch 
sections and 1.25-in-diam minimum unnotched sections 
in order to compare fatigue data obtained from geomet- 
rically similar specimens having minimum diameters 
of 0.19 in. and 0.30 in., respectively. Comparisons have 
been made for tension-test data obtained from sections of 
0.19 in., 0.50 in., and 0.75in. diam. A series of exploratory 
tests in fatigue were made on grooved specimens and for 
two notch angles for comparison with results obtained on 
ungrooved specimens. Results are reported for the opti- 
mum chemical composition without any nickel content 
in the annealed and as-cast condition. 


INTRODUCTION 


ART 1 (1)* presented the experimental results of an in- 
Precienion on the mechanical properties of magnesium- 

treated cast iron obtained from specimens machined from 
6/,-in-thick keel block in the annealed and as-cast conditions. 
The trend in size effect on the endurance curve was presented 
for specimens having minimum diameters of 0.19, 0.32, and 0.45 
in. in which the casting size is considered small. Part 2 is con- 
cerned with a comparison of mechanical properties of specimens 
machined from castings, sizes 2 in. and 4 in. diam in which the 
largest fatigue specimens are 1.25 in. diam and the largest tension 
specimens are 0.75 in. diam. 


LITERATURE ReviEw—Wrovuaut METALS 


Even though pioneer investigations were made in the 1850's 
and 1860's by Wohler (2) upon the effect of cyclical stress on frac- 
ture of steel, no mention of systematic investigations of the effect 
of size of specimen upon the endurance limit of wrought metals 
was made until 1920 by Peterson (3). As a result of several 
investigations carried on during the period 1933 to 1948 (4, 5, 6, 
7, 8, 9, 10) it was concluded that a size effect occurs for wrought 
metals when tested in fatigue. The greatest decrease in strength 
with increase in size occurs for test sections under 2 in. diam. 
Also, Mailander (6) noted a size effect on unnotched bars. 
Dolan and Hanley (11) made controlled tests on a range of sizes 
(SAE 4340 steel) from '/s, in. diam to 1*/, in. diam in the un- 
notched and notched condition. All specimens were machined 
1/, in.oversize in the diameter, heat-treated to an average tensile 
strength of 163,700 psi and hardness 36 Rockwell C scale, then 
machined to final size and polished. Among the several con- 
clusions that were presented, the following are noted: 


! This investigation was started December, 1950, under the spon- 
sorship of the University of Alabama Research Committee. 

? California Research and Development Company, Livermore, 
Calif., on leave of absence from the University of Alabama, Director, 
Engineering Experiment Station. Mem. ASME, 

? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Metals Engineering Division and presented at 
the Semi-Annual Meeting, Los Angeles, Calif., June 28-July 2, 1953, 
of Tue American Society or MecHANICAL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Janu- 
ary 8,1953. Paper No. 53——SA-25. 


(a) The endurance limits for the specimens in reversed bending 
decreased with increasing diameter of specimen from a value of 
about 82,500 psi for '/s-in. unnotched to 74,000 psi for the 1*/,-in. 
unnotched specimens. 

(b) Whereas for notched specimens the endurance limits ex- 
hibited similar decreases in magnitude from a value of 51,700 psi 
for '/, in. diam to 42,000 psi for specimens 14/, in. diam. 


Size effect in endurance testing has been noted on several mate- 
rials. Horger and Neifert (12) give these values for machined 
forgings, Table 1. 


TABLE 1 ENDURANCE LIMIT VERSUS SIZE (12) 


Diameter, in, Endurance limit, psi 


In tests on small polished specimens of a magnesium-alloy pro- 
peller material, Sachs (13) found an endurance limit of 18,000 
psi, but on a 3-in-diam specimen, clamped to simulate those 
stresses in a propeller, he found only 8000 psi. 

Size effects have been studied also by Peterson and Wahi (14), 
Faulhaber, Buchholtz, and Schulz (15), Kuntze and Lubimoff 
(16), Hempel (17), and Kérber and Hempel (18). 

Battelle (19) comments that the so-called ‘‘size effect’’ in fa- 
tigue may be a statistical matter. Nevertheless, the larger the 
wrought-metal test piece as well as the harder it is, the more likely 
it is to be more severely affected by notches and poor finish. 

Phillips and Heywood (20) determined the size effect in 
fatigue of plain and notched steel specimens of diameters in 
the range 0.19 to 2.4 in., loaded under reversed direct stress. 
For unnotched specimens of mild steel (50,000 psi, TS) and 
2'/. per cent Ni-Cr steel (130,000 psi, TS) no intrinsic size effect 
was observed but size effects were found for notched specimens, 


Lirerature Review~—Cast Mareriats 


In considering size effects on the endurance limit of cast mate- 
rials one recognizes three categories which are not apparent with 
the wrought metals: 


1 One may compare the effect of size of specimen removed 
from a small casting. 

2 One may compare the effect of size of specimen removed 
from a large casting. 

3 One may compare specimens removed from a large casting 
with those removed from a small one. 


Size effect on endurance limit of gray cast irons are reported in 
only a few places. Schneidewind and Hoenicke (21) showed the 
effect of casting diameter upon physical properties of mold cast 
iron in Table 2. 


TABLE2 EFFECT OF CASTING DIAMETER ON PHYSICAL PROP- 
ERTIES (21) 


0.50 
53257 


32000 
19.5 108 


Casting diameter, in 
Tensile strength, psi 
Endurance limit, un- 
notched, psi 
Tensile modulus of 
elasticity 


2.0 
22533 
13500 
12.0 108 


12 
32050 
19500 
13.6 106 


0.875 
34142 
20000 
17.6 108 
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= 
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tically no variation in static properties caused by section thick 
ness, 


hanite” cast-iron marine shafting and compared results with 
small specimens removed from the 6-in-diam shaft as shown in 
Table 3. 


TABLE 3 SIZE EFFECT ON MEEHANITE SHAFTS (22) 
Size of specimen, diam, in. 6 0.5 


Torsional endurance limit, psi....... . 
Reversed bending endurance limit 


In an article by Geiger and Northrup (23) it was commented 
that the size of casting has no effect on altering the distribution 
and formation of carbon spheroids. The variation of properties 
with size of casting is noted in Table 4 for nodular cast iron in 
as-cast condition with the following chemical composition in per 
cent: Carbon 3.5, silicon 2.3, nickel 2.0, manganese 0.2, phos- 
phorous 0.02, sulphur 0.01, 


TABLE 4 BIZE OF CASTING VERSUS PROPERTIES (23) 


Size of casting from which 
specimens were removed, 
in. 1 2 6 12 18 36 


Tensile snngeh, psi 86900 80400 71700 64200 57600 44600 
Yield strength, psi......... 61200 63900 57900 56400 48200 43000 
ongation = centin2in.. 6.3 5.0 3.5 3.5 4.0 2.0 

Hardness, Bhn... 205 207 201 185 176 161 


Gagnebin, Millis and Pilling (24) compared as-cast nodular 
iron of similar composition to reference (23) with annealed iron 
and found the effect of section thickness on the static properties as 
indicated in Table 5. 


If magnesium-treated iron is used in large sections subjected to 
alternating stress, some knowledge is needed of the effect of size 
of test specimen on the dynamic properties. A search of the 
literature reveals very little discussion of fatigue tests on large 


specimens, 


PREPARATION OF CasTINGS 


The magnesium-treated cast iron was made in an indirect-arc 
rocking electric furnace that was charged with 300 lb of low 
phosphorous-charcoal pig iron from the Tennessee Chemical 
Products Company. ‘This furnace had a sillimanite lining and 
takes a standard charge of 350 Ib. After the charge was melted 
and heated to approximately 2700 F, 4.5 lb of 70 per cent copper 
30 per cent magnesium alloy were added to the molten iron. 
When the reaction had subsided, 6 lb of 75 per cent ferrosilicon 
were added as a postinoculant. Then the iron was skimmed 
and poured immediately at about 2500 F into green synthetic- 
sand molds which formed castings as shown in Fig. 1, with the 


following chemical analysis in per cent: Total carbon, 3.28; 
silicon, 2.39; sulphur, 0.013; phosphorus, 0.08; manganese, 0,30; 
magnesium, 0,10 (estimated); copper, 1.15 (estimated). 

Figs. 2 and 3 indicate the resulting microstructures. Large 
risers were on each end to insure soundness by controlling direc- 
tional solidification from the center to the ends of each specimen. 
When the risers were removed, cylindrical castings remained, 2 
in. diam and 10 in. long, from which the large fatigue specimens 


TRANSACTIONS OF THE ASME 
Kraft and Flinn (26) conclude in their ‘“Authors’ Reply” 


that ductile annealed iron when properly processed has prac- 


Dorey (22) conducted torsional fatigue tests on 6-in-diam ‘“mee- 


TABLE 5 SECTION-THICKNESS EFFECT ON ANNEALED AND AS-CA8T NODULAR IRON (24) 


FEBRUARY, 1954 


Castine or Macnestum-Treatep [ron, SHow1ne 4-In-Diam 
Riser 


hia. 


(Large fatigue specimens were machined from two horizontal sections, 2 in. 
diam X 10 in. long.) 


were machined as shown in Figs. 4and 5. Some of the cylindrical 
castings were annealed for 15 hr at 1400 F, cooled from 1400 to 
1000 F in 3 hr, and air-cooled, prior to machining, yielding a 
ferritic structure varying in hardness from 156 to 176 Bhn. In 
the as-cast condition the hardness varied from 232 to 265 Bhn. 
Reese, Rote, and Conger (25) discuss the effect of chemistry 
and section size on static properties of ductile iron. They con- 
cluded that the maximum static strengths for all section sizes 
were obtained at 1.5-2.5 per cent silicon. Furthermore, the 
tensile strength, yield strength, and per cent elongation varied 
little for a variation in casting sections of from 2 to 4in. It 
was concluded, also, that the carbon exerts little effect on the 
strength or other properties of ductile iron. Phosphorus decreased 


-An cast-—-— Annealed 
Section thickness, in. 1 2 4 6 1 2 4 6 
‘Tensile strength, pai. . 87000 §=84000 72000 75000 76000 73000 56000 
Yield psi 80000 76000 68000 60000 60000 60000 60000 59000 
Elongation, per cent in 2 in. 1 1 1 ! 15 13 s 4 
Hardness, Bho. Sieswicdes 292 290 285 275 180 179 179 174 


the strength and should be held to the lowest value possible. 

For comparing the size effect, geometrically similar unnotched 
and notched fatigue specimens were made, Fig. 6. The effect 
of size of tension specimen was investigated using specimens 
shown in Fig. 7. In addition, some 4-in-diam risers were made 
into tension and unnotched fatigue specimens; and a series of 
notched fatigue specimens were made as indicated in Fig. 8, to 
explore the notch-angle effect and effect ot size of casting. 


Fariaue Tests 

All large fatigue specimens, as shown in Figs. 4 and 5, were 
tested on a Baldwin 10,000-in-lb fatigue machine in rotating 
bending at 3400 rpm. Large and small unnotched specimens 
were polished with emery cloth No. 1, 0,00, and 000 to remove the 
radial tool scratches, after each specimen was machined with 
the same tool for the finishing cuts. 

The notched fatigue specimens, both large and small, were not 
polished after machining. All specimens were measured in the 
optical comparator. 

Small fatigue specimens shown in Figs. 6 and 8 were tested 
ona 140-in-lb Krouse rotating cantilever fatigue-testing machine 
at zero mean stress per cycle, 6000 rpm. The results of these 
tests are plotted in Figs. 9, 10, 11, and 12; and the endurance 
data are summarized in Table 6. 


4 Test data from which Figs. 9, 10, 11, and 12 were drawn are availa- 
ble from the author if required. 
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MAJORS—DYNAMIC PROPERTIES OF NODULAR CAST [RON—PART 2, SIZE EFFECT 


(b) 


Maanesium-Treatep [Ron Bars, 2 
(a, Specimen No. 19 x 100; b, specimen No 


Fic. 2 
unetehed, 


(a) 
Kia. 3 


(a, Specimen No. 1, unetched, * 100; 


SIZE OF TEST SECTION ON RANCE 
MAGNESIUM-TREATED CAST 
As-cast 
—condition 
0.30 1.25 


TABLE 6 EF 
LT} 


Annealed 
-— condition 


Section, test size, in 1.25 0 30 
Endurance limit at 10,000,000 
cycles, unnotched, psi 
Endurance limit at 
10,000,000 cycles, 
notch, psi 
Root radius, in 
Dynamic stress-concentration 
tor 2.05 65 1.81 


37000 35500 33500 =36000 
fi-deg V- 

18000 
0.08 


21500 
0.01 


18500 
0 08 


21000 
0.01 


1.71 


It would be expected that the small unnotched fatigue speci- 
mens in the as-cast. condition should have a higher endurance limit 
than in the notched condition. The results of tests on this mate- 
rial show that they are about equal. In both the annealed and 
as-cast state, there was no change in the endurance limit, but for 
each condition there was a small size effect in the notched condi- 
tion. 

For the annealed-condition unnotehed specimens there was a 
small size effect. 

These observations are reflected in another manner by the 


In. Diam X 10 IN. Lona, 
19, etehed 2 


MaGnestuM-TreATED Iron Bars, 2 In. Diam X 10 In. Lona, As-Casr Srructure 
b, specimen No. 1, etched 2 per cent nital, 
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Grarnire Novutes tn Fereiric Matrix 
100.) 


ANNEALED STRUCTURE 


per cent nital, X 500; ¢, specimen No. 12, unetched, 
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Grarnire Nopuces in Marnix 


«500; ¢, specimen No. 7, unetched, 100.) 


dynamic stress-concentration factors which increase with size for 
the annealed as well as the as-cast condition. 


Size Errect on Tension Test 


When fatigue tests had been completed upon the large fatigue 
specimens, the broken specimens were machined into ten 
sion specimens according to Fig. 7. SR-4 wire-resistance bonded 
strain gages and class A type Huggenberger gages were used 
jointly for measuring the strains. During the loading in the 
Baldwin 120,000-Ib hydraulic testing machine, the diameter of 
the specimen was measured also, from which the true stress and 
strain were computed and the final diameter measurement was 
used for computing the true strain at rupture. On the as-cast 
material wire strain-gage readings were obtained up to rupture 
in many cases. The results of this testing are shown in Figs. 13, 
14, 15, and 16 in which the reproducibility of the testing can be 
evaluated. It is seen that there is more variation in the tension 
results for small specimens, —0.19 in. diam, in the as-cast condi- 
tion. Scattering of test results using the 0.75-in-diam tension 
specimen is small. 
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whereas those from a 0.75-in-diam specimen were lower. 
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summarizes the effect of size of test section upon the 
tension results. 

Fig. 17 shows the stress-strain curves for different size test 
specimens all removed from large fatigue specimen No. 28. 
Specimens 0.19 in. and 0.50 in. give essentially the same results 


Modu- 


lus of elasticity was not affected by size of test specimen. 
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INFLUENCE OF Size OF CasTING ON FatiauE 


In order to ascertain the influence of size of casting section 4 in. 
diam with that 2 in. diam, the large risers on each end of the 
2-in-diam cylindrical casting were machined into specimens ac- 
cording to Figs. 7 and 8. Furthermore, this indicated how the 
properties of the riser compared with those of the casting. 

Fig. 18 shows the results of fatigue tests conducted on 0.30- 
in-diam specimen section which were machined from 2.0-in- 
diam sections and 4.0-in-diam cast sections. Within the normal 
range of fatigue test-data scatter, there was no appreciable differ- 
ence in the endurance limit. 


Size Errect on Lance Castine Secrions Macuinep Tren- 
SION SPECIMENS 


Tension specimens were machined from the 4-in-diam risers 
according to Fig. 7, and a similar testing technique was used as 
that for testing specimens machined from 2-in-diam cast sec- 
tions. Table 8 summarizes the results shown in Figs. 19 and 20. 

Comparing Table 8 with Table 7 reveals that the tensile results 
are not affected by removing specimens from a 2-in-diam or 
4-in-diam cast section. 

For both sections there is a size effect on tension results, but 
the results for the 4-in-diam show the least effect, size effect being 
noticed when testing 0.19-in-diam sections only. Testing sec- 
tions 0.50 in. or 0.75 in. diam gave similar values, allowing for 
scattering of values. True strain at fracture was about 0.015 
in. regardless of size, whereas size effect was noticed for specimens 
removed from 2.00-in-diam sections. 
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MAGNESIUM-TREATED CAST IRON 
(Specimens machined from 4-in-diam section) +——+ TRUE STRESS-STRAIN DIAGRAMS IN TENSION 
SPECIMENS MACHINED FROM LARGE FATIGUE NO.28 


True Modulus 
Proportional strain of 
Test Timit, at 
specimen psi i fracture 
As-Cast Condition, 0.19 In. Diam 
22A 37000 85000 0.015 24.5 K 108 
As-Cast Condition, 0.50 In. Diam 
228 35000 79200 0.013 
278 35000 77500 0.013 
As-Cast Condition, 0.75 In. Diam 


22C 34000 77500 0.015 
27C 35000 77000 0.014 


T 
ANNEALED CONDITION 


elasticity, 
psi 


In all cases the proportional limit was affected only slightly, 
realizing that some judgment is needed in determining this prop- 
erty. 


Norcuep aNnp Groovep Fartaue Tests 


Figs. 21, 22, and 23 present the effect of testing various sizes 
of grooves on the endurance curve. No definite conclusions are 
made because much more data is needed than appears in this re- 
port to show the trend of varying the ratios d/D and r/d upon the 
endurance limit. 

Likewise, Fig. 24 attempts to show the effect of notch angle on 
the fracture line but no general conclusions are made. 


CONCLUSIONS 


This investigation was concerned with the effect of size of 
test specimen upon the dynamic stress-concentration factor of 
_ magnesium-treated cast iron, having an optimum chemical com- 
position (no niekel content) as indicated. The following com- 

ments result: ; 
1 Size Effect From Thin Castings. It was noted in Part | 
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(1) for castings 0.75 in. thick in the annealed condition and un- 
notched test sections 0.30 in. diam and larger that there is a trend 
for a small size effect, whereas for sections less than 0.30 in. diam 
there is a noticeable size effect upon the endurance limit. 

2 Size Effect From Large Castings: 

(a) For unnotched specimens in the annealed or as-cast condi- 
tion, there is no significant size effect on the endurance limit for 
test sections ranging from 1.25 in. to 0.30 in. diam when speci- 
mens are removed from a 2.0-in-diam casting. A comparison 
of data from 4.0-in-diam with those from 2.0-in-diam castings 


did not reveal a significant size effect. No data were obtained for 


sections smaller than 0.30 in. 

(b) Notched fatigue specimens showed a size effect in both 
the annealed and as-cast condition. Notches in large fatigue 
specimens (D = 1.50 in.) in diameter have an endurance limit of 
18,000 psi while notches in small specimens (D = 0.38) have an 
endurance limit of 21,000 psi. No data were obtained for notches 
in rods smaller than 0.38 in. diam, Figs. 5 and 6. Also, the dy- 
namic stress-concentration factor is higher in large notched speci- 
mens than in smaller ones of similar geometry. 
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(c) A size effect was discernible for tension specimens ma- 
chined from 2.0-in-diam castings. In the as-cast condition, the 
tensile strength and true strain at fracture were higher for a 
0.19-in-diam section than for a 0.75-in. test section. Proportional 
limit and modulus of elasticity were the same for both sizes, 

(d) For tension specimens in the annealed condition, the pro- 
portional limit and true strength at fracture were larger for 0.19- 
in. than 0.75-in. sections. True strain at fracture and modulus 
of elasticity were not affected by size of test section as shown in 


Table 7. 


Fic. 24 


1,000,000 


3 Comparison With Specimens From Different Sizes of Cast- 
ings. The endurance curves were identical for specimens re- 
moved from 4-in and 2-in-diam castings. Also, no difference of 
any magnitude was observed in testing tension specimens at room 


temperature. 
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On the Analysis of Cutting-Tool 


Temperatures 


By E. G. LOEWEN! anp M. C. SHAW,? CAMBRIDGE, MASS. 


In modern machine-tool practice, cutting temperatures 
are assuming increasing importance as cutting speeds 
and feeds are increased and new materials of construction 
are introduced. Although methods are available for de- 
termining experimentally the mean temperature on the 
tool face of a cutting tool, it is not possible to determine 
experimentally the influence of many of the variables in- 
fluencing this temperature, or to measure conveniently 
its components. The analytical procedure to be followed 
in computing cutting temperatures is presented and illus- 
trated by several examples. The relative importance of 
the several variables influencing tool-face temperatures 
is discussed and the variables of real significance are listed 
in order of importance. The only important thermal 
quantity of the system is the product of the thermal con- 
ductivity and the volume of specific heat of the work- 
piece. Analytical results are employed to explain the un- 
usually high temperatures that are observed in machining 
titanium alloys. 


INTRODUCTION 


HE role that the temperature of the cutting tool plays in 
processes was first studied from an experi- 
mental point of view. It was noted as early as 1907 by 
F. W. Taylor (1)* that increased cutting speeds resulted in in- 
creased tool temperatures and hence, decreased tool life. Such 
observations led Taylor and White to the development of the 
first high-speed steels. However, tool temperatures could not 
be treated quantitatively until about 1924, when means were 
devised by Shore (2) in America and almost simultaneously by 
Gottwein (3) in Germany and Herbert (4) in England for meas- 
uring the mean temperature along the face of a cutting tool by the 
tool work-thermocouple technique. This method of determin- 
ing tool temperatures utilizes the fact that an emf is generated 
at the interface of two dissimilar metals when the tempera- 
ture of the interface changes. The tool-work thermocouple 
method has been used in many of the studies which have in- 
creased our knowledge of the thermal behavior of cutting tools. 
There are several variables which influence the tool tempera- 
ture, and it is desirable that the relative contribution of each of 
these be understood. However, it is difficult to obtain such infor- 
mation experimentally. Although the radiation studies of 
Schwerd (5) and the use of thermal-sensitive paints by Pahlitzsch 
and Helmerdig (6), and Bickel and Widmer (7) have thrown 
considerable light upon the factors affecting tool temperatures, 
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there are numerous points that cannot be investigated by experi- 
mental procedures and, therefore, an analytical approach is indi- 
cated, 

The first attempt to explain cutting temperatures analytically 
was made by Trigger and Chao (8) in 1951. The problem to be 
solved may be stated briefly as follows: The energy involved in 
cutting is confined to two regions; (a) along the shear plane dur- 
ing the plastic deformation associated with chip formation, and 
(b) along the tool face as a result of the frictional resistance be- 
tween chip and tool, shown in Fig. 1. The portion of the shear 


Masor Sources or Enercy Dissipatep 
(1, Shear energy; 2, friction energy ) 


Fic. 1 


energy that appears as thermal energy is available to raise the 
temperature of the shear plane. The thermal energy associated 
with the shear process will flow partly into the chip and partly 
into the workpiece. Problem (a) involves the partition of energy 
between chip and workpiece and the determination of the mean 
shear-plane temperature, Problem (b) involves the partition 
of the tool-face thermal energy between chip and tool and the 
mean temperature along the tool face. 

Solution of these problems involves heat-transfer calculations 
for stationary and moving heat sources, 

In their analysis Trigger and Chao (8) made the following as- 
sumptions: 


1 Of the mechanical energy associated with the shear process, 
12.5 per cent would not appear as thermal energy but would re- 
main in the chip in the form of residual strain energy. 

2 Of the total cutting energy, 10 per cent would flow from the 
shear plane into the workpiece in the form of thermal energy. 

3 Shear and frictional energy in regions 1 and 2 of Fig. 1 is 
distributed uniformly. 

4 There is no redistribution of the thermal shear energy going 
to the chip during the very short time the chip is in contact with 
the tool. 


While the last two assumptions appear to be well founded for 
normal cutting operations involving continuous chip formation 
without built-up edge, the first two assumptions are too arbitrary 
and may be improved. Outwater and Shaw (9) have shown how 
the heat-transfer technique of Blok (10) may be applied to com- 
pute the discribution of thermal energy at the shear plane. Hahn 
(11) has presented a somewhat different solution to this phase 
of the problem, and the relation between the two solutions is dis- 
cussed in reference (12). The method of reference (9) is used in 
the following discussion for reasons stated in reference (12). 
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The rate at which shear energy is expended along the shear 
plane will be 


(1 


where F, is the component of force directed along the shear plane, 
and V, is the velocity of the chip relative to the workpiece, which 
also is directed along the shear plane. In accordance with as- 
sumption 3, the rate at which energy is expended per unit area 
on the shear plane will be for orthogonal cutting conditions which 
assume 


th ese @ 


where ¢ is the thickness of the layer removed, Fig. 1, b is the width 
of the workpiece, and @ is the shear angle. There is considerable 
experimental evidence which shows that the energy involved in 
plastic deformation largely goes into thermal energy, the extent 
of completion of the transformation depending upon the strain 
energy involved in the process (13). When the plastic-strain en- 
ergy is as large as that involved in cutting, all but 1 per cent 
or so of the strain energy appears as thermal energy, the smal! 
residuum being associated with permanent lattice deformation. 
Thus to a good approximation, it may be assumed that all of the 
mechanical energy associated with the shearing process is con- 
verted into thermal energy, and the heat which flows from the 
shear zone per unit time per unit area will be 


u, V sin 


Jth ese = J 


where J is the mechanical equivalent of heat, and u, is the shear 
energy per unit volume of metal cut, and V the cutting speed. 

Part of this heat will travel with the chip and the remainder will 
flow into the workpiece. If 2; q; is the heat per unit time per unit 
area which leaves the shear zone with the chip, then (1 — R,) qa 
is the heat per unit time per unit area that flows into the work- 
piece. By use of assumption (4) the mean temperature of the 
metal in the chip, in the vicinity of the shear plane, will be 


R, uy 


Ry q (bt ese 


0 


where 4 is the ambient workpiece temperature, cp; is the volume 
specific heat at the mean temperature between 6, and 0. 

Equation [4] gives the mean shear-plane temperature in terms 
of unknown Rj, from the point of view of the chip. A value of 8, 
may be computed from the point of view of the workpiece in the 
vicinity of the shear plane. This latter value will involve the 
quantity (1 — R,). According to the procedure of Blok (10), 
these two values of 6, may be equated to obtain the value of the 
single unknown R, and hence the value of 6,. 

The calculation of 6, from the standpoint of the workpiece may 
be made by using Jaeger’s solution (14) for the mean temperature 
at the interface of a perfectly insulated slider moving across a 
conducting surface with velocity V, as heat is continuously and 
uniformly supplied to the interface. When the dimensions of 
the slider are as shown in Fig. 2 and m/l > 2, as in most prac- 
tical cases, the mean teraperature at the interface 6 may be 
written 


6 = 0.751 L>O2........... [5] 
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where k is the thermal conductivity of the conducting stationary 
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surface in Btu/in?/sec/(deg F/in.), q is the rate at which thermal 
energy leaves the interface per unit area in Btu/in*/sec, and 


where K is the thermal diffusivity‘ of the conductor in in?/sec. 
The parameter L is nondimensional if velocity V is in in/sec, 
and I is measured in in. It can be shown that the mean tem- 
perature, given by Equation [5], undergoes little change when 
q is not distributed exactly uniformly. 


4 


Fic. 2. Insu.atTep SiiperR ON ConpucTING SURFACE 


SHEAR PLANE 
MOVING HEAT 
SOURCE 


Fig. 4 Puspanen’s MecuanisM or Cure FORMATION 


Equation [5] may be used to compute the shear-plane tem- 
perature as shown in Fig. 3. Here the chip may be considered 
to be a perfect insulator if the total heat flowing from the inter- 
face is (1 — Ri) qm. The velocity of sliding is taken as V, and 
not V in accordance with the generally adopted Piispanen pic- 
ture of metal cutting shown in Fig. 4. By this picture, metal 
when cut behaves as a deck of cards, one card at a time sliding a 
finite distance across its neighbor. Heat is generated only when 
sliding occurs in direction V, and we might consider that one 
plate at a time is always in motion. An approximation involved 


the quotient, thermal conductivity k, divided by volume specific 
heat pe, i.e., K = k/pe. 
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in wedge A is not there, while that in wedge B is ignored. Since 
the heat flows associated with wedges A and B will tend to cancel 
each other, it is considered that the idealized picture of Fig. 3 
should provide a good approximation, 

When Equation [5] is used to compute the shear-plane tempera- 
ture, it is found 


t 

6, = 0.754 Ly ~ [7] 
and 
(' ese 

2 Vyt 
I, = = 
2K, 4K, 


where k, is the conductivity, and A, the diffusivity of the work- 
piece material at temperature 6,, and ¥ is the strain in the chip. 
Then, equating Equations [4] and [7], and solving for A, it is 
found that 


l 
+ 1 + 1.328 
Vi Nv 
Once R, is known, 6, may be calculated from Equation [4]. Fig. 


5 is convenient for use in determining R;. Tt is evident that the 
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percentage of energy going to the chip 2, does not increase with 
increased cutting speed V alone, but rather with the nondimen- 
sional quantity (Vt)/(A,y). From Equation [4] it may be seen 
that the temperature rise at the shear plane varies directly with 
the shear energy per unit volume going into the chip 2, u,, and 
inversely with the volume specific heat of the workpiece ¢;p;. 


SraTionary Heat Source 


In order to compute the temperature rise on the tool face re- 
sulting from frictional heat, it is necessary to be able to solve 
the problem of Fig. 2 for the case where the nonconducting mem- 
ber is stationary. This may be done by using Kelvin’s integra- 
tion of the Fourier heat-transfer equation for the special case in 
which a quantity of heat Q is liberated instantaneously at a point 
(z’, y’, 2’) within an infinite, conducting body at time zero. Kel- 
vin’s result for the temperature rise A@ at point (z, y, z) at time 
tis well known and available in texts on heat transfer (15). 


Om [10] 


LOEWEN, SHAW—ON THE ANALYSIS OF CUTTING-TOOL TEMPERATURES 


219 


where r? = (x — x’)? + (y —y')? +(z—-2'). For the case of 
a continuous heat source extending over a finite area, both a 
time and area integration are required. If the time integration 
is performed first, for the semi-infinite body, and if we concen- 
trate our interest on the steady-state solution (i.e., let (+ @), 
then the equation for the steady-state temperature rise anywhere 
in the semi-infinite body with a uniform heat source, of strength 
extending over —/ < x2’ < land —m < y’ < mis given by 


30 


The main interest lies in the temperature rise in the plane con- 
taining the source. Then, upon integrating Equation {11} and 
letting z = 0, we have 
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The mean surface-temperature rise over the area of the source 
may be obtained by integrating Equation [12] over the area of 
the source and dividing the result by the area, thus 


m 
f (A@) dx dy 
= — 


dim 


This equation may be written 


Aé = 


{ {13} 


ql 
Aé = 

k 
where A is the area factor (a function of the aspect ratio of the 
surface area m/l only), plotted in Fig. 6. The function A,,, also 
shown in Fig. 6, has a similar significance for the maximum tem- 
perature rise in the surface (A 6,,) and is defined as 


(14) 
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For values of (m/l) greater than 20, the quantities A and A,, 
may be found to a good approximation from the equations 


3m 


(1 1)... 
l 


While a somewhat similar derivation is followed by Trigger 
and Chao (8) for the stationary heat-source problem, their solu- 
tion unfortunately is in error as a result of the incorrect applica- 
tion of the Kelvin equation from the standpoint of symmetry. 


{16} 


{17] 


Toot-Face TemreratTure Rise 


From an analytical viewpoint, the friction between chip and 
tool can be regarded as a heat source that is moving in relation to 
the chip and, at the same time, one that is stationary in relation 
to the tool. As before, it is this double treatment that allows cal- 
culation of the partition of friction energy between chip and tool, 
and hence the resulting temperature. 

The total friction energy q2 in Btu/in?/see that will be dissi- 
pated at the chip-tool interface per unit time per unit area will be 


where F is the friction force along the tool face, V, is the velocity 
of the chip relative to the tool, a is the length of contact between 
chip and tool in the direction of motion, b is the width of the chip, 
and u, is the energy per unit volume of metal cut that is consumed 
by friction on the tool face. 

If Ry is the fraction of gz that flows into the chip, then the aver- 
age temperature rise in the surface of the chip due to friction 
Ad, is from Equation [5] 


a 
0.754( Rs 
ke Vis 
where ky is the thermal conductivity of the chip at its final tem- 
perature, the parameter J, is defined as 


and Ky is the thermal diffusivity of the chip at its final tempera- 
ture, 

The mean temperature of the chip surface along the tool face 
(6,) will be the sum of the mean shear-plane temperature (8,) 
and the mean temperature rise due to friction (A@,), and 


0.377 a 


6, = 6, + Ab, = 0, 4 7 
ky 


[21] 


To find Ay, the stationary heat-source solution must be applied 
to the tool. The shaded area in Fig. 7 represents the area of 
contact between a chip and a two-dimensional cutting tool, the 
cutting edge being along the Y-axis and the tool face in the X Y- 
plane. The tool represented by the solid lines maz be considered 
a quarter-infinite body relative to the shaded area of contact. 
This is seen to represent a good approximation of an orthogonal 
cutting tool, provided the rake and clearance angles are not too 
large. By symmetry it is evident that the temperature at any 
point in the surface of the quarter-infinite body subjected to the 
uniform heat source represented by the shaded area would be the 
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same as the temperature of the corresponding point in the semi- 
infinite body when subjected to a uniform heat source extending 
over A-B-C-D, provided that the YZ-plane is a perfect insulator, 
just as the XY-plane, which is a valid assumption. Thus the 


dal 


Revationsure Between Two-DimensionaL Toot AND A 
Semi-Inrinite Bopy 
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aspect ratio to be used in obtaining the mean tool face-tempera- 
ture rise is 


7 = (orthogonal tool) 


By similar reasoning, the aspect ratio for a lathe tool which cuts 
at the corner of the tool would be 


m 
— = —(lathe tool) 
l a 
With the aspect ratio thus defined for any tool, the shape factor 
A may be determined from Fig. 6 and the temperature 6, solved 
for as a point in the tool from Equation [14]. 


R. le - 
ks 


6, = 
where k;, is the thermal conductivity of the tool material at the 
fina] tool temperature 6,, and 6,’ is the ambient temperature of 
the tool. 

By equating the two values of 6, given in Equations [21] and 
[24], it is possible to solve for Rp. 


q 
‘ ky Vi, 


Or, substituting from Equations [18] and [20], and noting that 
V. = Vr, where r is the chip-thickness ratio (i.e., the ratio of the 
depth of cut ¢ to chip thickness when taking an orthogonal cut), 
we have 
Uy 

9, + 6’ 

uy VtA 0.754 u, 

J ks P2 C2 


R, = 


When R; is determined, 6, may be found readily from either 
Equation [21] or Equation [24]. 

As in all analytical heat-transfer calculations, it has been 
necessary in the foregoing derivations to consider all ther- 
mal quantities to be constants. Actually the significant thermal 
quantities are functions of temperature, so that the question 
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arises as to just what sort of mean values should be substituted 
when evaluating the final equations. In the foregoing equations 
the following quantities occur: p; Ke, k2, and ky. The 
thermal quantities p; c, and K, refer to the shear plane, and, to 
obtain a good approximation, should be evaluated at a tempera- 
ture halfway between the shear-plane temperature 6, and the 
ambient temperature %. The thermal quantities having the sub- 
script 2 refer to the workpiece material in the vicinity of the 
tool face. Inasmuch as the heat flow in the chip by conduction 
and convection will be controlled predominantly by the proper- 
ties very near the tool face, because of the large temperature gra- 
dient that exists in the surface, it would appear that the best 
temperature to use in connection with pe c, AK», and k,; would be 
the mean temperature at the surface (6,). By similar reasoning, 
it appears that the value of the thermal conductivity of the tool 
ky also should be taken as that corresponding to temperature 6,. 
In view of the uncertainties involved, it is fortunate that the nu- 
merical solutions obtained are not sensitive to the particular mean 
temperatures that are used. This is confirmed in the calculations 
that follow. 


SAMPLE CALCULATION 


To show how this analysis can be applied, a sample calculation 
will be carried through and the result compared with the tempera- 
ture measured by the tool work-thermocouple method. 

Experimentally measured quantities are as follows: 


Work material, SAE B1113 steel 

Tool material, K28 Carbide, 20-deg rake, 5-leg clearance 
angle 

Type of cut, orthogonal 

Cutting speed, V = 445 fpm = 89 ips 

Depth of cut, ¢ = 0.0023 in. 

Width of cut, b = 0.151 in. 

Chip contact length,§a = 0.009 in. 

Cutting force, 80 Ib 

Thrust force, 28 Ib 

Chip-thickness ratio, r = 0.51 

Therma! properties of steel, given in Fig. 8 


Values calculated from the Merchant analysis of metal cutting 
(16): 


Average shear strain in chip,y = 1.91 

Shear energy per unit volume, u, = 153,000 in-lb /in® 
Shear angle, @ = 30 deg 

Friction energy per unit volume, v, = 78,800 in-lb/in* 


Outline of solution: 


(a) Iistimate the value of 6, e.g., 500 F, and determine cor- 
responding values of K, and p; ¢; at (500 + 75)/2 = 288 F. From 
Fig. 8, K,; = 0.023 in*/sec, and p,; = 0.034 Btu/in*/F, 

(b) Calculate quantity Vt/Ayy = 4.65. 

(c) Obtain 2, from Fig. 5 or Equation [9]; Ry = 0.62. 

(d) Calculate (8, — 6) from Equation [4]; 6,—— 0 = 299 F, 
and if @ is 75 F, then 6, = 374 F. 

(e) Repeat steps (a) to (d) if original estimate of 6, is in error 
by more than 25 deg. In this case A, remains at 0.023 in?/sec 
and p, ¢, is 0.033 Btu/in?/F. Then 6, changes to 383 F. 

(f) Estimate value of 6,, e.g., 800 F, and determine K, and p, cz 
from Fig. 8, at this temperature: K, = 0.016 in?/sec, and p. ce. = 
0.042 Btu/in?/F. 

(g) Calculate aspect ratio m/l = b/2a = 8.4 and determine 
area factor A from Fig. 6: A = 2.15. 

(h) Calculate quantity (u, VtA)/(J ks) = C, where ky is con- 

* Obtained by measuring with microscope a thin layer of metal 
deposited on tool face. 
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ductivity of carbide tool, taken as hy = 7.63 * 10°>4 Btu/see /in?/ 


(F/in,): C = 4860. 
(7) Caleulate quantity 


O754u, | Vt 


po C2 \ K, 


(j) Determine R, from Equation [26 | 
C -- 6, + 0)’ | 


= 
C+B 


R, = 0.87 

if 0,’ is taken as 75 F. 
(k) From Equation [19], 40, = Ky B, hence 46, = 333 F. 
(1) From Equation [21] 6, = 6, 4 Ad, = 716 F. 
(m) Compare this value with value assumed in (f) and repeat 
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steps (f) to (1) until agreement is observed between the assumed 
and calculated values of 6,. When this is done in this case, 6, = 
723 F. The experimentally determined value of 6, for the fore- 
going conditions was found to be 735 F. This represents a far 
better agreement than is significant in view of experimental ac- 
curacy, approximate data on thermal properties, the many as- 
sumptions made in the analysis, and the question of what mean 
value is measured by the chip-tool-thermocouple method. In 
the foregoing example it is evident that the calculated values of 
both 6, and 6, are not very sensitive to the temperature variation 
of the thermal properties and hence this variation does not need 
to be known with great accuracy. * 


Re.ative IMPORTANCE OF VARIABLES 


From the foregoing analysis it is evident that a large number 
of variables influence the mean tool-face temperature. How- 
ever, all of these variables are not of equal importance, and the 
next step is to isolate the quantities of major significance. To 
do this it is convenient to substitute values from Equations [18] 
and [26] into Equation [24] and obtain 


uy + 6,—6,' 
ar 
K; 
6, — 0’ = [27] 
(8) 
A ky arV 
It can be shown that 
[28] 


where 7 is the mean shear stress on the shear plane, and to a very 
good approximation 
[29] 
sin @ 
where @ is the angle the shear plane makes with the direction of 
cut. If the approximation is made that the thermal properties 
of the work material are the same at the shear plane and along 
the tool face (i.e., that K, = Ay, and p2c: = p; ¢,), and further that 
the ambient tool and workpiece temperatures are the same (i.e., 
0) = 6’), then, upon substituting from Equations [4], [9], [28], 
and [29] into Equation [27], we obtain 


rt 
0.754 
Vi 3 
é, = ya sin? 
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The quantity in the denominator of the first term within the 
brackets remains relatively constant for reasonable values of the 
variables, as does the entire second term within the brackets. 
Therefore we may write 


(30) 
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where A and B are essentially constants. From the geometry at 
the point of a cutting tool it can be shown that 


[82] 
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Thus 


Vt sec a 


From the foregoing equation it is evident that the group of 
variables 
vey 
J 
having the dimensions of temperature is of primary importance, 
while the nondimensional group (t sec a)/a is of secondary im- 
portance since the two terms within brackets are of the same order 


of magnitude. From Equation [33] the following observa- 
tions may be made: 


(a) The shear stress on the shear plane 7, is the most important 
variable in determining the temperature rise on the tool face, the 
temperature rise being directly proportional to rT. 

(b) The cutting speed V, the depth of cut t, the shear strain +, 
and the thermal combination (kpc) for the workpiece are of 
equal importance, but each is of less importance than the shear 
stress T. 

(c) The temperature rise increases as the one-half power of the 
increase in cutting speed, depth of cut, or shear strain. 

(d) The only important thermal property of the workpiece is 
the product of thermal conductivity and volume specific heat 
kpc, and the temperature rise varies inversely with the one-half 
power of the change in kpc. 

(e) The coefficient of friction uw is next in importance, the tem- 
perature rise increasing as u increases. 

(f) The quantity (t see a)/a is the ratio of the projection of 
the depth of cut on the tool face to the length of contact between 
chip and tool, Fig. 9. This relative chip-contact length is of 
less importance than the coefficient of friction, the temperature 
rise increasing with decreased length of contact a. 
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(g) Other variables that enter the analysis are far less impor- 
tant. These include the thermal conductivity of the tool ks, 
the aspect ratio b/a which defines the shape of the contact area, or 
the width of the cut itself, b. 


Inasmuch as the aspect ratio has such a small effect upon the 
tool-temperature rise, the temperature to be expected from a 
lathe tool should differ relatively little from that for the corre- 
sponding orthogonal tool, even though the aspect ratios for the 
two tools differ by a factor of 2. In the numerical example, the 
aspect ratio for the orthogonal tool was 8.4 and the corre- 
sponding shape factor (A), 2.15. The aspect ratio for the equiva- 
lent lathe-type tool would be 16.8, A would be 2.60, and the re- 
sulting tool temperature 731 F. This value differs from the 
calculated value for the orthogonal tool by but 18 F, and this 
finding has been confirmed experimentally. 
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It is difficult to verify the relative importance of the several 
variables influencing the tool temperature rise, since it is virtually 
impossible to change but one variable at a time when the experi- 
ments are made. In a test to determine the influence of cutting 
speed, for example, we may find that the length of contact a, or 
the shear stress 7, changes when only the speed is altered inten- 
tionally. Direct verification of the analytical results is, there- 
fore, limited to those cases where variables other than the one in- 
tionally changed remain essentially constant. 


Currine SPEED 


The manner in which the shear and friction components as 
well as the total tool temperature vary with cutting speed in a 
representative case is shown in Fig. 10, for conditions identical 
with those of the sample calculations. The calculated tempera- 
ture curve is seen to follow the measured values closely. The 
corresponding variation of factors R, and R; is shown in Fig. 11. 
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At very low speeds the friction component (A6,) may become 
negative. This merely means that not only all the frictional 
energy, but also some of the shear energy is flowing into the tool. 
Both the observed and calculated resultant temperatures 6, are 
seen to vary approximately parabolically with cutting speed 
(i.e., as V'/*) in accordance with Equation [33]. 


Cutrrinc GEOMETRY 


Experimental results of tests in which the depth of cut ¢ and the 
width of cut 6 were varied are shown in Figs. 12 and 13, respec- 
tively. The too] temperature varies parabolically with the depth 
of cut (i.e., as t'/*) in accordance with Equation [33]. However, 
in Fig. 13, exeept at very low values of width of cut, the cutting 
temperature very nearly is independent of the width of cut b. 
This result also isin agreement with Equation [33] and its inter- 
pretation. 
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curves passing through these points were obtained by allowing only 6 to 
vary in Equation [27] ) 


EnerGy BALANCE 


The energies going to the chip u,, tool u,, and workpiece u, 
per unit volume of metal removed are functions of R, and Ry, and 
the specific energies of the cutting process (u, = shear energy per 
unit volume, uv, = friction energy per unit volume). Thus 


ue = Riu, + Re uy, (34) 
u, = (1 Re) uy... .. [35] 
u, = (1 — R,) u,.. {36} 


When the appropriate values are substituted into these equations 
for the tests in Figs. 10 and 11, the distribution of energy shown 
in Fig. 14 is obtained. The percentage of the total energy going 
to the chip increases with increased speed although the per- 
centages going to the tool and workpiece decrease, At very 


high cutting speeds, practically all of the energy is carried 
away in the chip, a small amount going into the workpiece and a 
stil] smaller amount to the tool. 
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Calorimetric measurements of the three energies would be an 
ideal method for checking the validity of the analysis were it not 
for the experimental difficulties involved. The only such data 
obtained thus far with any accuracy have been in drilling a mag- 
nesium alloy in a calorimeter. Schmidt and Roubik (18) pub- 
lished experimentally determined curves that are in good quali- 
tative agreement with Fig. 14. 
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Trrantum ALLoys 


Titanium alloys are among the most troublesome materials to 
machine at practical cutting speeds. The greatest difficulty in 
machining these alloys stems from the very high cutting tem- 
peratures experienced under conditions that are ordinary for 
most other materials. The extent to which cutting temperatures 
for titanium alloys are found to exceed those for other metals is 
shown in Fig. 15, Cutting speed-temperature curves for titanium 
alloy RC 130B, 18-8 stainless steel, and SAK B1113 steel are 
given. The fact that the stainless-steel temperatures are greater 
than those for the SAE B1113 steel may be attributed to the 
greater shear stress 7, obtained when stainless steel is cut. How- 
ever, the still greater titanium temperatures cannot be explained 
on the basis of a greater shear stress, 
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In comparing other cutting characteristics of titanium and 
stainless steel, it is observed that although the friction coefficient 
on the tool face is not unusually high the shear strain in the chip 
7 is relatively low as is the length of contact a between chip and 
tool. From Equation [33] it is evident that the relatively small 
shear strain will not explain the high temperatures for titanium, 
since this would tend to cause a lower temperature instead. Al- 
though the short contact length is in the direction to cause an 
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increase in cutting temperature, this variable has a relatively 
small effect upon tool temperature. When the group of thermal 
variables (kpc) for titanium is compared with that for other engi- 
neering materials the problem is answered. The quantity 
(kpc) for titanium alloys is unusually low because of its low ther- 
mal conductivity and low-volume specific heat. From the rela- 
tively important position this thermal group occupies in Equation 
(33] it is clear that it is the outstanding property of titanium 
alloys that causes high cutting temperatures. 

From Equation [33] it is evident that either a decrease in cut- 
ting speed V, or depth of cut ¢, will reduce the temperature at the 
tool point. However, such changes are not in the interest of in- 
creased production. A less effective, although still important, 
method of decreasing the tool temperature involves a decrease in 
the coefficient of friction between chip and tool. This may be 
achieved in many ways, as by improving the finish of the tool 
face, by choosing a tool composition that gives low friction, or by 
using an effective cutting fluid that gives low friction. These 
are the only means available from Equation [33] for decreasing 
effectively the tool temperature. However, if heat is extracted 
from the tool and workpiece rapidly enough, the bulk tempera- 
tures of these members may be lowered sufficiently to bring the 
tool temperatures to a reasonable level. Liquid carbon dioxide 
has been used successfully to lower the ambient temperatures (4, 
and 6’) of tool and workpiece in the machining of titanium alloys. 
A small jet of a liquid-vapor mixture is directed to the cutting 
zone and considerable heat is extracted quickly as a consequence 
of the low temperature of the expanding stream and the latent 
heat associated with the liquid-vapor phase transformation. 
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Discussion 


W. R. Backer.’ The increasing use of tool-chip interface 
temperature as one of the major indexes of machinability is evi- 
dent from the wide attention this parameter has received in 
recent literature. The important contribution of this paper is 
the discussion of the effect of the major variables on the tool 
temperature. The relative effects of the mechanical cutting 
properties versus the thermal properties of the work material 
will help guide the tool engineer in his selection of machine 
settings and cutting fluid on practical machine-shop jobs. 

The analysis of shear-zone heat distribution, similar to that of 
Outwater and Shaw, closely follows the analysis by Leone,’ and 
gives essentially the same result. The analysis of the tool-chip- 
friction influence on cutting temperature is an improved revision 
of the work of Trigger and Chao. 

The assumption that the tool acts like a quarter-infinite body 
is subject to error if rake and clearance angles are large. There 
is widespread belief that the desirable cutting mechanics of 
positive-rake angles are limited in use by the poorer heat- 
conducting properties of the narrow wedge, the reverse being 
true for negative rakes. The effect of rake angle in the example 
computed by the authors would be to raise the estimated tem- 
perature, perhaps bringing it nearer the measured value reported. 
Determination of an optimum rake angle for minimum tempera- 
ture would be an interesting experimental thesis. 

The use of the authors’ equations for finding actual tool tem- 
peratures requires measurement of force components (with a 
special dynamometer), chip-length ratio, and tool-chip contact 
area. Direct measurement by a tool-work thermocouple ap- 
pears more advisable as a laboratory tool, the analytical method 
serving as a guide to explain measured phenomena. This points 
up the need for a satisfactory solution to the plasticity problem 
of chip formation; the analytical equations for tool temperature 
then would have direct application in machine-setting selection 
rather than being only a guide. 


H. Buiox.* The authors’ application of the principle of “par- 
tition” of the heat im a heating surface® to the problem of the 
temperatures at the tool-chip interface is justifiable; after all, 
this principle has been developed specifically for such problems. 
This application could be refined to obtain a mathematically 
rigorous formulation,'® but the increased computational effort is 
not thought to be worth while. 

It remains to be seen, however, whether the principle of parti- 
tion may be applied rightfully to the different problem of the 


* Research Engineer, The Cincinnati Milling Machine Company, 
Cincinnati, Ohio. 

7 Distribution of Shear-Zone Heat in Metal Cutting,"’ by W. C. 
Leone, Trans. ASMF, vol. 76, 1954. pp. 121-125. 
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Delft, Holland. 
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shear-plane temperatures. The essential difference between the 
two problems lies in the fact that in the shear-plane problem, 
material is subject to motion across the heating surface (the 
shear plane) and this motion induces heat to be carried by con- 
vection across this surface. In so far as the moving material, 
and thus the convection of heat, is concerned, a real partition 
cannot be effected. This point @an be illustrated by the simple 
problem to follow. 

A heat-insulated bar contains a heat source, which is plane 
and perpendicular to the axis of the bar, and which moves at a 
uniform speed in the direction of the axis. The exact solution 
has been given, among others, by D. Geist! and Leone." 

It proves that conduction of heat away from the heating 
surface takes place only toward the front portion of the bar, 
i.e., the portion that at the instant considered is ahead of the 
heating surface. Inside or toward the rear portion of the bar 
there is no conduction at all, the temperature being uniform in 
that portion. 

It is wrong to say that no heat goes into the rear portion, 
Although all of the heat is conducted into the front portion, it is 
fed back completely by the convection induced by the moving 
material, to the rear portion. Thus, in this problem, there is no 
question of heat partition in the usual sense. 

It can be shown readily that similar considerations apply to 
the more complicated problem of the shear plane in metal 
cutting, and that they may clear up the controversies which have 
arisen in intercomparing the various solutions offered to this 
problem.'* For the present purpose the shear-plane problem 
may be represented by the model in Fig. 16 of this discussion, 
This model is simplified somewhat, but it is thought that it 
brings out all the essential features. 


Q' 
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Fie. 16 Mover or 


The material below line S-P-Q-R represents the workpiece; 
P-Q, the heat source (shear plane), and 7'-P-Q-R, the chip 
The simplification consists in the feature that the workpiece 
material S-P-Q-U to be cut is not deflected, but maintains its 
direction and its velocity V, when traversing the heat source 
P-Q. As a close approximation, it is assumed that the free 
boundaries of the workpiece, i.e., planes S-P and Q-R, and also 
those of the chip, planes P-7' and (again) Q-R, are perfectly 
heat-insulated. 

Accordingly, the problem of the present model may be treated 
as one in which the semi-infinite body below plane S-P-T7' traverses 
heat source P-Q at velocity V. Conditions to be imposed are 
that plane S-P-7', and “semiplane’’ Q-R (in the interior) are 
perfectly heat-insulated. The latter condition, which compli- 
cates the problem considerably, requires that there is no heat 
exchange whatsoever between chip 7-P-Q-R and the workpiece 
in so far as their common boundary, semiplane Q-R, is concerned. 
This means that, except at the tool point Q, there can and will be 
a temperature jump between opposite points on either side of 


11 See D. Geist thesis, Technische Hochschule, Stuttgart, Ger- 
many, 1948, or ‘‘Warmeleitung bei Phasenumwandlungen,” by D. 
Geist and U. Dahlinger, Zeitschrift fir Naturforachung, vol. 4a, 1949, 
pp. 415-423 

12 Footnote 7, Equation [4]. 

13 Authors’ bibliography, references (11) and (12); see also foot- 
note 7. 
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semiplane Q-R. Beyond heat source P-Q, temperature distri- 
bution across chip 7'-P-Q-R tends to become uniform and to 
assume a constant, nonvanishing value. The temperatures of 
points of the workpiece which pass below semiplane Q-R tend to 
die down altogether. 

Perhaps the easiest way to visualize and solve this compli- 
cated problem is by the method of images. This involves re- 
placing the present model with an infinite body traversing a V- 
shaped heat source Q’-P-Q, the leg Q’-P being the “mirror” 
image, with regard to the mirror plane S-P-7' of the original 
heat source P-Q. The infinite body contains in its interior two 
perfectly heat-insulated semiplanes, Q-R and its mirror image 
Q’-R’.- Then the original a priori condition that plane S-P-7 
also be perfectly heat-insulated can be dropped, because now this 
plane is a plane of symmetry and the condition automatically is 
satisfied accordingly. 

In the new model, shown in Fig. 16, one can see why, in con- 
trast to the simple problem of the bar, the heat developed at 
the shear plane does not go completely into the chip. Points 
which are momentarily in front of the shear plane P-Q and si- 
multaneously below the continuation U-Q, of semiplane R-Q, 
undergo a temperature rise just as well as—but to a lesser extent 
than-—the points between this semiplane and plane S-P-7T. The 
heat taken up by the former points is not fed back to the chip 
T-P-Q-R, because “side leakage’ of the heat is involved when 
these points by-pass shear plane P-Q. 

This leads to the following conclusion: The heat developed at 
the shear plane P-Q is taken up, by conduction, entirely by the 
workpiece. Perhaps, “nearly entirely’’ comes closer to the 
truth, because of the shear plane’s obliquity, which may induce 
some conduction of heat inside the chip for leveling off its tem- 
perature distribution and thereby may withhold, in addition to 
side leakage, a probably negligible part of the heat from the 
workpiece, Owing to the phenomenon of the side leakage, the 
heat taken up by the workpiece is only incompletely fed back by 
convection to the chip. 

In this light it would appear incorrect to say that part of the 
heat developed goes into the workpiece and that-—erroneously 
thinking of the inapplicable principle of partition—it is the 
remaining part of the heat (defined as the difference between the 
total heat developed and the heat going into the workpiece) that 
goes into the chip. 

It is a relatively easy task, starting from the model in Fig. 16, 
to show where and when the theories previously given by Hahn'' 
and by Trigger and Chao" need correction. For instance, be- 
cause Hahn’s theory neglects the mirror image, Q’-P, of heat 
source P-Q (alternatively, because it neglects the heat insulation 
of plane S-P-T7'), it yields, in the limiting case that shear angle 
P-Q-U vanishes, temperatures that are too low by a factor 2. 
But at any nonvanishing shear angle, and provided that cutting 
velocity is high enough, Hahn’s results should be approximately 
correct for temperatures at points in the shear plane which are 
not too close to point P. The reason is that under such condi- 
tions side leakage tends to become negligible. 

It is thought that also the authors’ theory needs correction, 
especially in so far as for computing what the writer calls side 
leakage the principle of partition is relied upon. Unfortunately, 
a reasonably accurate solution for the problem of the model in 
Fig. 16 is not yet available, so that there is no satisfactorily 
evaluated theoretical basis of comparison. Of course, experimen- 
tal confirmation should have the last word. It is not thought, 
however, that experimental technique has advanced enough for 
deciding, especially under those circumstances (high cutting 


' Authors’ bibliography, reference (11). 
'® Authors’ bibliography, reference (8). 
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speeds) where side |eakage is very small, which theory yields the 
most satisfactory results. 


B. T. Cuao" and K,. J. Triccer.'? The method described in 
this paper for the calculation of tool-chip interface temperature 
from tool forces, chip-thickness ratio, tool-chip contact, thermal 
properties of tool and work materials, and so on, is identical 
to that outlined by the writers a few years ago. It is gratifying 
to note however, that the authors have re-examined the problem 
and succeeded in bringing into even closer agreement the experi- 
mental results and theoretical calculations by using refined 
assumptions. 

One of the assumptions adopted in our original analysis of the 
problem was that 12'/; per cent of the deformation energy associ- 
ated with the shear process would remain in the chip as latent 
energy. This represents an average value reported by Taylor 
and Quinney" for cold-worked mild steel and pure (carbony]!) 
iron. Epifanov and Rebinder’ reported an average value of 
approximately 3 per cent in the case of drilling annealed alumi- 
num. In all probability, this much lower figure is due to its 
lower recrystallization temperature. While the percentage of 
latent energy in cold-deformed metals depends on the material, 
and the deformation process, it also varies with the amount or 
degree of cold work. Because of the unusually high degree of 
strain involved in a chip-formation process, the phenomena of 
saturation may be involved. If this were true, Taylor and 
Quinney’s data, when applied to the cutting of steel, would yield 
temperature results on the low side. Nevertheless, in no case 
should the value be taken as nil as the authors have assumed. 

After studying the problem of temperature distribution along 
the shear zone, the writers introduced a method to calculate Rj, 
the fraction of the total shear-zone heat leaving with the chip.” 
If this were followed, not only is the assumption of using a flat 
10 per cent to take into account the flow of the thermal energy 
into the workpiece unnecessary, but also a better approximation 
than assumption*' is adopted. In that analysis, only the dis- 
tribution of shear energy along the shear zone has been assumed 
to be uniform, but not the temperature distribution. At the 
time the writers’ paper was presented, June, 1950, their method 
had been worked through for orthogonal cutting on 9445 steel 
annealed to 183 Bhn. The agreement between calculated tem- 
peratures and measured temperatures at 500 sfpm was 1351 F 
calculated and 1348 F measured. This compares well with Fig. 
10 of the paper, considering differences in materials and cutting 
conditions, particularly feed = 0.0023 ipr. 

Finally, the writers wish to acknowledge the fact that an errot 
does exist in Equation [8] of the authors’ reference (8). This 
was discussed in January, 1952, by Professor Loewen and one of 
the writers in a private communication. 


Haun.”? Practical improvements in the machining 


Assistant Professor of Mechanical Engineering, University of 
Illinois, Urbana, 
1? Professor of Mechanical Engineering, University of Illinois, Ur- 


bana, Ill. Mem. ASME, 

Authors’ bibliography, reference (13); also Emission 
of the Latent Energy Due to Previous Cold-Working When a Metal 
Is Heated,"’ by H. Quinney and G. I. Taylor, Proceedings of the 
Royal Society of London, series A, vol. 163, 1937, pp. 157-181 

‘Energy Balance of the Metal-Cutting Process,” by G. I. Epifa- 
nov and P. A. Rebinder, Dokladi Akademiya Nauk USSR, vol. 66, 
1949, pp. 653-656. 

2 Authors’ closure of paper, ‘The Significance of the Thermal 
Number in Metal Machining,” by B. T. Chao and K. J. Trigger, 
Trans. ASME, vol. 75, 1953, pp. 118-119. 

21 Authors’ bibliography, reference (4). 

22 Research Engineer, The Heald Machine Company, Worcester, 
Mass. Mem. ASME. 
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process are sure to occur as a deeper understanding of the cut- 
ting process is acquired. The authors have contributed signifi- 
cantly to this understanding. 

In connection with the partitioning of energy between the 
workpiece and chip, it might be well to compare the several exist- 
ing theories and to note some of the basic underlying assumptions. 

The work of the authors and also that of Professor Leone’ 
utilizes the solutions for the temperature distributions associated 
with a heat source moving on the surface of a semi-infinite solid. 
It should be emphasized that these solutions originate from the 
solution from an infinite solid. Because of the symmetrical 
temperature distribution encountered when a source moves 
along its own plane in an infinite solid, as shown in Fig. 17(a) of 
this discussion, it is permissible to consider a source of half 
strength moving on the surface of a semi-infinite solid. When a 
source moves normal to its plane, as shown in Fig. 17(6), or 
obliquely, in Fig. 17(c), the source plane is no longer a plane of 
symmetry and a corresponding semi-infinite solution cannot be 
obtained. The temperature at point A in Fig. 17(c) does not 
bear a 2 to 1 ratio for the infinite and semi-infinite cases as stated 
by the authors in a previous discussion.** 


AssociaTep With Movina 
Heat Source 
(a, Heat source moving along own plane in infinite solid. Temperature dis- 
tribution is symmetrical with respect to plane of source. 6, Heat source 
moving normal to its plane in infinite solid. Temperature distribution is 
unsymmetrical. c, Heat source moving obliquely through infinite solid.) 


Pia. 17 


It may be interesting to compare the results of the authors and 
those of Professor Leone’ with those of the writer’ which are 
based upon a source moving obliquely through an infinite solid, 
The latter developed shear-plane temperature-distribution charts 
such as are shown in Fig. 18 of this discussion, for a shear angle 
of 30 deg. The division of heat between the chip and workpiece 
can be obtained by comparing the area under any particular 
curve with the total area, ie., the area under a curve corre- 
sponding to essentially adiabatic conditions (large L or high speed). 
In Fig. 19 the data of the authors and ef Professor Leone (which 
are practically identical) are compared with those of the writer. 
Little difference is found between the use of 
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Footnote 15, Figs. 12 and 14, p. 116. 
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Fig. 19 Fractionar Heat Conpuctep To Workriece 


Another point which the authors mention is that the tempera- 
ture distribution becomes more peaked near the tool face at high 
speeds when using the surface-source theory, but becomes more 
uniform at high speeds when using the cblique-source infinite- 
solid theory. If chip curvature can be taken as any indication 
of shear plane-temperature distribution, high speeds should 
produce large curvature if the surface-source theory is good but 
should produce small curvature if the oblique-infinite solid theory 
is good. The writer has observed in one test at 7000 fpm on mild 
steel that the chip was quite straight, which might lend some 
support to the oblique-infinite solid theory. 


M. Kronensera.** It is a great privilege to have an oppor- 
tunity to discuss the authors’ paper. It was interesting to learn 
that the authors in many respects came to the same conclusions 
published by the writer several years ago. In some other re- 
spects, however, our conclusions do not agree, This is all in the 
best, interest to progress in our field of science and engineering. 
Agreement in research conclusions provides a more solid basis 
for every body concerned; disagreement calls for rechecking and 
for further investigation. 

The authors used a different method of approach to the tool- 
temperature problem than the writer did. Their method is con- 
siderably more complicated than our method, but in many re- 
spects yields the same results. 


24 Consulting Engineer, Cincinnati, Ohio 
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Dimensional Analysis of Cutting-T'ool Temperatures. In so far 
as the writer knows, the first time that dimensional analysis was 
applied to tool-engineering problems was in 1939, when the 
writer investigated cutting-tool temperature laws in this manner 
although the findings were not published before 1949,  Di- 
mensional analysis is a very handy method, although tool 
engineers usually are not familiar with it, because textbooks on 
dimensional analysis cover flow of fluids in pipes and other similar 
problems which are mainly of interest to power-plant engineers. 
There is, however, no reason why dimensional analysis should not 
be applied to metal-cutting research. 

In order to discuss the results presented by the authors, the 
writer will outline his method of approach and compare the findings. 

In Table I of this discussion are listed the physical quantities 
which we considered most important for determination of metal- 
cutting temperatures. The temperature 6, is primarily affected 
by the following: Chip cross-sectional area, A; cutting speed, V; 
specific cutting force, u (a quantity which physicists sometimes 
call “work done per unit volume of metal removed’); thermal 
conductivity, k; and volume specific heat, pc (a quantity which is 
the product of density p and specific heat c). 


TABLE 1 


Physical quantity 
Temperature 


QUANTITIES AFFECTING CUTTING TEMPERATURE 
Symbol Dimension® 

0 
Chip area A Lt 
Cutting speed. L/T 
Specific cutting force M/L T* 
Thermal conductivity ML/T*6 
Volume specific heat pe M/LT*@ 


Resultant Quantities (dimensionless) 

ViptctA 
Qa= 
u 4 kt 


a Dimensions in temperature (@), length (L), time (7'), and mass (M) 
system. 


Q: 


Fig. 20 


Applying the principles of dimensional analysis to these 
quantities,”* it is possible to derive two dimensionless resultant 
values 

k? 

Data where all these quantities had been measured were available 
from Gottwein’s investigation published in 1929. From them 
the writer has computed a great number of numerical values for 
Q; and Q:. It remained only to find the relationship between Q, 
and Qs. 

Cuts Cost of Machining Studies,” by M. Kronenberg, 
American Machinist, vol. 93, September 22, 1949, pp. 104-106. 


and Q, = 
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Plotting the numerical values on double logarithmic paper re- 
sulted in the straight line, shown in Fig. 20, herewith. All 
points lie reasonably well along a single line, although the data 
for Q, and Q, cover a great range of various chip areas, cutting 
speeds, cutting forces, temperatures, and so on. The equation 
for the straight line can be expressed by 


Qa = 


Hence we have a single formula correlating all six physical 
quantities shown in Table 1. 

The exponent n follows from the slope of the straight line and is 
0.22 for Gottwein’s experimental data. The constant C can be 
found directly from the graph by extending the line to the left toa 
value of Q,; for which Q: = 1.0 (not shown in Fig. 20). Upon 
substitution of n = 0.22 and solving for the temperature 6,, we 
obtain the equation 


70.22 0.22), (7 
k®-*4( 
Comparison of Test Results. For purpose of comparison, the 
writer is presenting Equation [31] of the paper, giving only those 
terms the authors considered of “primary importance” 


6, J 0.5 0.57 
J 

where T represents shear stress and Y represents shear strain in 
the shear plane of the the chip. 

The agreement between our equations (derived very differ- 
ently) is far-reaching. 

Let us first consider the two values in the denominator, 
namely, k (thermal conductivity) and pe (volume specific heat). 
While the writer’s method resulted in the exponents 0.44 and 
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0.56, respectively, the derivation by the authors gave an almost 
identical exponent, namely, 0.50. This difference is insignificant 
and it is an open question as to which exponent would be the more 
correct one. Both the authors and the writer had to make some 
assumptions in the derivation of the equations. 

However, it is significant that we agree that the only thermal 
property of importance is the product of thermal conductivity k, 
and volume specific heat pc. The temperature varies inversely 
with about the half-power of the change of these two quantities. 

This conclusion is of high practical significance as correctly 
pointed out by the authors, because it gives, among other things, 
an indication of the difficulties encountered in machining tita- 
nium, namely, its low thermal conductivity and low-volume spe- 
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cific heat, causing high cutting temperatures and, therefore, poor 
tool life. 

Now let us take a look at the data in the numerator of the two 
equations, The most important value affecting temperature is, 
of course, that without an exponent, because all other exponents 
are smaller than 1.0. In our own formula we find the value u as 
the only variable without an exponent which represents the spe- 
cific cutting force about which the following was said in one of our 
earlier publications: “The specific cutting force, which also may 
be termed ‘work done per unit volume of metal removed,’ depends 
on the shear strength of the work material multiplied by a quan- 
tity composed of shear angle, tool angles, and the coefficient of 
friction.” 

In the authors’ formula, we find the shear stress T as the only 
variable without an exponent. This variable has the same di- 
mensions as the specific cutting force u, namely, lb per sq in. 
We also agree, therefore, that the shear stress (or the specific cut- 
ting force as a function of the shear stress) is the most important 
variable determining the temperature rise at the tool face. The 
rise is directly proportional to the specific cutting force. 

Considering the effect of the cutting speed V on temperature, it 
wil] be seen by comparing our formula with that of the authors, 
that the exponents for V are almost the same, namely, 0.44 in our 
formula and 0.50 in the authors’ equation. Hence we also agree 
that the temperature rise increases with about half the power of 
the increase in cutting speed. Again, both formulas yield the 
same result, 

Disagreements in Conclusions. Here, however, end the agree- 
ments between our conclusions. Take, as an example, the effect 
of the depth of cut, indicated by ¢ in the numerators (what the 
authors call depth of cut corresponds to feed in turning). The ex- 
ponents are quite different, namely, 0.22 in our formula as against 
0.50 in the formula by the authors, Hence the writer does not 
agree with their statement that cutting speed and depth of cut 
are of equal importance in their effect on temperature variation. 
It rather follows from the writer’s formula, that changes in the 
dimension t (feed) have considerably less effect than changes in 
the cutting speed V. 

In one of the writer’s previous publications he illustrated the 
difference by the following example: 

When the ratio of two cutting speeds is 2:1, the resultant tem- 
perature change is 2°44 = 1.36. That means doubling the cut- 
ting speed causes a 36 per cent increase in temperature. On the 
other hand, when the feed is doubled, the resultant temperature 
rise is only 2®?2 = 1.17, or only 17 per cent. 

While it would follow from the authors’ formula that a 100 
per cent increase in either cutting speed or feed would cause 41 per 
cent increase in temperature, the writer came to the conclusion 
that doubling the speed has more than twice the effect on tem- 
perature than doubling the feed. 

Workshop practice and experience support the writer's findings 
rather than those of the authors. An increase in feed does not 
increase the temperature as much as an increase in speed. In 
practice, it is, therefore, to be recommended to increase the feed 
rather than the speed for increasing production and tool life, pro- 
vided, of course, that a powerful and rigid machine is available so 
that the increase in cutting force does not produce excessive de- 
formation of machine and work, a consideration which cannot be 
discussed here further. Since we know also that the value u 
(specific cutting force) decreases with an increase in feed rate, we 
have another reason for increasing feeds, since the temperature 
drops as u drops, according to both formulas. 

Apparent Coefficient of Friction. In the complete for- 
mula presented by the authors we find also a quantity wu which is 
termed the coefficient of friction. Thisis, in the writer’s opinion, 
a somewhat mysterious concept in the case of metal cutting, al- 
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though it has been used very often in the past few years, 
Fig. 21 of this discussion indicates that the coefficient of fric- 
tion apparently increases as the true rake increases. The op- 
posite probably would be expected. What we call the coefficient 
of friction is actually the ratio of the cutting-force components 
(F/N). They are tangential and normal to the tool face respec- 
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tively. Many years ago the writer showed*™ that the ratio F/N 
(‘coefficient of friction’) changes in this way only because the 
frictional force F is nearly constant or independent of the rake 
angle, while the normal force increases as the rake decreases. The 
man in the machine shop, the time-study engineer and others con- 
cerned with metal-cutting practice, assume that an increase in the 
co-efficient of friction is identical with an increase in the frictional 
force F. Such an assumption is not correct in the case of metal 
cutting. As indicated in Fig. 21, the frictional force remains 
constant although the coefficient of friction changes, but this 
change is due to the normal force only. We, therefore, should be 
very careful with the term coefficient of friction in order to 
avoid confusion in the shop and in engineering offices, 

The authors are to be commended for their work. They have 
supplied us with a means for checking earlier formulas and for 
ascertaining agreements and disagreements. The writer would 
suggest that they continue this investigation particularly with 
regard to the effect of the feed rate and of the coefficient of fric- 
tion.” 


A, O, Scumipr™ J. R. This paper is an illu- 
minating contribution to the existing information on metal-cut- 
ting temperatures. The many factors that of necessity influence 
these temperatures make an analysis intricate, 

Recently completed calorimetric tests for the determination of 
the heat in the workpiece confirm the general validity of Fig. 14 of 
the paper, for milling operations. Such tests are especially dif- 
ficult when cutting ferrous alloys at higher cutting speeds, be- 
cause the rate of tool wear will be rapid causing increasingly higher 
temperatures and greater amounts of heat to go into the work- 
piece. However, in milling an aluminum alloy, we were able 
to ascertain that about 50 per cent of the total energy of cutting 
was distributed to the workpiece at a cutting speed of 40 fpm and 
a feed per tooth of 0.005 in. At 5900 fpm, under otherwise iden- 

“Grundziige der Zerspanungs Lehre” (Principles of Metal-Cut- 
ting Science), by M. Kronenberg. Springer-Verlag, Berlin, Heidel- 
berg, Germany, first edition, 1927; 264 pages, 170 illustrations, 
latest edition, 1954. 

7 'Metal-Cutting Friction Coefficient Needs Reinterpretation,”’ 
by M. Kronenberg, Tool Engineer, October, 1953, pp. 49-50. 

2% Research Engineer in Charge of Metal Cutting, Kearny & 
Trecker Corporation, Milwaukee, Wis. Mem. ASME. 

® Research Engineer, Kearny & Trecker Corporation, Milwaukee 
Wis. Assoc. Mem. ASME. 
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tical conditions, the energy measured in the workpiece consti- 
tuted only 1.3 per cent of the total energy as long as the cutter 
was sharp. ‘To keep a keen cutting edge at such high cutting 
speeds is rather difficult even when milling aluminum with carbide 
cutters, 


AutTuors’ CLOSURE 


The authors wish to express their gratitude to the many 
discussers of this paper. It is felt that the subject of cutting- 
tool temperatures has been brought closer to a full understanding 
by the several generous discussions presented. 

Mr. Backer raises the question of modifying the analysis to 
take beth rake and clearance angles into account. While this 
certainly constitutes a desirable refinement to the analysis pre- 
sented, it would involve a considerable increase in complication. 
If the exact tool-wedge angle were to be used, it is not clear whether 
negative rake-angle tools would provide lower temperatures than 
positive rake-angle tools. While this would be the case due to the 
increased tool-wedge angle with negative rake-ungle tools, there 
are several other variables that change with rake angle that 
could offset the geometrical wedge-angle effect. 

Professor Blok has questioned the application of the partition 
principle to the shear plane in metal cutting. In his discussion of 
this point a heat source moving continuously with uniform motion 
in the direction of cutting through a homogeneous work material 
has been assumed. This picture does not correspond to the 
Piispanen model of cutting, Fig. 4, adopted by the authors, which 
appears to be well substantiated by photomicrographs of partially 
formed chips and the surfaces of other more conventional ma- 
terials test specimens. 

When any metal is plastically deformed, it undergoes a change 
in shape by a process of shear, one portion of the metal gliding 
over the remainder just as a friction slider moves over a mating 
surface. The slip that occurs during shear flow is not homo- 
geneously distributed throughout the metal but is confined to 
certain specific planes passing through points of internal stress 
concentration or weakness. In the Piispanen model the inclined 
lines bounding the individual wafers are the active slip planes 
while the material between is without such large imperfections 
and does not undergo plastic deformation. In the simplified 
picture of Fig. 4 one wafer is visualized as sliding at a time. 
For example, when wafer 6 slides over wafer 7 all other wafers are 
at rest and when wafer 6 ceases to move, motion between 7 and & 
commences, The motion of one wafer over another is like the 
friction slider for which Professor Blok first introduced the 
partition principle, with the exception that the real area of contact 
is here equal to the apparent area of contact instead of being a 
small fraction of the real area, as in an actual friction slider. 
This difference can, however, only tend to make the partition 
idea more applicable here since a difference between real and 
apparent areas of contact was assumed not to exist in the applica- 
tion of these concepts to the friction slider. 

When wafer 6 slides over 7 there will be a partition of the 
thermal energy between wafers 6 and 7. That energy which goes 
to 6 is assumed to be carried into the chip by convection and 
represents the only thermal energy going to the chip as a result 
of the shear process. This part of the picture is thus in agree- 
ment with Professor, Blok’s statement that no thermal energy 
is carried into the chip by conduction but only by convection. 
The thermal energy which goes to 7, Fig. 4, is assumed to enter 
the workpiece by conduction. This appears to be a good assump- 
tion in view of the large temperature gradient that obtains at the 
shear plane in the direction of the workpiece and the short dis- 
tance that must be traversed for the energy to escape the layer of 
metal being cut. 

If the material cut behaved as a viscous fluid rather than a 
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metal, then the model outlined by Professor Blok and represented 
in Fig. 16 could be justified. An inclined heat source moving 
through a homogeneous material with velocity V would then 
represent the problem to a good approximation. However, 
according to the Piispanen model of chip formation, mechanical 
energy is converted into thermal energy only when slip occurs 
along’ the shear plane and it is shear velocity or V, that is impor- 
tant. The cutting velocity V is merely the speed at which the 
shear plane shifts from one wafer to the next. 

Professors Trigger and Chao disagree with the assumption that 
all of the shear energy is converted into thermal energy and cite 
the experiments of Taylor and Quinney in this connection. While 
the residual strain energy amounted to from 5 to 15 per cent in 
these experiments, we are not justified in taking an average value 
between these extremes for use in metal-cutting calculations, as 
Professors Trigger and Chao suggest. When the work of Taylor 
and Quinney is carefully examined it is found that the lower values 
of residual energy correspond to the larger values of strain energy 
absorbed by the metal deformed, and vice versa, and further, 
that all values of strain energy in the experiments of Taylor and 
Quinney lie well below those obtaining in metal cutting. The 
value of retained energy to be used in metal cutting should 
therefore be obtained from Taylor and Quinney’s results by 
extrapolation rather than interpolation. When the Taylor and 
Quinney results are extrapolated to strain-energy values en- 
countered in cutting, the residual strain energy is found to be 
from 1 to 3 per cent. This is in agreement with the work of 
Epifanov and Rebinder and also recent experiments performed at 
M.I.T. on actual two dimensional cutting chips*® where the 
residual energy was found to be 0.73 per cent for a rake angle of 
15 deg and 2.9 for a rake angle of 30 deg. From all these tests 
it may be concluded that the residual strain energy associated 
with cutting amounts to from 1 to 3 per cent and we are cer- 
tainly not justified in including « term of this smal] magnitude in 
the analysis of cutting temperatures in view of the magnitudes 
of other uncertainties. 

The model adopted by Dr. Hahn in arriving at his expression 
for shear plane temperature does not take into account the 
inhomogeneous nature of strain that occurs in metals. This 
point has already been discussed in connection with Professor 
Blok’s comment. It is interesting to note that despite the large 
difference in starting assumptions, the partition coefficients of 
Dr. Hahn’s analysis and that of the authors are very nearly the 
same. While the shear plane temperature distribution from Dr. 
Hahn’s analysis is compatible with changes in chip curl with 
cutting speed, this cannot be taken as any sort of proof that Dr. 
Hahn’s temperature distribution is correct. This is due to the 
fact that chip curl is not a unique function of temperature or 
temperature distribution, Chips of any curvature can be pro- 
duced at the slowest of cutting speeds, where the temperature is 
certainly negligible, by merely altering the friction between chip 
and tool. Inasmuch as friction as well as temperature changes 
with cutting speed, and since curl is influenced by friction, neither 
cutting temperatures nor temperature distributions can at 
present be inferred from chip-curl observations alone. The 
nature of the temperature distribution across the shear plane 


awaits experimental confirmation. 
The dimensional analysis presented by Dr. Kronenberg is par- 
ticularly interesting and offers independent confirmation of a 


number of the authors’ observations. While the method of 
dimensions represents a valuable analytical tool, it is not without 
its weaknesses. One of these important weak points should be 
mentioned here since it explains the disagreement between Dr. 


%* “The Energy Stored in Metal Chips During Orthogonal Cut- 
ting,”” by M. B. Bever, E. R. Marshall, and L. B. Ticknor, paper 
soon to be published in Journal of Applied Physics. 
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Kronenberg’s analysis and that presented here with regard to 
depth of cut t. 

It is particularly necessary that all variables of importance be 
considered when performing « dimensional analysis. If an im- 
portant variable is omitted from the analysis, a unique function 
connecting the nondimensional groups will not obtain and the 
analysis will be useless. If a less important variable is omitted 
or incorrectly introduced, scatter may be found when the non- 
dimensional groups are plotted against each other. While 
deviation from a smooth curve may be excused as experimental 
variation in the observed data, a check should always be made 
to be sure that the observed scatter is not due to a faulty dimen- 
sional analysis. 

In Fig. 20 considerable scatter is evident when Q, is plotted 
against Q: and while this could be of experimental origin, it is 
worth re-examining Table 1 to be sure that all quantities of 
importance have been correctly introduced. The determination 
of the quantities to be included in a dimensional analysis calls 
for considerable insight and intuition. For example, in Table 1 
thermal conductivity appears but once while there are two 
thermal conductivities that could be included—that of the tool 
and that of the workpiece. Although not stated, the conduc- 
tivity referred to in Table 1 is that of the workpiece. We have 
seen from our more formal analysis that the conductivity of the 
tool is of small importance and hence should not be included in the 
dimensional analysis. However, difficulty might be 
experienced in arriving at this conclusion without some help 
from experiment or other analysis. The volume specific heat of 
Table 1 is likewise that for the workpiece. In a more refined 
analysis tT, y, and yw might be used in place of u alone but the 
changes in 6, introduced by changes in 7, y, and u collectively are 
well approximated by the corresponding variable u and it would 
therefore appear justified to use the single variable u in the 
interest of simplicity. 

All quantities in Table 1 appear to be well chosen with the 
exception of chip area A. Since chip area A is equal to th, the 
product of depth and width of cut, equal emphasis is placed on ¢ 
and 6 when their product A is used in the analysis. If we have 
reason to believe one of these variables has a different influence 
on tool temperature than the other, then both ¢ and b should be 
introduced in place of A; or, if we have reason to believe that the 
influence of one or the other is negligible, then only the variable 
of importance should be included in place of A. We know from 
direct experiment that both u and 6, are not influenced by changes 
in b in the practical range but changes in ¢ influence both u and 


some 


6, in an important way. These points are illustrated by the data” 


of Figs. 12 and 13 of this paper for turning. A very similar effect 
has been observed in the milling process by Opitz and Kob.*! 
Tt is thus obvious that it is incorrect to use A and that ¢ only 


31 “Richtwerte, Schnittkrifte und Schnittemperaturen beim 
Frisen mit Hartmetallwerkzeugen,”’ by H. Opitz and J. Kob, Werk- 
statt und Betrieb, vol. 85, no. 3, 1952. An English condensation is 
published in the Tool Engineer, vol. 30, no. 1, 1953, pp. 35-41. 
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should be used instead, since b has negligible influence on 6,. 
All other terms of Table 1 appear to be correct. 
When the dimensional analysis is repeated, we again obtain 
only two nondimensional groups 
Q,’ = = Q, (unchanged) 


2 
= ( ‘) (ie. 


When Q,’ is plotted against Q.’, a smooth curve should be obtained 
and much less seatter in the data should be found than is present 
in Fig. 20. It is further predicted that the value of n will then 
be found closer to 0.25 than 0.22 thus bringing the results of 
dimensional analysis and conventional analysis into better 
agreement. The new dimensional analysis together with the 
empirical result Q,;’ = C(Q2’)" yields 


and 


k*™( pe)! 2" 
which is in excellent agreement with the result from this paper 


Vi 
pe) 
when n is equal to 0.25. 

As Dr. Kronenberg points out correctly, the tool temperature 
does not vary as rapidly with depth of cut as it does with speed. 
At first glance this fact does not agree with the equation just 
mentioned where both terms have the same exponent. How- 
ever, if it is realized that 7, or the energy per unit volume u, 
increases at small depths of cut, while being almost independent 
of speed, it is easily seen that the influence of ¢ must be less than 
that of V. 

The authors concur with Dr. Kronenberg’s views regarding the 
coefficient of friction in cutting. This quantity is indeed quite 
mysterious and has properties that differ considerably from those 
of ordinary friction sliders. The close proximity of the shear 
and friction processes is thought to be responsible for the unusual] 
characteristics of cutting friction together with the unusually 
large real area of contact in cutting that results from high normal 
loads. In any ease Dr. Kronenberg is to be commended for 
clearly drawing attention to the illusive nature of the coefficient 
of friction in cutting at such an early date. We would do well 
to heed his advice and use the term coefficient of friction with 
care. In fact, we might go so far as to recommend discontinuing 
the use of the coefficient of friction altogether in metal-cutting 
discussions in favor of the friction force itself which is a much 
more well behaved and more easily understood quantity. 

The authors were pleased to note that Dr. Schmidt and Mr. 
Roubik have extended their energy-distribution measurements to 
milling and that these new results agree, in general, with those for 
drilling as well as those of this analysis for the turning operation. 


= 
|| 
‘ 
by 


ek 

fy 

ar 

‘yt 

= 

Wan 

ae 

i 
+ 

fare 
i 

age 


The Use of Stator-Blade Control to Obtain 


Wide Range of Compressor Performance 
for Wind-Tunnel Application 


By A. W. McCOY! anv M. J. BRUNNER? 


The conventional axial-flow compressor with a variable- 
speed drive has a limited operating range which makes it 
inadequate for many present-day applications. The 16-ft 
< 16-ft propulsion wind tunnel, now being constructed for 
the Arnold Engineering Development Centerat Tullahoma, 
Tenn., may be cited as a typical application requiring an 
unusually wide compressor operating range. Regulation 
of the performance of an axial-flow compressor by means of 
controllable stator blades provides an extremely wide range 
of pressure ratio and volume flow at a constant speed, thus 
offering a significant improvement over the conventional 
design. Design considerations and methods of prediction 
of the performance of axial-flow compressors with stator- 
blade control are given and discussed. The performance 
of an experimental compressor designed on this basis is 
presented. The performance range, extending over a 2:1 
ratio of volume flows at efficiencies in excess of 80 per cent, 
is found to be in agreement with the theoretical predic- 
tions. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


area, sq ft 
absolute velocity, fps 
blade-control effectiveness (nondimensional ) 
energy ratio 
acceleration due to gravity, ft/sec? 
enthalpy, Btu/Ib 
= mechanical equivalent of heat, ft-lb/Btu 
ratio of specific heats 
blade chord, ft 
Mach number 
rotational speed, rps 
pressure ratio 
dynamic pressure, psf 
volume flow, cfs 
radius, ft 
reaction ratio 
pitch, ft 
temperature, deg F 
blade speed, fps 
axial velocity, fps 
W = relative velocity, fps 

1Senior Aeronautical Engineer, Sverdrup & Parcel, Inc., Con- 
sulting Engineers, St. Louis, Mo. Assoc. Mem. ASME. 

2 Design Engineer, Blower and Compressor Section, Steam Divi- 
sion, Westinghouse Electric Cerporation, Lester, Pa. Assoc. Mem. 
ASME. 

Contributed by the Aviation and Gas Turbine Power Divisions 
and presented at the Semi-Annual Meeting, Los Angeles, Calif., 
June 28-July 2, 1953, of Tue American Soctety of MECHANICAL 
ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Febru- 
ary 19,1953. Paper No. 53—S8A-35. 


= exponent for blade type 
= angle between axis and blade exit, deg 
= angle between axis and blade inlet, deg 
= deviation angle, deg 
= fan pressure rise, psf 
= flow coefficient = V/U’,, 
= pressure coefficient = 2 UAU/U,,! 
= mass density, lb-sec?/ft* 
Subscripts 
a = average 
d = design 
= hub 
compressor inlet 
mean 
tunnel stagnation 
fan 
stator blade 
test section (also rotor tip) 
= tangential component of velocity 
= rotor inlet 
= rotor discharge 


Superscript 


* = nozzle throat 


INTRODUCTION 


This paper presents recent advances in the design and de- 
velopment of axial-flow compressors to provide larger ranges of 
pressure ratio and volume flow than may be obtained by con- 
ventional design and operating methods. The manner of at- 
taining operational flexibility is by means of a variable stagger 
angle of the stationary blading and will be referred to as stator- 
blade control. 

Although the interest and possible application of compressor 
design for wide operating ranges extend into many fields, the 
major efforts of the authors have been directed to the application 
of axial-flow compressors for high-speed wind tunnels. Since a 
high-speed wind-tunnel system also offers a general example of 
wide-range requirements which must be matched closely by a 
drive compressor, particular reference to this application may be 
made. 


Matcuine or Wind-TuNNEL Compressor REQUIREMENTS AND 
FeasiBitity or Stator-BLapEe ContTro. 


The operating range and performance requirements of wind- 
tunnel compressors are associated directly with the character- 
istics of the wind-tunnel test section and circuit. The proper 
methods of pressure and volume control to be employed in the 
compressor are dependent upon the nature of these requirements. 
In the conventional case of low-speed subsonic wind tunnels, 
the criterion of both wind-tunnel performance and fan require- 
ments is the aerodynamic-energy ratio, which is the ratio of test- 
section kinetic energy to the required fan output (1).4 For a 


1 Numbers in parentheses refer to Bibliography at end of paper. 


233 


234 


low-speed wind tunnel of given configuration, the energy ratio 
is essentially constant over the test-section velocity range. The 
fan requirements of pressure rise are thus proportional to the 
square of the test-section velocity and the volume flow is pro- 
portienal to this velocity (see wind-tunnel requirements in Ap- 
pendix ). 

By constant-energy-ratio wind-tunnel operation and control of 
the fan speed in direct proportion to the desired test-section ve- 
locity, the resulting fan operation will be at constant pressure 
and flow Typical characteristics of such wind- 
tunnel and fan matching are shown in Fig. 1. This satisfactory 
agreement between low-speed wind-tunnel requirements and the 
“fan laws’’ gives reason for the complete adequacy of the coh- 
ventional use of speed control in such cases. 


coefficients. 


FAN PRESSURE RISE-APe- PSF 


TEST SECTION VELOCITY-Vr- MPH 


Kia. 1) Typtcay PerrormMance or Low-Speep Wino TUNNEL AND 
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For high-speed wind tunnels of transonic and supersonic test- 
section velocities, the energy-ratio criterion of tunnel performance 
loses major significance, due to large Mach-number effects on 
diffuser efficiencies. The usual representation of wind-tunnel 
requirements in this range normally is by means of « required 
minimum compressor pressure-ratio relationship with the test- 
section Mach number. From such a relation and the desired 
temperature levels selected for the test section and compressor- 
inlet stations, the compressor requirements of pressure ratio 
and inlet volume flow may be established (see Appendix). Typi- 
cal compressor requirements for a hypothetical supersonic wind 
tunnel of unit test-section area are shown in Fig. 2. These are 
shown for two values of stagnation temperature which possibly 
may be required during operation of the wind tunnel. 

A comparison between the requirements of low-speed wind- 
tunnel fans and compressors for high-speed tunnels, Figs. 1 and 
2, indicate wide differences between these general requirements. 
For supersonic wind tunnels it is not uncommon that the maxi- 
mum pressure ratios are required at the lowest compressor- 
volume flows. The general nature of such compressor require- 
ments is not in agreement with the normal characteristics of « 
fixed-blade compressor with variable drive speed which follow 
the single-stage fan laws in first approximation. 

Since speed control loses all major attractiveness for high-speed 
wind-tunnel compressors, new means of pressure ratio and vol- 
ume flow control must be investigated. Control methods based 
on adjustment of rotating and/or stationary blading appear 
worthy of consideration. This principle of operational-blade ad- 
justment has been employed successfully for some time in the 
matching of aireraft propellers to their power plants for maxi- 
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mum over-all efficiency and performance. Certain low-speed 
wind tunnels also have used variable-pitch fans for attainment 
of wide tunnel ranges when only limited speed control existed 
in the drive equipment. Previous tests (2), as well as theoretical! 
considerations (3), support the concept of volume-flow regula- 
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tion at essentially constant pressure rise by means of blade ad- 
justment. Although rotor-blade adjustment appears capable of 
providing somewhat wider operating ranges, the over-all me- 
chanical design aspects suggest primary consideration of stator- 
blade control, For volume-flow regulation over ranges of approxi- 
mately +25 per cent the use of stator-blade control in combi- 
nation with a constant rotational speed appears extremely attrac- 
tive. 

It is necessary to emphasize that the degree of matching be- 
tween the compressor and the minimum tunnel requirement is 
very important in high-speed wind tunnels of large size, since even 
small relative improvements in matching may represent appre- 
ciable savings in horsepower and operating expenses. Variations 
in wind-tunnel losses, because of different test models, adjusta- 
ble-diffuser geometry, or other effects, result in changes in both 
minimum pressure ratio and inlet volume flow along radial lines, 
see Appendix and Fig. 2, and allowance for such operational 
flexibility must be provided. 

In addition to this close matching, certain other design criteria, 
such as to reduce manufacturing efforts and cost, operating ex- 
These considerations 
result in preferred design principles involving large flow per fron- 


pense, and complexity, must be followed. 


tal area, use of constant-speed synchronous drive motors, and 
high efficiencies, It may be stated that such design principles 
generally are compatible to a satisfactory degree. High flow 
ratios require the use of relatively low hub ratios, which, in turn, 
result in long blades of high aspect ratio. While such blades 
normally may be subject to undesirable flutter and vibration 
characteristics, the combination with constant-operating speed 
permits proper ‘‘detuning’’ of mechanical vibrations away from 
the regions of normal operation. Use of a constant motor-drive 
speed also assures the continuous availability of maximum 
drive power. 


Buape-DesigN REQUIREMENTS AND PERFORMANCE PREDICTION 


Requirements of Blading Design. The blading requirement= 
of compressor stages designed for stator-blade control are some- 
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what more extensive than similar requirements of conventional 
compressors. Attainment of high performance at widely off- 
design operating conditions is the essential “design’’ criterion. 
Although a wind-tunnel compressor never may be required to 
operate at a conventional design point, selection of a design con- 
dition must be made for reference use. This effective design 
point will lie within the required operating envelope and serve 
as a basis for determining the complete performance. 

The major requirements of the stator-blade control-stage de- 
sign are (a) use of low reaction ratios, (6) small sensitivity of 
efficiency to stator-blade adjustment, (¢) subcritical Mach num- 
bers, and (d) reasonably small radial-equilibrium effects. Simul- 
taneous achievement of these goals in a single blade diagram is 
As illustra- 
tive examples and for aid in discussion, comparisons will be made 
between three specific types of stage diagrams. 
Free vortex (FV), constant mean swirl (CMS), and wheel flow 
(WF). All of these types may be defined by a relation for the 
average absolute swirl velocity in terms of a constant and the ra- 
dius to a power 


difficult without adoption of certain compromises. 


These are: 


= const (r)?... {1] 


where these stage types are described, respectively, by the ex- 
ponent values (x) of —1, 0, and +1. 

Low reaction ratios are desired for high effectiveness of stator- 
blade control (3); they may be obtained with any of the three- 
stage types by suitable selection of the descriptive constant. 
However, the variation of reaction with radius is quite different in 
the three cases. The free-vortex blading exhibits a large increase 
in reaction with radius, for reactions below unity. The rate of 
spanwise variation also increases with decrease of reaction at a 
A moderate radial variation in reaction is found 
for the constant-mean-swirl case, and uniform reaction is given 
by the wheel-flow design. (For these latter stages, the radial- 
equilibrium effect on reaction ratio is ignored temporarily. ) 

For small variations in efficiency with restaggering, the stator 
blades should possess a relatively untwisted shape with the de- 
sign setting located in the flat region of the efficiency-stagger re- 
lation near the optimum value. Stator blades for free-vortex 
and wheel-flow stages possess relatively high twist angles, which 
happen to be in opposite directions. The constant-mean-swirl 
diagram requires stator blades of essentially untwisted geometry. 

Mach-number effects in stage performance are dependent upon 
the distribution of blade loading, grid solidity, and blade thick- 
ness, as well as upon the actual-flow Mach numbers. Compari- 
son of Mach-number distributions in the illustrative stages may 
he summed up (4, 5), as generally unfavorable in the free vortex, 
reasonably satisfactory in the constant mean swirl, and ideally 
most favorable in the wheel flow. From more detailed study, 
the actual advantages of Mach-number distribution in the wheel- 
flow stage over that in the constant-mean-swirl diagram are re- 
duced in significance by the thickened stator-blade sections re- 
quired at the outer casing, because of the mechanical design 
associated with support of these blades in a manner permitting 
adjustment. 

Radial-equilibrium effects may be expressed as being propor- 
tional to the axial vorticity 


given station. 


or C. 


= (1 + 7) const {2] 
or r 


produced by the selected diagram (6). The radial-equilibrium 
conditions may be accounted for in terms of either nonuniform 
axial-velocity distributions in stages of uniform radial energy 
(7), or required radial-energy gradients such as to produce uni- 


form average axial velocities. It is considered desirable to avoid 
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the use of radial-energy gradients for design conditions, since 
special inducer and educer stages would be required. These 
stages would necessitate additional blade dies of appreciable 
expense and introduce a more complex flow pattern associated 
with off-design operation. Radial-equilibrium effects, as evi- 
denced by axiul-velocity distortion at design conditions with uni- 
form total head, range from none in the free vortex, moderate in 
the constant mean swirl, to high in the wheel-flow diagrams. 

As a result of these initial comparisons, it may be concluded 
that the constant mean-swirl diagram possesses major merit for 
stator-blade control stages. This diagram offers a reasonable 
compromise between the particular advantages of the free-vortex 
and designs without exhibition of their undesira- 
Additional comparison of these stage types at off- 
design operation will be given in connection with performance pre- 
diction methods. 


wheel-flow 


ble features 


Prediction of Performance. The wide operating range attaina- 
ble from a constant-speed compressor with blade control is ac- 
complished by « change in angle of attack of a stage resulting from 
adjustment of the stagger angle of a blade row. A change in the 
stagger angle of the stator blade row which decreases its angle 
of attack also decreases the angle of attack on the successive rotor 
blade row. Corresponding effects result from an adjustment for 
an increased angle of attack. The method of blade adjustment, 
therefore, permits operation of a stage over a much wider range of 
flow variations than could otherwise be attained at a single (de- 
sign ) blade setting. 

There are three basic methods which have been employed suc- 
cessfully for design and performance predictions of compres- 
sors with blade control. Each of the methods has numerous 
refinements which may be used to either improve the attainable 
accuracy or apply computational techniques for more rapid eal- 
culation. Only the general methods will be discussed here. 
These methods are as follows: 


(a) Blade and velocity diagram analysis by radial equilibrium 
considerations; and by simplified method with only mean-radius 
calculations. 

(b) Analytical (effectiveness) methods. 

(ec) Empirical methods. 


For analysis of stage performance with blade control, a method 
of direct solution of the radial-equilibrium equations is suggested. 
Since the blading diagrams are established readily by the com- 
pressor design-point performance, the off-design performance may 
be computed from this blade geometry. Radial-equilibrium con- 
ditions generally are of increased significance for the operating 
conditions which depart from design flows and blade settings. 
This direct problem is complicated by possible radial variation 
in stage input (U AU’) as well as additional axial-velocity dis- 
tortion, 
this nonuniform rotor work, and the radial-equilibrium system 
must be solved by numerical computations by successive ap- 
proximation. Although the required successive-approximation 
calculations converge rapidly, the process remains somewhat ie- 
dious when the compressor has a large number of stages. It is 
also necessary to introduce means of accounting for blade-row 
efficiencies in order to determine the flow-matching of succes- 
sive stages. Additional deseription of this “direct’’ problem is 
given in the Appendix. 

Examples of the radial distributions of axial velocity and 
energy were computed for the three types of stage design com- 
pared previously, i.e., free vortex, constant mean swirl, and wheel 


For accurate calculations it is necessary to consider 


flow. 
of flow, speed, and blade input. 
standardized as basically symmetric at the hub diameter (for 


The comparison was based on the same design conditions 
The velocity diagrams were 


design stator setting). A typical velocity diagram with nota- 
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tion is shown in Fig. 3. The dimensionless axial velocity and 
energy input for design conditions are shown in Fig. 4(a). The 
off-design performance of these stages at 90 per cent flow and et 
stator-blade settings of O and + 10 deg are shown in Figs. 4(b) 
and 5. Itis shown that the blade input as well as the axial veloc- 
ity is far from uniform or similar to the design distribution. In 
general, and for the conditions shown, the constant-mean-swirl 
stage has the minimum variation of axial velocity and stage input 
from design values. The wheel-flow stage type has the maxi- 
mum variation. 


FEBRUARY, 1954 


10° 
\ 


62 .66 
FLOW COEFFICIENT 


AxtaL Vevociry ror Various Stages at 9) Per Cent 
Desian Frow Statror-BLape ContTRoL 


hia. 5 


A simpler method ef analysis which may be considered would 
consist of «a blade-diagram analysis at only mean-radius conditions 
without inclusion of radial-equilibrium effects. Although this 
method offers considerable simplification over the previous method 
of complete radial-equilibrium calculation, it may be antici- 
pated that appreciable reduction in accuracy will result. The 
difference in results obtained from these methods is shown in 
Table 1 for the same flow (90 per cent of design) and stator- 
blade reset angles (0 and +10 deg) as were considered by the 
complete radial-equilibrium method. Both the average stage 
input and mean-radius axial velocity, as determined by radial 
equilibrium and simplified mean-radius calculations, are com- 
pared. It may be noted that the free-vortex stage performance 
is predicted most closely by the simple mean-radius analysis. 
The differences in these calculated results show that departures 
from the mean-radius calculations at off-design flow increase 
directly with the initial magnitude of radial-equilibrium effects 
(axial vorticity) at the design conditions. For the constant- 
mean-swirl stage, which has moderate radial-equilibrium effects 
at design, the average stage input is estimated to within approxi- 


TABLE 1 BLADE-TYPE COMPARISONS 
(90 per cent design volume flow) 
(a) Stage-Input Comparison 
UAU* — UAUtT 
Relative input, [ 100 
Stator blade-angle change; Ay 
Free vortex 


Constart mean swirl. . . 
Wheel flow : 


Stator blade-angle change; Ay 


Free vortex. .... 
Constant mean swirl. 
Wheel flow... 


* Simplified mean-radius calculations. 
t Radial equilibrium considered. 
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(b) Axial-Velocity Comparison 
v*— vt 
Relative axial velocity, ] x 100 
—10° 0° +10° 
0 —0. 23 0 
82 —1.35 —1.11 
—4.32 4.49 —2.44 
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mately 5 per cent and the mean-radius axial velocity to about 2 
per cent by the simplified method. Corresponding differences for 
the wheel-flow type are approximately twice these magnitudes. 

An analytical method of determining the influence of blade- 
design parameters on the effectiveness of blade adjustment has 
been presented (3). This analysis was concerned with volume- 
flow variation effected by a change in blade setting, while main- 
taining a constant stage pressure rise. The effectiveness of ad- 
justment was defined as the relative increase of flow at constant 
pressure rise per unit of grid-adjustment angle from design setting. 
This effectiveness may be written in terms of the stage design 
parameters of pressure and flow coefficient and reaction ratio as 


= cons = [3] 
o(— Ay) =0 (1 


for stator-blade adjustment. Since the effectiveness was derived 
without complete radial-equilibrium conditions in order to de- 
termine the influence of specific design parameters, it should be 
applied to mean-radius or mean-effectiveness conditions for per- 
formance prediction. 

By all of the previous methods of prediction, only the stage 
flow and energy input may be determined. The stage output 
must be found from additional knowledge of the losses and effi- 
ciency of the stage elements. In general, this knowledge results 
from experimentally determined relations. It also is possible to 
employ completely empirical stage characteristics to the analysis 
of a multistage compressor. Results of tests will permit estab- 
lishment of a dimensionless representation of a stage perform- 
ance. These parameters (¥/Wp, /@p, then may be em- 
ployed for individual-stage analysis of a complete compressor, 
provided the blading remains directly comparable to that of the 
empirical stage. This empirical method permits accurate deter- 
mination of the over-all performance and is convenient to use. 
Such special objectives as attainment of maximum efficiency or 
uniform stage input distribution by nonuniform adjustment of 
successive stator rows can be determined by this method. 


TyprcaL PERFORMANCE CHARACTERISTICS 


Experimental Compressor Performance. Although the desira- 
bility and feasibility of stator-blade control in axial-flow com- 
pressors have been discussed, proof of its acceptability must be 
furnished by actual performance tests. The test performance 
of a typical compressor designed for stator-blade control at con- 
stant-drive speed is shown in Figs. 6 and 7. The performance 
shown is that of a three-stage unit designed for a constant-mean- 
swirl diagram, which was basically symmetrical at the hub diame- 
ter, with uniform radial energy, and hub ratio of 0.60. All per- 
formance is based on over-all measurements between stations 
upstream of the nose contraction, and downstream of the tail- 
diffuser fairing. Inlet guide vanes and all stator blades were 
reset in equal increments over the test range shown. Rotor 
blades and outlet guide vanes were at constant (design) setting. 

These experimental results clearly indicate that an exception- 
ally wide range of pressure and flow coefficients is attainable by 
stator-blade control. An over-all volume-flow range of more 
than 2:1 has been achieved at efficiencies exceeding 80 per cent. 
This performance range obtained is more than adequate to meet 
the specifie requirements of high-speed wind-tunnel compressors 
operating over a wide range of test conditions. From these ex- 
perimental results the case for compressor regulation by stator- 
blade control is firmly established. 

Comparison of Theoretical and Experimental Performance. A 
direct comparison of the experimental performance with the 
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performance predicted by the methods discussed may be made; 
this is shown in Fig. 8 Only the simplified analysis of the 
blade diagram and the linear effectiveness calculations are 
shown, since complete radial-equilibrium calculations were not 
performed at all flow conditions. However, for those conditions 
which were calculated, the average stage inputs were approxi- 
mately 5 per cent below the values given by the simplified method. 
This would indicate good agreement with the test results, since 
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the stage inputs from the simplified method were slightly above 
the experimental values. 

A further comparison of the flow variation with adjustment 
angle at a constant pressure rise is shown in Fig. 9, and general 
agreement between theoretical and experimental results is indi- 
The experimental results exceeded the theoretical pre- 
dictions by a slight margin, particularly with reference to the 
linear effectiveness, 


cated, 


CONCLUSIONS 


The increasing necessity and feasibility of high-speed wind 
tunnels of advanced physical size and speed range establish the 
desirability of compressors designed for control means other than 
by variable speed in order to attain the required performance. 
The use of stator-blade control is capable of producing a wide 
range of operation at high efficiency. This method of control 
appears to be suited ideally to matching the requirements of 
high-speed wind tunnels with the simplicity and efficiency of 
constant drive speed. This constant-operating-speed feature 
also permits desirable simplification of the mechanical design. 

In the authors’ opinion, no ideal and universal type of stage 
design has been established yet for use with stator-blade control. 
The proper blading to be used depends upon the individual re- 
quirements of a particular compressor, and only extensive analy- 
sis and tests of compressor performance with stator-blade con- 
trol will establish the optimum design to be associated with a 
prescribed application. The constant-mean-swirl type of stage 
diagram, designed for uniform radial-energy distribution, has 
shown performance characteristics which are adequate for use in 
high-speed wind-tunnel compressors and certain other applica- 
tions. Since the use of blade control in axial-flow compressors 
only recently has received significant attention, it may be ex- 
pected that future developments will yield new concepts and im- 
provements in blading design. 

Methods used for performance predictions will change generally 
and improve along with similar advances in the requirements and 
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art of compressor design. All methods discussed in this paper are 
in use at the present time; each has its particular advantages 
and shortcomings. The presently preferred method of perform- 
ance prediction for multistage compressors is the empirical 
This employs test data of stage performance as a basis 
for the individual analysis of each compressor stage. Accurate 
results may be obtained by this method provided the empirical 
stage data available are applicable directly to the stages employed 
in the compressor concerned. Theoretical estimations based on 
radial-equilibrium considerations with variable radial-energy dis- 
tributions are considered satisfactory, although quite lengthy. 
For analysis of new stage types, for which empirical data are not 
available, this method is capable of accurate results. Adequate 
information for simultaneous estimates of compressor losses and 
efficiency also must be introduced. 
ences continue to contribute to performance prediction methods 
such that the results obtained from previous designs may be ap- 
plied in development of new designs. 

With the increasing demand for high-speed wind-tunnel test 
facilities and the desirability of wider ranges of high-efficiency 
operation in gas-turbine applications, the use of stator-blade con- 


method. 


Theoretical and test experi- 


trol at constant or near constant rotating speed should become 
the object of additional consideration in many new developments. 
Test data available at this time have greatly encouraged this 
manner of obtaining wide compressor-operating ranges, and it is 
hoped that this paper has been instrumental in presenting some 
aspects of such flow-regulation concepts. 
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Appendix 
WINbD-TUNNEL REQUIREMENTS 


Low-Speed Wind Tunnels. For incompressible flow the per- 
formance criterion commonly employed is the aerodynamic- 
energy ratio ER, of the circuit. This is defined as the ratio of 
test-section kinetic energy to the summation of the circuit losses. 
Since the fan output must be equal to these circuit losses for 
steady-state operation 
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where qr is the test-section dynamic pressure and AP, is the total 
pressure rise of the fan. 

Except for variations in configuration and attitude of the test 
model, this energy ratio is essentially constant for the speed range 
of a particular wind tunnel. For this case, the pressure, flow, and 
horsepower are given by 


AP, = 


Q [5 | 


~ 


Hp = 


The fan laws for operation of the fan at constant pressure 
and flow coefficients (and hence constant-angle of attack) are 


AP 
y= i72 = const |6a | 
APp & U? & N? 
¢ 
= = const. [6b | 
Ap 


where U is the blade speed proportional to the rotational speed 
N, and Apis the annular flow area of the fan. 

By direct comparison of the wind-tunnel requirements and con- 
ventional fan laws, it may be accomplished by simple variation 
of the fan-drive speed in direct proportion to the test-seetion 
velocity. 

High-Speed Wind Tunnels. For high-speed wind tunnels of 
transonic and supersonic test-section velocities the energy ratio 
may be redefined for compressible flow as 


kRT' 7 My? 
=.=. 


where 7T'y is the test-section static temperature, 7’; is the com- 
pressor-inlet temperature, and PR is the compressor pressure 
ratio required for generation of the test-section Mach number, 
My. 

Because of large Mach-number effects on diffuser performance, 
the energy ratio is not constant in high-speed wind tunnels. The 
representation of tunnel requirements is expressed customarily 
by means of a minimum compressor pressure ratio required. 


Thus 


- KR = 


PRaia = f(M,y) [8] 


where this relation must be determined for a particular wind 
tunnel. 

For test-section velocities above sonic the flow is metered 
effectively by the nozzle throat, and the volume-flow require- 
ments of the compressor inlet are given by 


7, (PR ft® 
in Ar] WT. sec-ft? 


k 
k-1 k 28.467 
= V (1/2)kgR (k + 1) = 28.367 sec/deg R 


[96 | 
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and the nozzle-area ratio may be given without boundary-layer 
correction from the isentropic channel-flow equation 


k+l 
Ay 2 k—1 
1 + 2) 
My, +1 ( Mr )| 


It may be noted from the volume-flow equation that the pres- 
sure ratio enters linearly. Thus for constant Mach number and 
temperature levels the compressor pressure ratio and_ inlet- 
volume flow are related along radial lines in the pressure ratio 
versus inlet-volume flow plot. A minimum pressure-ratio value 
for satisfactory test-section flow may be established, but exces- 
sive pressure ratios may be employed to locate the normal shock 
wave downstream in the diffuser without reducing the quality 
of the test-section flow. This procedure is costly from the oper- 
ating horsepower viewpoint, however, and suitable compressor 
flexibility along the radial demand line tu obtain optimum oper- 
ating economy under varying test conditions is desirable. 


Previction Or Orr-DrsigN PERFORMANCE FOR A COMPRESSOR 
STAGE 


The off-design performance of an axial-flow-compressor stage 
may be obtained from a direct analysis of the blade geometry. 
The theoretical treatment and computational procedure for this 
direct: problem considering radial equilibrium and nonuniform 
rotor work may be deseribed in general terms with the aid of an 
example. 

All blade-row geometric properties are known; these include 
the grid solidity, inlet and outlet blade angles, B and a, at all 
radial stations. For the first stage of the model test unit, prop- 
erties are given in Table 2 for a stator-blade stagger-angle setting 

10 deg from design position. 


TABLE BLADE-ROW GEOMETRIC PROPERTIES FOR STATOR 
SITTING —-10 DEG 


BLADE STAGGER-ANGLE SET ( 
Hub Mean Tip 
Radius ratio 0 60 0.80 1.00 
Rotor blading 
Pitch chord, s// 0.913 1.435 2.18 
Camber angle,” 6 28.75 14.5 4.66 
Stagger angle, y: 23.3 42.1 55.6 
Outlet blade angle, (a; ~~ 4) 8.05 34.85 53.27 
Stator blading 
Pitch chord, «/l 0.752 1.001 1.252 
Camber angle, 62 24.1 22.0 19.9 
Stagger angle, Ye 14.8 18.0 21.2 
Outlet blade angle, (a2 be)... 2.75 7.00 11,25 


” All angles are given in deg. 


Stage-inlet conditions, including radial distribution of the ab- 
solute velocity and pressure, are known. Axial-velocity distribu- 
tions throughout the stage may be assumed to be consistent 
with the continuity requirements for the selected flow conditions. 

The relative velocity vectors W; and W, may be determined 
from the absolute inlet velocity C\, the blade speed U, and the 
fluid-exit angle a,. For estimation of this latter angle, it also is 
necessary to determine the rotor deviation 6,; this may be ap- 
proximated rapidly from the simplified relation 


5 = 0.26 [8 —(a —8)| Ws/l... (11) 


The rotor work input, AU, may be determined from the ve- 
locity diagram Obtained from the rotor. Conditions Tor the 
stator portion of the velocity diagram may be obtained similarly. 

The conditions of radial equilibrium are applied to verify or 
correct the originally assumed distributions of axial velocity. 
Since all conditions are not likely to be satisfied by the initial 
calculations, the axial-velocity distributions may be revised by 


successive approximations. For a stage of nonuniform rotor 


where 
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work the simplified radial-equilibrium conditions may be written 
at either rotor or stator exit stations as 


UAU — (UMU)y = 1/2 (V* — Vy") + 1/2 (C2 — Coy?) 


C3 
+ dr. . {12} 


where VAU = gJH. The simplified radial-equilibrium equa- 
tion may be written for the entire stage as 


( ( Ve\) ,fuau  (vau 
i) 
2 


and V, = 1/2(V; + V3). 


where Cy, = Cer + 


Using the blade geometry given previously which includes a 
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10-deg decrease in stator-blade stagger angle from design values, 
the stage performance for 90 per cent design flow was calculated 
asin Table 3. ' 


TABLE 3 STAGE FaRrOReeres FOR 90 PER CENT DESIGN 


Inlet-flow angle 
Velocities, Vi/Um.... 
"ai /Um 


In general, at least three radial stations are required for the 
calculations, and additional stations would be required for more 
rigorous treatment. For more elaborate calculations, additional 
factors of radial streamline shifting, significant radial velocity 
components, and induced-flow effects should be considered 
also. From a practical viewpoint the increased complexity of 
the equations for inclusion of such effects does not contribute 
significantly to the general performance estimation except for 
operating conditions extremely remote from design values. 


Hub Mean Tip 
0.611 0.596 0. 547 
2UAU 
Pressure coef, = 0. 636 0.654 0. 622 
Um* 
: 
2 
fag 


The Mitigation of Marine Fouling by 
Anaerobic Treatment 


By H. T. DUPLICE! ann R. C. ALEXANDER,? LOS ANGELES, CALIF, 


This paper deals with the killing of marine fouling 
organisms, particularly the bay mussel, in salt cooling- 
water conduits by anaerobic treatment. In a parallel 
two-tunnel system it was found possible to make efficient 
“kills” by removing one of the tunnels from service and 
preventing the entry of new water intoit. The marine life 
within the tunnel consumed the dissolved oxygen and sub- 
sequently died from the resulting anaerobic condition. 
Removal of the dead shells after treatment was accom- 
plished by velocity cleaning—obviating the necessity of 
dewatering for mechanical cleaning. 


Puysicat Conpirions at HarBor STEAM PLANT 


HE Harbor Steam Plant (1, 2)' of the Los Angeles Depart- 
‘tae of Water and Power, a 363,000-kw station located 

in Wilmington, Calif., draws its salt cooling water from the 
Los Angeles Harbor at Slip 5, discharging it into the West Basin 
after passing through the Plant equipment (3). 

Prior to the construction of this plant, an extensive research 
program was conducted from 1935 until the fall of 1937, to 
determine the suitability of the station location, at which time 
data on harbor-water biological and marine growths also were ob- 
tained. These studies indicated that the harbor waters were 
well suited to the many factors required for cooling service and 
that the oxygen content of about 3 ppm was desirable from the 
standpoint of condenser-tube life. The presence of this dis- 
solved oxygen indicated that fouling of the cooling-water con- 
duits by marine organisms was a certainty and, therefore, the 
final design wisely included them in duplicate, either of which 
can carry almost the entire full-load cooling-water requirements 
to allow the other to be dewatered for mechanical cleaning. 
Prior art for the positive mitigation of marine fouling organisms 
by other means had not, at this time, been developed sufficiently 
to allow full reliance on single tunnel design. 

These early studies indicated that the most troublesome 
organisms to be anticipated were primarily the bay mussel 
(Mytilus edulis); Arctic Saxicava, a rock-boring clam; barna- 
cles; certain vegetative matter; hydroids, and bryozoa. 

Unit No. 1 went into operation May, 1943, unit No. 2 Novem- 
ber, 1947, unit No. 3 February, 1949, unit No. 4 December, 1948, 
unit No. 5, July, 1949. Until the summer of 1950, no conduit- 
fouling problem existed because of a radical change in the harbor- 
water chemistry which had occurred prior to initial plant opera- 
tion. This change is shown dramatically in Fig. 1 and was 
brought about by the enormous expansion of the Los Angeles 


1 Superintendent, Harbor Steam Plant, Department of Water and 
Power, City of Los Angeles. 

? Superintendent, Valley Steam Piant, Department of Water and 
Power, City of Los Angeles. Mem. ASME. 

* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Joint Research Committee on Boiler Feed- 
water Studies and the Power Division and presented at the Semi- 
Annual Meeting, Los Angeles, Calif., June 28-July 2, 1953, of Tae 
American Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, March 2, 
1953. Paper No. 53-—SA-18. 
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Harbor-region petroleum and manufacturing industries, whose 
effluent waters carried high sulphides into the harbor waters, 
Under these conditions, there was no vertebrate life and little 
other marine life throughout the inner harbor, including the 
Harbor Steam Plant structures and cireulating-water conduits. 
These sulphides had a ‘deleterious side effeet, however, and caused 
severe corrosion of the aluminum-brass condenser tubes to such a 
degree that station reliability was threatened, 

A program was entered into about 1946 by the Harbor and 
Health harbor-water 
pollution by industry, and the beneficial results of this under- 
taking are graphically illustrated in Fig. 1 which shows a steady 
decline of the hydrogen-sulphide concentration until by the fall 
of 1947 the presence of oxygen was noted. This oxygen con- 
centration steadily inereased from that time until 1949, dipping 
down to a value of less than | ppm during 1950, and has been 


Departments to minimize unnecessary 


steadily on the inerease sinee 


HARBOR STEAM PLANT 
+ CIRCULATING WATER ANALYSIS 


OISSOLVED PPM 


+ 


| 


Fic. 1 


Harsor Stream Piant ANALYSIS 
Curve, 1938 Tro 1952, IncLusive 


During the summer of 1948, fringes of biological growth were 
apparent in the Harbor, and in the summer of 1949 a gradual 
but general invasion of the inner harbor areas and Harbor Steam 
Plant structures by this growth was noted but it had not, as yet, 
become an operating problem. The warmer summer months of 
1950 brought very heavy growths of marine life, Fig. 2, inside 
the conduits, on structures, pumps, and suction strainers and 
eonsiderable numbers of small shells of Mytilus edulis were pass- 
ing through the traveling screens and into the condenses The 
shells which passed into the condensers posed a serious problem 
by virtue of a percentage of them becoming lodged within the 
tubes, causing velocity cutting with subsequent tube failure and 
by passing through the first condenser pass and accumulating in 
the return waterbox end of the condensers. It was impractical 
to reduce the traveling-screen mesh size below the existing '/, in. as 
blanket-type plugging would result therefrom. 


* 
40, - — 
\ 
| 
10 | — | 1 + | | 
MYOROGEN SULFIDE, PPA | | 
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COMBATING THE PROBLEM 


It was then reasoned that to combat the problem suecessfully, it 
would be necessary to provide means for frequent kills of the 
embryonic marine life at such intervals that their shells would not 
develop to a sufficient size to pose the foregoing problem as de- 
seribed, The tiny shells would pass through the entire cooling 
system successfully without lodgment and would be carried out 
through the discharge conduit. 

A study of methods for periodic kills of the biological growths 
was entered upon, and current literature (4, 5, 6, 7) appeared to 
concur that elevation of water temperature by recirculation or 
continuous chlorination was most satisfactory. Inasmuch as the 
former method was impracticable with the existing design and the 
installation and operation of a continuous chlorination system 
would be quite costly, a totally different approach appeared to be 
desirable, To this end, a series of experiments to determine the 
methods and efficiency of anaerobic treatment were embarked 
upon as new literature relative to this was not found. It was 
reasoned that if a circulating-water conduit was sealed off at one 
or both ends to prevent the passage of water, the oxygen-consum- 
ing marine organisms, within a finite period of time, would reduce 
the dissolved oxygen to some low value, possibly to a level below 
which they could survive. 


Successrut Meruop DeveLtorep 


Fortunately, the Harbor Steam Plant circulating-water con- 
duits are provided with permanent stop logs and lifting devices 
at the surge-chamber end and removable stop logs at the intake 
end; therefore the preliminary tests were readily conducted 
without extensive preparation. 

On June 3, 1952, the east conduit surge-chamber stop log was 
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CRCULATING WATER TUNNEL 
EAST COOLING WATER TUNNEL 


Fic. Curve or OxyGeN CONCENTRATIONS 


SHeiis oN TRAVELING Screens Taken During CLEANING 
OPERATIONS 


lia. 4 


dropped in place sealing off water circulation. This log remained 
in place for 7 days during which time water samples were taken 
and analyzed, the results of which are shown in Fig. 3. The 
authors were astounded at the rapid decrease in the dissolved- 
oxygen concentration and the subsequent rate of increase of hy- 
drogen sulphide, the latter reaching a value of 50 ppm by June 9, 
1952. 

On June 10 the stop log closing this tunnel was raised cau- 
tiously and an immediate inundation of Mytilus edulis shells, dead 
fish, dead and black shell fish, and vegetable matter covered 
the six traveling screens, Fig. 4. This condition existed for about 
12 hr, during which time the contents of a single screen panel was 
removed for analysis. By weighing and measuring the contents 
of this panel, it was estimated conservatively that over 45 tons of 
dead marine life were washed out of the east conduit and into 
the discharge basin 
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In view of the apparent high degree of success of the anaerobic 
treatment, this conduit was stop-logged at each end and de- 
watered for a visual inspection by both plant operators and 
department biologists. The interior of the conduit was covered 
by what appeared to be a carpet of vegetative matter, the fibrous 
strands of hydroids and bryozoa averaging about 1 in. in depth. 
As a result of this treatment, the greater part of the marine fouling 
organisms was exterminated and only a few small organisms 
capable of anaerobic existence survived but were minute and of 
no consequence in plant operation. All of the Mytilus edulis, 
Arctic Saxicava, hydroids, and bryozoa were dead and appeared 
to be attached to the tunnel by virtue of the byssus threads 
of the now dead mussels. This carpet dislodged easily and the 
velocity of water traversing the tunnel readily removed the dead 
matter. 

The concrete was examined closely for possible damage by the 
effect of sulphide and, although enough sulphide was present to 
darken the concrete, no erosion of the cement from the sand was 
noted; hence its effects on the concrete were slight, if any. 

It is now believed that a suitable method for the control of 
fouling organisms has been developed hereby, and it is planned to 
alternate the tunnels on 4-week cycles during the spawning periods 
of Mytilus edulis when the water temperature is above 60 F. 
Inasmuch as these organisms can resist anaerobic conditions for 
4 days, the tunnels will be sealed off from 5 to 7 days to insure 
effective treatment. 


ADDITIONAL EXPERIMENTS 


Later experiments have been conducted successfully wherein 
the oxygen was reduced to zero by the addition of sodium sulphite 
to the circulating water in order to eliminate the time required 
for natural oxygen depletion. The sulphite was introduced 
continuously at the intake end of the tunnels together with a small 
amount of fluoresceine powder. When the brilliant fluorescent 
solution of this tracer was seen in the surge chamber at the plant 
end, the stop logs were dropped in place and the feeding of sulphite 
stopped. Chemical tests showed that zero oxygen remained and 
the presence of 15 ppm of sulphite was detected, insuring anaero- 
bie conditions. 
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Reduction of Condensate-Line Corrosion 


By SCOTT JENSEN! anp E. R. LANG? 


General accumulation of iron oxide and copper oxide or 
copper on boiler surfaces during service is almost always 
due to corrosion by water in the preboiler system begin- 
ning at the point where steam first condenses. The re- 
duction of this corrosion will result in cleaner boilers and 
permit longer operation of the boilers between cleanings. 
This paper reports progress made in reducing iron and 
copper corrosion using ammonia, cyclohexylamine, mor- 
pholine, and sodium sulphite. The work was done at the 
Southern California Edison Company steam plants. This 
company supplies electric power to a large portion of 
Southern California by means of its hydroinstallations 
and its four steam plants. The reduction of corrosion in 
the condensate system at the Long Beach Steam Station 
and at the Redondo Steam Station is discussed. 


CorROSION IN TURBINE EXHAUST AND CONDENSER 


LANT 3 at Long Beach has seven boilers rated at 420,000 
Pi per hr each, operating at 450 psi and 750 F. This plant 

has no deaerating heater, depending on deaerating hot wells 
to remove dissolved oxygen. In an effort to reduce iron and 
copper accumulations in the boilers, cyclohexylamine first was 
added to the condensate system in 1948. At that time the pH 
of the condensate at the hot wells was low and the feed of the 
cyclohexylamine was controlled by pH. Whenever the pH 
went below 8.0 this chemical was added to raise the pH to 8.5. 
The use of cyclohexylamine reduced the iron deposits in the one 
boiler observed. 

Some time later it was noticed that the intervals between 
the cyclohexylamine additions were becoming longer and longer. 
The pH of the condensate was always above pH 8.0. This 
pH condition corresponded to the change in the source of water 
from local wells to the Metropolitan Aqueduct water which 
has its source at the Colorado River. A test on the condensate 
showed that ammonia was present to the extent of 0.3 ppm as 
NH. It was the ammonia introduced with the river water that 
maintained the pH between 8.5 and 8.7 and cyclohexylamine, 
therefore, no longer was fed to the system. 

It was felt that this pH condition would reduce iron corrosion 
and that it would not be necessary to use cyclohexylamine. This 
was proved to be a wrong assumption. The amount of iron and 
copper deposits in the boilers increased. Hence here was a con- 
dition where the pH of the condensate was near pH 8.5 and the 
corrosion of iron continued. Iron, copper, pH, oxygen, carbon- 
dioxide, and ammonia determinations were made on the con- 
densate leaving the condensers. The averages of the many tests 
are reported in line 1 of Tables 1 and 2 and the corresponding 
Figs. | and 2. On unit No. 11 the iron was found to be 0.2 ppm 
Fe and the copper 0.026 ppm Cu. 

As a result of this high iron content, the feed of cyclohexylamine 


1 Engineer, Steam Generation, Southern California Edison Com- 
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2? Chemical Engineer, Hall Laboratories, Inc., South Gate, Calif. 
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was started again. It was added each day in slug amount to each 
of two boilers. At first enough was added to just barely increase 
the pH, and then the feed was reduced slightly and maintained 
ata constant level. 

After about 60 days the condensate again was analyzed for 
iron, copper, pl, oxygen, carbon dioxide, and ammonia. The 
results, as shown in lines 2 of Tables 1 and 2, indicated that the 
iron had been reduced nearly 50 per cent from 0.20 to 0.11 ppm 
Fe. The copper was reduced similarly from 0.026 to 0.015 ppm 
Cu. The ammonia did not change but remained at 0.3 ppm NH). 
The pH remained at 8.7. The copper increased slightly on unit 
No. 10, from 0.019 to 0.021. This increase is not considered 
significant. 

The sample point of the condensate is located at the discharge 
of the condensate pumps. The corrosion products which are 
present at this sample point must come from the turbine exhaust 
or condenser parts. 

Since the corrosion is less with cyclohexylamine than with am- 
monia with the pH approximately the same, it appears that the 
amine condenses more readily with the steam vapor, maintaining 
a pH right at the point of condensation, which is less conducive 
to iron corrosion, Therefore the iron corrosion in the early 
stages of steam condensation is held to a minimum. All tests 
have indicated that a major portion of the total corrosion occurring 
in this system takes place from the point of first condensation to 
the point of sampling at the condensate-pump discharge. 

The daily feeding of cyclohexylamine was started in June, 
1951, and the improvements reported here were found by tests 
60 days later. To reduce the corrosion further and maintain a 
more uniform treatment, a proportioning chemical feed pump was 
installed for continuous feeding of sodium sulphite and cyclo- 
hexylamine into the condensate system at the condensate-pump 
discharge. The sodium sulphite and cyclohexylamine previously 
had been slug-fed into the individual boilers. The continuous 
feed of sulphite at the condensate-pump discharge would be ex- 
pected to provide better protection against oxygen in the pre- 
boiler system. 

The installation was completed in the spring of 1952, and the 
results, reported in the third lines of Tables 1 and 2, were ob- 
tained in November, 1952. They show considerable improve- 
ment over the slug-feeding method, The iron at the condensate- 
pump discharge was reduced to 0.02 ppm. 

The important effect of continuous feed in reducing corrosion 


had previously not been appreciated. 


DeposITION IN Feepwater Lines 


While the improvement with respect to corrosion in the turbine 
exhaust and condenser was effected as outlined in the foregoing 
section, deposition of iron oxide in the feedwater lines and heaters 
between the condensate pumps and the boiler feed pump simul- 
taneously was improved. 

Before the cyclohexylamine was started, the iron content of the 
condensate at the boiler feed-pump suction averaged 0.12 ppm 
Fe. Since this figure is less than the 9.2 ppm Fe found at the 
condenser, it is apparent that iron oxide had precipitated out of 
solution in the feedwater system. After the daily shot-feed of 
cyclohexylamine had been established, the iron content at the 
boiler-feed-pump suction was reduced to 0.046 ppm Fe which 
compares with 0.11 at the hot well. Precipitation still was occur- 
ring in the feed system, but less than formerly, 
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TABLE | 


pu ppm 


Cond te-pump discharge: 
1 Without cyclohexylamine . 
2 With cyclohexylamine on 
sodium phite..... 
4 With morph 
dium 
feed). . 


Boiler feed-pump suction: 


1 Without cyclohexylamine 

2 With cyclohexylamine. 

% With cyclohexylamine and 
sodium sulphite.. . 

4 With morpholine and s0- 
dium sulphite (continuous 
feed) 


0.018 
0.018 


and 80- 


Nores: 
Line 2: 
Line 3: 


TABLE 2 


Oxygen 

(On. 

ppm 

Condensate-pumyp discharge 
1 Without cyclohexylamine 
2 With cyclohexylamine.. . 
3 With eyclohexylamine and 
sodium sulphite 

4 With morpholine and s0- 
dium sulphite (contin- 
uous feed) 


0.015 
0.015 


0.017 


Boiler feed-pump suction: 
1 Without cyclohexylamine 
2 With cyclohexylamine. . 
3 With cyclohexylamine and 
sodium sulphite. . . 
4 With morpholine and 
dium 
ous feed a 8. 
Nores: 
Line 2: 
Line 3 


wits 


Fia. Iron Copper Content 
or Conpensate, Unit No, 10, PLant 
3, Lona Beacu SreaM Station 


Now with continuous feeding of sulphite and cyclohexylamine, 
the iron at the feed pumps has been reduced further to 0.03 ppm 
Fe. This shows an iron pickup of only 0.01 ppm between the 
condenser (0.02 ppm Fe) and boiler-feed pump. 

In the years before cyclohexylamine was added, the heating 
surfaces of the low-pressure extraction heaters became coated 
regularly with iron-oxide deposits which is consistent with the 
fact that the iron content of the feedwater was reduced between 
condenser and boiler-feed-pump suction. 

The slight increase in iron now being found at the boiler-feed 
suction could indicate that the deposition in the extraction heater 
has stopped or even that old deposits are being removed. No ex- 
perience is yet available to confirm this assumption. 

For purposes of comparison, on January 1, 1953, morpholine 
was substituted in place of cyclohexylamine in plant 3. The 
data obtained over a six-month period with morpholine are re- 
ported in line 4 of Tables 1 and 2. Originally morpholine was 


sulphite, 
(Nas 
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CHEMICAL ANALYSIS OF UNIT NO, 10 CONDENSATE AT LONG BEACH STEAM 
STATION 


Carbon 
dioxide 
(CO), 
ppm 


Sodium 
Ammonia Copper’ Iron 
(NH)), (Cu), (Fe), 
ppm ppm ppm 


6.24 0.17 
0.28 0.08 


ppm 


0.019 
0.021 


0.009 0.02 


0.016 0.02 


Lines land 2: Sodium-sulphite slug-fed to boilers once a day 
Cyclohexylamine slug-fed to boilers once a day. 
Continuous feeding to condensate-pump discharge. 


CHEMICAL ANALYSIS OF UNIT NO. 11 CONDENSATE AT LONG BEACH STEAM 
STATION 


Sodiuto 
sulphite Ammonia 
(Naz 80s), (NH), 
ppm ppm 


0.30 
0.30 


Iron 
(Fe), 
ppm 


Copper 
(Cu), 
ppm 


0 20 
0.11 


0.02 


0.026 
0.015 


0. 009 


0.02 0.02 


0.09 
0.06 


0.08 


0.035 
0.042 
0.008 


0. 03 0.02 


Lines | and 2: Sodium-sulphite slug-fed to boilers once a day. 
Cyclohexylamine slug-fed to boilers once a day. 
Continuous feeding to condensate-pump discharge. 


Fic. 2. Iron anp Copper 
or Conpensate, Unit No. 11, PLant 
3, Lone Beacn Steam StraTIon 


fed at the rate of 3.6 ml per million pounds of feedwater. Since 
a pH in excess of pH 9 was obtained, the feeding rate was re- 
duced to 2.6 ml per million pounds of feedwater, which gave a 
PH of 8.8 in the condensate system. 

These data indicate that in the presence of morpholine the iron 
content of the condensate remains at 0.02 ppm whereas there is 
a slight increase in copper content over that obtained in the 
presence of cyclohexylamine. 


Deposition oF Corrosion Propucts in No. 55 


Experience with the new boiler No. 55 offers practical evidence 
concerning deposition of corrosion products in boilers as a result 
of attack in the preboiler system. A brief summary of the ex- 
periences and the explanation of them may be of some interest 
It should be pointed out that the progress shown on this boiler 
is not as good as might be expected, because a certain portion of 
the feedwater is obtained from plant 2 where no attempt has been 
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Fie.3  InTercHANGE oF STEAM AND CONDBNSATE BETWEEN PLANtTs 2 ANp 3, Beacu Stream Station 


TABLE 3 BOILER-TUBE DEPOSITS AT LONG BEACH STEAM STATION 


Average deposit 
weight per tube 


Boiler 
Total no. service, 


samples 


Total per 
Date 


9-25-51 
Boiler 55. . 


1l- 17-52 
Boilers 49-54. . 
See note* 


e © Average of deposits from last three boilers cleaned between June ‘ 


TABLE STEAM-TRANSPORT SYSTEM, PLAN 
CHEMICAL ANALYSIS OF FEEDWATER RETUR 
AT LONG BEACH STEAM STATIC 


Carbon 
en dioxide 


T 3 
RNE 
IN 


Ammonia 


deposit 
weig t per ft 
of tube per 
1000 hr, oz 
0.085 
0.088 


hr, 


~ 


Sestesss 
= = 


0.42 


25 and August 6, 1952. 


TO PLANT 2 


D TO PLANT 3 


Iron 


ppm 

Without cyclo- 
hexylamine: 
Plant 2 side... 
Plant 3 side... 


HRS/FT 


02/1000 


n 


55 10, 


12,000 14,000 


Fic. 4 Rate or Tuse Deposits Borer No, 55, Lona 
Stream STaTiIon 


made as yet to reduce corrosion of the feedwater system. Boiler 
No. 55 was installed in 1951, at Long Beach Steam Station, plant 
3. Ithas arated capacity of 420,000 Ib per hr at 450 psi, 750 F. 
An interchange of steam and condensate is in effect between 
steam plants 2 and 3. Steam is transmitted from plant 3 to 
plant 2 for the purpose of relieving the load on plant 2 boilers. 
An equal amount of condensate is returned to plant 3. The 
piping is arranged so that the condensate from plant 2 is fed pref- 
erentially to boiler No. 55, depending on load conditions. This 


(COs), 


Copper 
(Gu), (Fe), 
ppm 


(NH), 


ppm ppm 


0.22 0.16 


0.18 


0.015 


0.5 
0.015 


| 


IncREASE OF IRON AND PH 1Nn Line From PLant 2 
P.iant 3, Lone Beacn Sream Station 


Fia. 5 


arrangement is illustrated in Fig. 3. The improvements that 
have been made in the plant 3 condensate system as noted, 
therefore, will not always be reflected in boiler No. 55. 

After 6 months’ operation in September, 1951, a tube failed. 
The cause of the failure was due in part to the deposition of iron 
oxide in certain tubes in the front wall. Since that time, this 
boiler has been taken out of service periodically and the tubes 
turbined. The turbined deposits are weighed. Severa! steps 
were taken to reduce the boiler deposits. ‘The blowdown schedule 
was changed in December, 1951, and the continuous feed of sul- 
phite and cyclohexylamine was started in April, 1952. Table 3 
and Fig. 4 show the results of these improvements on the rate of 
deposition in boiler No, 55 and the average weight of deposit in 
the tubes in the other boilers. 

In connection with the feed line to boiler No. 55 from plant 2, 
it is of interest to note the iron and copper content in the feed- 
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TABLE 5 


Oxygen 

(On. 

ppm 

Condensate-pump discharge: 

1 With sodium sulphite, con- 

tinuous feeding......... 
2 With sodium sulphite and 
eyclohexylamine, continu- 

ous feeding 


69 0.006 


7.8 0.010 
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CHEMICAL ANALYSIS OF CONDENSATE AT REDONDO STEAM STATION 


Carbon 

dioxide 
ppm 


[ron 
(Fe), 
ppm 


Copper 
(Cu), 
ppm 


Ammonia 
(NHa), 
ppm 


0 01 0 O19 0.08 


0.15 0.01 0.010 0 02 


Nore: Sampling point for chemical testing located ahead of injecting point for sulphite feed and eyclo- 


hexylamine. 


TABLE 6 STABILITY OF AMMONIA IN CONDENSATE SYSTEM 
AT REDONDO 8TEAM STATION 


pi 


Time after 


ammonia At 


condenser 


ars 
Fic. 6 Lron anp Copper Con- 
TENT OF CONDENSATE AT 
Reponno Stream StTation 


water from this line, as shown in Table 4 and Fig. 5. The data 
give readings taken in plant 2 where the feedwater is obtained 
and at the end of the line at boiler No. 55. It will be noted that 
both iron content and pH value of the condensate have increased 
in flowing through the line. The iron content has increased from 
0.16 ppm Fe at plant 2 to 0.21 ppm Fe at the inlet to boiler No. 
55. The pH increased from 7.8 to 8.3. The water is oxygen-free 
and contains about 0.15 ppm NH,;. The pure oxygen-free water 
dissolves iron, forming iron hydroxide, causing an increase in 
pH. It is this high-iron-content water that has been passed to 
boiler No. 55. Sinee December, 1952, cyclohexylamine has 
been fed to the boiler system in plant 2 and the same reduction 
in iron corrosion in this plant and in the feed line going to boiler 
No. 55 is to be expected as has been noted in the plant 3 system. 
Sufficient data have not been accumulated yet on this improve- 
ment. 


CONDENSATE System IN Reponpo STEAM 


The Redondo Steam Station has a capacity of 300,000 kw and 
operates at 850 psi and 900 F. Originally, only caustic soda and 
sodium sulphite were fed continuously into the condensate system 
at the condensate-pump discharge. The pH of the condensate 
at the hot well before the point of caustic addition was then 6.9; 
after the point of caustic feed it was 8.5. Iron in the feedwater 
was 0,08 ppm Fe. Cyclohexylamine was added to the caustic- 
sulphite tank in December, 1950, and the pH at the hot well was 
increased to 8.0. The pH of the condensate, after the point of 
caustic feed, is maintained at 8.5, the same as before cyclohexyl- 
amine was added. The data obtained, which are listed in Table 
5 and Fig. 6, show that iron has been reduced to 0.02 ppm Fe, 
a reduction of 75 per cent, and copper has been reduced about 
50 per cent, from 0.019 to 0.010 ppm Cu. The use of cyclohexyl- 
amine has made it possible to reduce the caustic feed by 25 per 
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cent with consequent reduction in blowdown. Boiler deposits 
have been reduced considerably. The ammonia content of the 
feedwater has not increased but remains at 0.01 ppm. 

Approximately 3 ml of eyclohexylamine per million lb of feed- 
water is needed to maintain the desired quality. This figure 
holds approximately for both Long Beach and Redondo Steam 
Stations. 

For the purpose of investigating the effect ef ammonia in the 

condensate system, a slug of 100 mi of ammonium hydroxide 
(NH,OH) was added to the feed lines. Frequent tests for am- 
monia and pH were made at the condensate-pump discharge and 
at the aftercooler drain. The results of these tests are shown 
in Fig. 7 and Table 6. 

After 30 min, the ammonia at the condenser was 0.25 ppm NH,, 
while the aftercondenser drain contained 40 ppm NH), or 160 
timesas much. After another 30 min, the contents were 0.06 and 
8 ppm, respectively, and an hour later they were 0.02 and 2 ppm 
NHg. 

The pH followed a similar course, but the changes were not as 
drastic. The pH of the main condensate rose to 8.7, while the 
aftercondenser drain increased from 5.7 to 9.7. After 2 hr the 
pH on the aftercondenser drain was lower than on the conden- 
sate, being 7.25 and 8.0, respectively. The pH in the main con- 
denser is more stable and subject to less violert fluctuations. 

The test indicates that a considerable portion of the ammonia 
in the condenser escapes with the vapors to the air ejector, and, 
while some of it is returned in the drains, the short life of the am- 
monia effect undoubtedly is caused by loss through the vent line 
to the atmosphere. 


CONCLUSIONS 


The following conclusions may be drawn from this investiga- 
tion: 


be 
> 
= 
eed, hr condenser 
8.5 9.2 0.06 8 
2 7.25 0.02 2 
Or 50, 7 
DRANS 
3 
iad | xX alo 
< 
| 
| | 
4 
& ‘ 
at 
5 
Gr 


JENSEN, LANG 


1 A major part of the corrosion in the system investigated 
occurs between the point of first condensation in the turbines and 
the condensate-pump discharge. 

2 Corrosion of iron occurred in the portions of the system im- 
mediately following the first condensation of steam, even though 
sufficient ammonia was naturally present in the steam to main- 
tain a pH of 8.5 at the condensate-pump discharge. 

3. Feed of cyclohexylamine once a day provided better pro- 
tection to both iron and copper alloys than was afforded by the 
ammonia naturally present in the system. 

4 Continuous feed of eyclohexylamine along with sodium 
sulphite at the condensate-pump discharge still further reduced 
the iron and copper content of the condensate and of the boiler 
feedwater. Low levels of 0.02 ppm of Fe and 0.01 of Cu in the 
condensate have been attained in two plants. 

5 No increase in ammonia content of the condensate has been 
observed as a result of the continuous feed of eyclohexylamine to 
a boiler producing steam at 900 F. 

6 The substitution of morpholine for cyclohexylamine did 
not further reduce the iron content of the condensate; however, 
the copper content was increased slightly. 


Discussion 


Kk. L. Kisner.* The authors are to be congratulated upon the 
excellence of their paper and their contribution to the art of com- 
bating corrosion in feedwater systems, which is currently a sub- 
ject of considerable interest. The following discussion is an 
attempt to analyze the reactions resulting from the changes in 
treatment, especially at Long Beach plant 3, and account for 
the improvements noted from the data obtained. 

In the beginning, the pH of the hot-well condensate, plant 3, 
did not deviate appreciably as the feeding of amines was reduced 
gradually and finally discontinued. It was then assumed that 
ammonia attributed to a new raw-water supply was responsible 
for the maintenance of a favorable pH of the feedwater. Fur- 
thermore, it was believed that a resumption of amine feeding 
might result in dangerously high alkalinities. 

Since appreciable quantities of dissolved oxygen were reported, 
it is also quite likely that carbon dioxide entering the feedwater 
system with the evaporator vapor was not entirely deaerated. 
If the amounts of carbon dioxide and anhydrous ammonia re- 
maining in the condensate were equivalent, a practically neutral 
solution of ammonium carbonate would result; an excess of 
carbon dioxide would render the solution acidic even though 
ammonia was present. It has been demonstrated that perfectly 
deaerated distilled water will attack iron at ordinary tempera- 
tures. Ferrous hydroxide is the product of corrosion and is 
soluble to the extent of about 4 ppm. The hydroxyl ions corre- 
sponding to the iron, reported in Tables 1 and 2 of the paper, 
could account for a pH of 8.7. 

When the feeding of amines was discontinued, it was likely that 
the quantity of ammonia available both to neutralize the carbon 
dioxide and provide a suitable residual was insufficient to inhibit 
corrosion; therefore the condensate in the turbine exhaust was 
very aggressive but the rate of attack gradually diminished as the 
metal pickup progressed until a rather favorable pH of about 
8.6 was obtained at the discharge of the hot well. 

The dissolved oxygen became more active as the temperature of 
the water was elevated gradually soon after leaving the con- 
densate pump. The iron gradually was converted to the ferric 
state; precipitation occurred owing to its extreme insolubility; 
the pH was lowered as a result of the corresponding diminution of 
hydroxy] ions and the corrosive attack was renewed. 


4 Chemical Engineer, Bechtel Corporation, San Francisco, Calif. 
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Fortunately, the feed of cyclohexylamine was resumed. The 
pH of the hot-well condensate, however, did not change appre- 
ciably as would have been expected if the pH previously had been 
due to ammonia, but instead leveled off because the formation of 
iron hydroxide had been curtailed greatly. The iron at the con- 
densate pumps was reduced about 50 per cent; the improvement 
in copper Was not quite so remarkable. The authors concluded 
that the amine afforded better protection against corrosion than 
ammonia, The writer feels that if an adequate amount of am- 
monia had been available, perhaps the results would have been 
quite similar to those obtained with cyclohexylamine. 

The continuous feeding of sulphite at the condensate pump, 
plant 3, had a twofold effect; a reduction in corrosion due to 
oxygen, as well as the deposition of iron oxide in the heaters. The 
continuous feeding of amines by assuring a more uniform concen- 
tration in the system was, in the writer’s opinion, responsible for 
the remarkable reduction of metal pickup noted at the condensate 
pump. 

It appears that the turbine exhaust is the most vulnerable area 
for corrosive attack, Condensation of steam and the volatile 
neutralizing agent should proceed simultaneously and propor- 
tionately in order to assure the optimum pH at all times. A 
study of these properties would provide a basis for preference 
between the various amines proposed and ammonia, 

At the Redondo Steam Station, the application of amines 
broadened the area protected to include the metallic surfaces in 
contact with condensate before the point of caustic injection and 
the improvements are reflected in the data listed in Table 5 of the 
paper. There is some skepticism about the use of amines at the 
high temperature and pressure ranges approaching those ob- 
tained at Redondo, but this application has proved very success- 


ful. 


J. D. Risrroru.! The authors are to be congratulated on 
their presentation of data of definite value to the steam-generat- 
ing industry. 

The findings closely parallel the experiences of the Virginia 
Electric and Power Company in the usage of cyclohexylamine for 
control of pH and reduction of corrosion in the preboiler system. 

The authors point out the value of continuous controlled feed of 
the amine in the reduction of corrosion, There is a definite possi- 
bility also of breakdown of the amine to ammonia when the slug- 
feed method of introduction of the amine is employed. This is 
due to momentary high concentration of the amine at the time of 
the introduction of the slug of chemical into the system, It has 
been our experience on a 1400-psig unit to encounter breakdown 
at any pH above 9.0. Reduction of the pH to 8.8 is followed 
quickly by a reduction of ammonia content from values ranging 
from 0.20 to 0.25 ppm ammonia to normal values of 0.05 ppm 
ammonia. The system normally is controlled at 8.6-8.7 pH by 
continuous feed of the amine. Sodium sulphite also is fed. 
Recent analyses show values of 0.02 ppm Fe and less than 0.01 
ppm Cu. 

The experience of Virginia Electric and Power Company rela- 
tive to removal of old deposits from boiler-feed-pump casings and 
impellers by usage of the amine was given in a recent paper. It is 
suggested that there may be some correlation between the in- 
crease in boiler-tube deposits in the period of 3-12-52 and 6-3-52 
as shown in Table 3 of the paper because of the introduction of 
the amine in April, 1952, with subsequent removal of old deposi- 
tion in the preboiler system. 


* Virginia Electric and Power Company, Richmond, Va. 

‘Contamination of Condensate by Heat-Exchanger-Tube Alloys,"’ 
by J. D. Ristroph and FE. B. Powell, Trans. ASME, vol. 75, 1953, 
pp. 729-745. 
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Smokeless Burning of Waste Process Gases 


By R. D. REED,' TULSA, OKLA. 


Smokeless burning of gases presents serious problems. 
These are particularly severe in the case of process plants 
where emergency dumps occur frequently. Such dumps 
permit no control of any of the factors required for smoke- 
less combustion. This paper describes some of the diffi- 
culties and suggests methods for achieving blue-flame 
burning which is virtually smokeless. 


the atmospheres of our major cities have further compli- 
cated the already knotty problems of the process plants of 
the nation. 

It is a rare facility which, in the handling of hydrocarbons, is 
not at times confronted with necessity for quickly venting huge 
quantities of burnable products to the atmosphere in order to 
avoid explosions or other equally unpleasant end results. The 
gas is burnable; therefore it must be burned at the point of vent- 
ing to the atmosphere. 

Any gas can be burned in a properly designed burner, but 
burners are usually designed to handle gas in relatively small 
quantities in order to produce blue flame or yellow-luminous 
flame in the absence of smoke which can be seen. Fuel at suita- 
ble pressure and air in proper volume are mixed and caused to 
burn rapidly to release useful heat. Fuel and air are controlled 
to suit the conditions under which the heat is being released. 

Emergency dumps in process plants permit no control of any of 
the factors so essential to proper burning of gaseous fuels. An 
emergency being what it is does not lend itself well to care, cau- 
tion, and deliberation as to ways and means. The ways and 
means must be immediately present, ready, and operable at the 
time of the emergency. 

Practice in the past and at a time when there was not so much 
emphasis on prevention of smoke and smog allowed the gas to be 
burned in just any convenient manner. The convenient manner 
was at times productive of rolling clouds of dense black smoke 
which, while not viewed by plant neighbors with anything re- 
motely resembling equanimity, was tolerated as a necessary evil. 

The industries are completely and all too well aware of the 
state of affairs at this time so we need not dwell on necessity for 
elimination of the “necessary evil.”’ It is entirely clear that mas- 
sive clouds of smoke or even wispy trails of smoke are viewed 
with distaste and alarm by the populace and by smoke-prevention 
authorities all over the nation. Industries must meet the chal- 
lenge. 

Smokeless burning of huge quantities of gases presents some 
serious problems. That the solution of these problems is difficult 
is shown in the many approaches to the problem of smokeless 
burning and the indifferent success of most of the burning devices 
current today. Some do very well burning small quantities of 
gas but fail badly when larger quantities are delivered for dis- 
posal. Others fail to continue to burn. Some have proved 
quite successful. 

Any study of smokeless burning must delve into combustion 


: \ MOG and antismoke ordinances enacted in an effort to clear 


1 Chief Engineer, John Zink Company. Mem. ASME, 

Contributed by the Fuels Division and presented at the Semi- 
Annual Meeting, Los Angeles, Calif., June 28-July 2, 1953, of Toe 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, March 
23,1953. Paper No. 53-—-SA-29. 


theory in order to understand better what is required of any de- 
sign. There is so much argument among authorities on the sub- 
ject of combustion as to just what does happen in the rapid oxida- 
tion of fuels that any offering made is due for challenge. We of- 
fer our views with that understanding, but after years of study 

It is our opinion that the facility of burning hydrocarbons is in 
direct ratio to the weight percentage of hydrogen to the weight 
percentage of carbon. A hydrocarbon such as methane, having 
an H/C ratio by weight of 0.33, burns in the open air with very 
little if any smoke. Acetylene having an H/C ratio by weight of 
0.083 burns in the open air with an intensely smoky, sooty flame. 
It is fair to say that we have literally gone from “pole to pole” in 
our citations but it is also fair to say that intermediate compounds 
follow the rule. 

Burning gases to produce «a yellow-luminous flame is indicative 
of two conditions. The first is that the hydrocarbon molecule is 
being cracked to permit free carbon to be present in the flame. 
The second is that burning is by diffusion or in absence of turbu- 
lence. The latter may be qualified to provide that the state of 
turbulence is not great enough providing that oxygen is available 
at the envelope of the flame. The production of black smoke as 
the result of burning gas requires yellow-luminous flames. 

Blue-flame burning is not productive of smoke. Blue-flame 
burning is indicated for elimination of smoke, but blue-flame burn- 
ing is very hard to get with large quantities of gas. Let us look 
into the mechanism of blue-flame burning. 


Biue-FLAME BURNING 


Premixture with adequate quantities of air permits blue-flame 
burning. Discharge of gas at velocity high enough to cause ade- 
quate quantities of air to be mixed with the gas under favorable 
conditions of turbulence directly in the combustion zone produces 
blue-flame burning. Such conditions of burning provide oxygen 
in such quantities as to cause progressive oxidation of the hydro- 
earbon molecule without precipitation of any free carbon as such. 
The process is known as “hydroxylation” and is well known to 
those who delve into the mysteries of combustion. 

Another means for production of blue-flame burning is to be 
found in the provision of suitable quantities of water vapor with 
suitable temperature conditions as the gas is burned. A water- 
gas reaction is set up. The oxygen of the water combines with 
the carbon of the hydrocarbon to form carbon monoxide and hy- 
drogen is released to assist further in the production of blue- 
flame burning. Carbon monoxide burns with a flame much like 
that of hydrogen. Nosmoke is produced in such burning. 

The source of the water vapor may be either steam or a water 
spray delivered at the point where the gases emerge for burning. 
Temperature high enough to cause the water-gas reaction to be 
set up provides the most serious preblem. The temperature 
problem is met by an East Coast group through the provision of a 
massive refractory structure surrounding the burning zone. It 
is kept hot continuously in order to provide adequate temperature 
and heat supply to meet major dump conditions in the presence 
of a water spray. 

InsecTion Meruops 

Most process plants to date have elected to use steam as the 
source of water vapor for their smokeless flares. The methods of 
injection vary. One group places a steam nozzle in the center of 
the gas stream at or near the point of exit. A plurality of diver- 
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gent orifices deliver the steam to the burning zone. This method 
works very well in suppressing smoke but demands excessive 
quantities of steam according to the information now current. 

Another group injects steam in such manner as to combine the 
benefits of premixture with the presence of water vapor for 
smoke suppression. In one case the steam is injected from a 
plurality of jets rising to a point above the discharge point of the 
gases and at a calculated distance from the boundary of the gas 
stream which is surrounded by the jets. 

With this injection system a portion of the kinetic energy of the 
steam streams is spent in entraining air before the air-steam 
stream enters the gas stream. The premixed air assists combus- 
tion in the usual manner while the heat thus produced aids the 
water-gas reaction set up by the presence of the steam. 

This same group follows the same air-steam injection principle 
in another manner. A steam nozzle in which a plurality of diver- 
gent orifices are drilled is disposed in the center of a larger air 
tube. The air tube is located in the center of a still larger flared 
gas tube. The steam nozzle is just below the point from which the 
gases emerge to burn, The air-steam mixture is injected from 
the center of the flared gas stream. 

The latter two methods have shown some interesting figures 
on steam consumption for smoke suppression. Well-verified 
figures of approximately 6000 Ib of steam per 1,000,000 cu ft of 
flared gas have been found. This is much below the pound- 
mola) requirement for conversion of carbon to carbon monoxide. 

Still another group has followed the principle of using venturis 
for conversion of the kinetic energy of the steam streams to de- 
liver both air and steam to the flared gas stream, This flare 
which is rather heavy, according to reports, has worked reasona- 
bly well on small volumes of flared gases but has smoked to a 
greater or lesser degree when larger dumps were necessary. There 
are, of course, many other methods but our time and space will 
not permit discussion of them. 


Frecp FLARES 


Smokeless operation of field flares presents a source of relatively 
great initial investment and continuing operating costs in view of 
the steam used for suppression of smoke. Where smokeless 
burning of flared gases is demanded the item of cost for steam 
becomes quite interesting. 

Experience has shown that more than one factor bears on the 
cost of steam. The design basis of the flared gas burner is, of 
course, very important. A factor of even greater importance 
can well be the pressure at which the gas is available as it is 
vented. In one case two flare burners of identical design were 
installed for disposal of identical volumes of flared gases of identi- 
cal molecular weight. One flare burner was designed for 2-oz 
pressure drop at the discharge. One was designed for about 
1-lb pressure drop at the discharge point. 

The flare burner designed for a pressure drop at the discharge 
point of 2 os required 35,000 Ib of steam per 1,000,000 cu ft of 
flared gas. The flare burner designed for a pressure drop at the 
discharge point of about 1 lb required about 6000 lb of steam per 
1,000,000 cu ft of gas. It becomes evident that the pressure drop 
at the discharge point is important. We approach gas-burner- 
design conditions as we increase the pressure drop at the discharge 
point to reduce the steam consumption for smoke suppression. 

As is the case with all good things there are certain limitations 
in the pressure-drop picture. Code requirements provide that 
the pressure downstream from a relief valve shall not be more 
than 10 per cent of the pressure at the upstream side of the relief 
valve. In view of line pressure drop between the point of 
relief and the point of burning of the relieved gases the pressure 
drop at the tip is, at times, held quite low at the expense of 
increased steam consumption for smoke suppression. 
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Instrumentation for delivery of steam in keeping with flared 
gas volume is available at this time. A differential-pressure cell 
senses increase in pressure at a point upstream from the knockout 
drum used in most lines to flare stack burners. The impulse thus 
received is transmitted to a vernier valve actor which positions a 
steam valve in keeping with the pressure of the flared gas line up- 
stream of the knockout drum. The steam delivery is kept 
fairly linear with the flared gas volume. Such instrumentation 
has been fairly satisfactory. 

Resistance to corrosion and heat attack have been serious prob- 
lems which now seem to be rather well solved. It has been 
shown fairly conclusively that both problems are solved if burn- 
ing of the flared gases proceeds at a point above the flare 
burner so that minima] quantities of heat are returned to the 
flare-burner structure. 

Here again pressure drop at the tip becomes of utmost impor- 
tance. The industries in the past have used very large flare 
burners for many reasons but principally because there was no 
way to maintain stable burning of flared gases at higher pressure 
drops and in the presence of winds. Such a design has been 
shown to require constant maintenance. 

Heat damage as well as corrosion damage in low velocity of 
discharge of flared gases where such stacks are used is caused by a 
number of things. To begin with, the burning of the gases is 
quite slow and lazy. The flame is lazy. It is greatly influenced 
by wind action. The low-pressure area on the down-wind side of 
the stack causes the burning gases to be drawn down along the 
stack as much as 10 ft or more. 

With the flame drawn down the stack, the stack gets very hot. 
Corrosive materials present in the burning gases attack the metal 
of the stack at an accelerated pace. Experience has shown that 
there are no alloys now commercially available which will endure 
this condition of accelerated corrosion and heat attack. It is 
possible that future experimentation with tantalum or some other 
such material will provide the answer for this problem. 

High velocity of discharge from the flare requires means for 
flame retention exactly as is the case with any commercial burner, 
and provision of the means for flame retention only recently has 
been solved in a satisfactory manner and at a minimum of cost. 

It is now possible to discharge gases at the flare with flare-tip 
pressure drops as high as 2 psi in a satisfactory manner. The 
flame is projected vertically and shows no tendency to return to 
the body of the flare burner. 

Elevated flare structures and ground flare burners using re- 
fractory materia] have been both costly and hard to maintain. 
Success with them, particularly in smokeless operation, has been 
noted but is rare. 


Corrosion ELIMINATION 


The matter of corrosion where smokeless operation is required 
is even more serious than nonsmokeless operation. It is neces- 
sary to provide temperature at which a comprehensive water-gas 
reaction can be set up. The reaction is endothermic. It must 
be supplied with heat. The entry of enough water vapor to a 
burning zone can well extinguish any burning as witness the case 
of the use of a steam hose to extinguish small fires in process 
plants. The water vapors must enter in proper amounts and 
there must be both temperature aad a continued supply of heat to 
maintain the reaction. This heat of reaction can be more than 
70,000 Btu per lb-mol. Haslam and Russell show optimum tem- 
peratures for the water-gas reaction as “above 1475 F” which is 
well above the red-heat condition for metal. 

It would appear evident then that in order to avoid heat and 
corrosion damage it is best to eliminate any thought of combating 
them and to provide means for elimination of them by mov- 
ing them away from the flare burner as previously outlined. This 
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expresses the philosophy of the sage who said “If’n ye can’t lick 
“em, then j’ine 'em.”’ 

Another approach to the steam problem for elimination of 
smoke lies in the use of exhaust steam to supplement the high- 
pressure steam normally used. At this time promising experi- 
ments give hope that the cost for steam can be reduced markedly. 
It is as yet too early to say that the experiments will prove com- 
pletely successful 


Pivot 


One of the most difficult problems in flaring gases lies in the 
provision of pilots to kindle the flared gas. Designs for pilots 
for such service are almost myriad and specific description of the 
various designs is impossible. The volume of gas for piloting 
varies from a low of about 500 scfh to a high of 50,000 sefh, ac- 
cording to the manner in which the pilot is to operate. 

In most plants the pilots burn continuously; however, some 
plants make a practice of lighting the pilots just before a dump of 
gas to the flare. Such operation, of course, can be used only 
where the time of the dump can be predicted and controlled. 
Despite the manner of pilot operation which may be used it is 
necessary to be able to ignite the pilots quickly and reliably. 
Many methods for ignition of the pilots are used. 

Skyrockets and Roman candles are shot at the flare and the 
pilots. Ladder gas pilots ignited at the ground are used in 
others. A complicated hookup of pulleys and wire rope elevates 
burning torches to the flare while Very pistols supplement the 
Roman candles to place a certain premium on marksmanship. 
Such devices and means are relatively old and current practice 
presumes the use of either the flame-front system or a system to 
provide low-voltage ignition directly at the pilot tip. Any igni- 
tion system is subject to the hazards of short-circuiting where 
high-tension ignition is used. The system is almost completely 
immune to such hazards when low voltage is used. Low voltage 
is defined as from 6 to 7!/, volts in which either de or ac can be 
used since no reactance is involved in the system. 

The flame-front system is one in which measured volumes of air 
and gas are mixed and caused to fill a tube which leads from the 
mixture point to the point where ignition is to be obtained. 
The mixture is then ignited by a spark plug at 5000 volts at or near 
the mixture point. A flame front then travels the entire length of 
the tube which may be as much as 500 ft long and emerges to 
ignite the flare or the flare pilots, 

Ignition of the pilots through the use of low voltage provides a 
6-volt ignition plug immediately below the pilot tip and inside the 
tube which supplies air-gas mixture to the pilot. The ignition 
plug is supplied with current at a fixed interval before the air-gas 
mixture for the pilot is sent on its way. When the air-gas mix- 
ture reaches the plug it is ignited and proceeds to the tip from 
which it emerges and continues to burn. 

The particular advantage of the low-voltage system is that the 
fiare can be ignited even if the entire system is soaking wet. It can 
be ignited through the use of the 6-volt supply from any car or 
truck in the event of power failure at a time when it is necessary 
to ignite the flare vilots. The flame-front system also can be 
used in conjunction with an auxiliary .spark coil where needed. 
Both systems for ignition are well proved; however, in view of the 
elevation of the stack and the difficulty and danger involved in 
correcting the ignition system, it is now considered wise to have 
more than one means for lighting the flare. 

Pilot stability is of extreme importance where high wind or 
storms are to be expected. At this time pilots of proved stability 
in 80-mph winds during the course of torrential rains are com- 
mercially available. Wind-shielding is neither necessary nor 
desirable for these pilots. Experience has shown that more than 


one pilot is needed where small volumes of gas may be flared at 


times when there is considerable wind. Practice at this time 
tends to the use of three pilots spaced 120 deg apart around the 
flare burner as optimum. Here again the elevation of the flare 
makes the use of more than one means for lighting the gases de- 
cidedly interesting. 


Heat Rapiation 


Radiation of heat from the burning of the flared gases is usually 
a problem which must be met in keeping with the nature and 
proximity of adjacent structures. Basic thinking on the problem 
should be considered in light of the radiant characteristics of the 
flame produced through burning of the gases. Researches by von 
Helmholtz, Haslam, and others have shown that blue-flame 
burning produces minimum radiation from the flame burst with 
lowest radiation being present when theoretical air for burning is 
present in the flame proper. Yellow-luminous flames produce 
maximum radiation from the flame burst and such flames can 
well radiate from two to three times as much heat as blue flames. 
Radiation can run from 10 per cent of the total heat to as much as 
40 per cent of the total heat. 

Procedure for elimination of radiant-heat damage presumes 
that the flare shall be as far as possible from structures which 
could be damaged. At times the problem is met with extreme 
elevation of the flare burner. In other cases where space is availa- 
ble the flare is removed to a remote spot and ground flares or 
flares at not more than 50 ft above grade are satisfactory. The 
maximum elevation of which we know is in the order of 250 ft for 
a flare structure alone. One flare is atop a catalytic-cracking-unit 
structure and is more than 300 ft above grade. 

Calculations on radiant heat from flare burning should be 
based on not less than 20 per cent of the total heat where the 
gases are burned smokelessly and not less than 40 per cent of the 
total heat where smoke suppression is not demanded. Well- 
known laws for radiation will apply. 


Liquips in FLArep Gas StrReAMs 


The presence of liquid in flared gas streams presents another 
problem which must be met through the use of knockout drums 
in the line. Such drums constitute nothing more than an en- 
largement of the flare line to lower the line velocity and permit 
dropout of the liquid. | As could well be presumed, the efficiency 
of the knockout drum can be very important. There is a con- 
siderable history of the spraying of burning oil over large areas 
when the knockout drum failed to serve its function properly. 
Float-controlled means for removing trapped oil from the knock- 
out drum is considered wise in most cases. 

Efficiency of removal of entrained oil is increased greatly when 
the entry to the drum is tangential. The drum then becomes a 
centrifugal separator and such a design repeatedly has been 
proved superior and in most cases is simple to apply. 

In many cases it is felt that water seals are necessary in the 
line to the stack and close to the stack to eliminate danger of ex- 
plosion in the flare line. At times the water seal is made a part of 
the knockout drum while in other cases it is made an entirely 
separate unit. The water seal serves its purpose in that gases 
flowing toward the flare stack must displace water to continue on 
their way. 

One of the more serious problems aside from the problem of 
freezing is the violent blasting of the water out of the seal by 
large volumes of gases. There is no really comprehensive means 
for meeting this problem but it has been found that blasting is 
minimized when the gases flow through weirs in the form of V- 
shaped openings in the tube which dips into the water to form the 
seal. The openings should be patterned after equilateral trian- 
gles and should be as close together as possible according to ex- 
perience with them. 
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Prevention of Babbitt Blisters in 


Thrust-Bearing Pads 


Babbitt blisters were observed on water-wheel generator 
thrust-bearing pads. Investigation revealed that these 
blisters resulted from the accumulation of high-pressure 
hydrogen at the steel-babbitt interface. The hydrogen, 
it was found, came from the steel and was introduced 
during the manufacture of the steel. The maximum level 
of hydrogen content to insure freedom from blisters was 
determined. Processes to remove hydrogen from the steel 
were developed. The incorporation of these processes into 
the manufacture of thurst-bearing pads has resulted in 
the complete elimination of babbitt blistering. 


INTRODUCTION 


’ | NHE extensive growth of hydroelectric power, to a large 
extent, is dependent upon the development of reliable 
thrust bearings. Today's pivoted-pad thrust bearing rep- 

resents the result of years of experience. Most of the bearings 
placed in service nearly 40 years ago are still in operation with 
practically no wear or loss of efficiency, With the continuous 
increase in size of generating units and required thrust bearings, 
new problems occasionally are encountered, and their solutions 
result in bearings of improved quality and reliability. 

In order to operate satisfactorily, particularly during the 
starting period, thrust-bearing runners and pads must be provided 
with bearing surfaces having the highest standard of finish and 
flatness (1). It is obvious that any part of the bearing surfaces 
higher than the normal oil-film thickness will prevent satisfactory 
operation of the bearing and may cause its failure. 

When a generator is operating at rated speed, an oil film, sev- 
eral thousandths of an inch thick, is established. Since oil has 
a high electrical resistance, the measurement of the resistance of 
the oil film can be used as a check on operation of the bearing. 
Low-resistance readings, as indicated by an ohmmeter, or even 
with dry cell and light bulb, indicate the presence of foreign 
particles or high spots at the bearing surfaces. 

Several years ago the temperature of a large thrust bearing 
showed a small but sudden increase. At the same time the elec- 
trical resistance of the oil film dropped to a low value. The 
bearing continued to operate satisfactorily, until a scheduled in- 
spection several months later revealed that some pads had raised 
shiny high spots, as shown in Fig. 1, which were a few thousandths 
of an inch above the remaining surface. 

Although the bearing had not failed, it was returned to the 
manufacturer for investigation and repair. When small holes 
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were drilled into the high spots, gas at high pressure eseaped and 
2. Analysis of this gas revealed 


Apparently the high- 


was collected as shown in Fig 
that it consisted primarily of hydrogen, 
pressure hydrogen was raising the babbitt from the steel pad and 
causing babbitt blisters 

Further investigation and operating experience indicated that 
such hydrogen-produced babbitt blisters were an important fac- 
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tor affecting the performance of thrust bearings. In the past, 
such blisters occasionally had been observed on thrust pads that 
had been held in storage for several years. However, it never had 
been appreciated that these blisters could result in the failure of 


thrust bearings. It now is apparent that such failures have oc- 
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curred in the past, but never were explained because the wiping of 
the babbitt had obscured the cause of the trouble. 

As part of the investigation which followed the discovery of 
blisters, laboratory tests were conducted on steel specimens 
covered with babbitt. In order to accelerate the process, these 
specimens were kept at a temperature of 150 C for a period of 
time. It was found that blisters were formed rapidly. Cross 
sections of two typical blisters thus produced are shown in Figs. 
3 and 4. 

It first was thought that the hydrogen causing the babbitt- 
blistering resulted from the pickling or fluxing of the pads during 
the babbitting process. Refinements of the process to eliminate 
pickling and insure the complete removal of flux resulted in im- 
provements, but did not prevent the formation of blisters. 

It was then realized that the hydrogen responsible for the 
blisters may have come primarily from within the steel itself. 
That this was actually the case was quickly confirmed by meas- 
urements of gas evolution from small unbabbitted samples at 
elevated temperatures. A survey of the literature revealed that 
hydrogen is present in surprising quantities in most commercial 
steels. It, therefore, became apparent that to eliminate babbitt 
blisters the hydrogen would have to be removed from the steel 
prior to the application of the babbitt. 


HYDROGEN IN STEEL AND I7s REMOVAL 


The survey of literature indicated that the influence of hydro- 
gen on the physical properties of steel had been given much at- 
tention in this country and abroad. A recent publication by the 
National Bureau of Standards (2) indicates that this problem has 
been recognized by metallurgists for many years. 

It is now well established (2, 3, 4, 5) that the principal source of 
hydrogen in commercial steel is the moisture present during the 
melting process. The solubility of hydrogen in steel is high 
at melting temperatures, as shown in Fig. 5, and large quantities 
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of hydrogen can be absorbed by the steel. The hydrogen results 
from the dissociation of water vapor H,O into nascent hydrogen 
and oxygen in the presence of molten steel. Both hydrogen and 
oxygen are absorbed by the steel. The amount of oxygen ab- 
sorbed in this manner is small in comparison with that due to 
other sources and introduces no difficulties, since the oxygen is 
practically immobile in the steel. The hydrogen, however, has 
a marked mobility. When the molten steel solidifies some of the 
hydrogen is expelled, but much of it remains in a supersaturated 
solution. Then at temperatures as low as room temperature, 
this hydrogen will diffuse slowly through the steel. 

The major contributors to moisture are the furnace atmos- 
phere, the limestone used in the basic open-hearth process, the 
linings of incompletely dried ladles and molds, and the rusty 
scrap iron. This latter factor could be the explanation for 
generally high hydrogen content of wartime and postwar steels, 
since the tremendous demand for steel has necessitated the exten- 
sive use of low-grade scrap having a high percentage of hydro- 
scopic rust. 

Some other sources of hydrogen in steel are chemical treatment 
or electrolytic processes where nascent or atomic hydrogen is 
formed on the surface of the steel. Atomic hydrogen has much 
more mobility and will be absorbed in greater quantities by steel 
than molecular or gaseous hydrogen. At elevated temperatures, 
however, a reducing atmosphere containing hydrogen or moisture 
will introduce hydrogen in steel. 

The manufacture of hydrogen-free steel presumably could be 
accomplished if all sources of hydrogen, particular'y moisture, 
were kept from contact with the metal throughout the steel- 
making process. Such a condition appears to be virtually un- 
attainable in commercial practice, and efforts to produce hydro- 
gen-free stee] have been directed primarily toward the removal of 
the hydrogen after it has been introduced. 


HypRoGEN ConTENT OF STEEL 


The amount of hydrogen contained in carbon and low-alloy 
steels melted and produced by American commercial practices 
varies between 0.2 and 0.8 RV.° This range of concentration ap- 
pears to be retained throughout the steelmaking process (3, 4, 5, 
6) from melting to production of shapes as small as rails (7). 

Since the actual solubility of hydrogen in steel at room tem- 
perature is less than 0.01 RV (8), it is evident that the steel is 
highly supersaturated with hydrogen. 

It should be noted that approximately the same hydrogen con- 
tents have been found in cast (3) and alloy steels (4). 


Errects or HypROGEN IN STEEL 


The embrittlement of steel caused by hydrogen, sometimes re- 
ferred to as “temporary abnormal low ductility’’ (10, 11), is well 
known. The role of hydrogen in producing “flakes,” “shatter 
cracks,” “hair line cracks’’ (9, 12), and “fish eyes’”’ now may be 
regarded as established. 

Effects similar to babbitt blistering have been observed in the 
porcelain-enameling and glass-lining of steel. In _porcelain- 
enameling, delayed destruction of the bond between the enamel 
and steel (13, 14) results primarily from the precipitation of 
gaseous hydrogen at the enamel-steel interface. This hydrogen 
originates from a chemical reaction betwaen the steel and an ex- 
ternal substance. In the glass-lining of steel, blistering of the 
glass due to hydrogen initially in solution in the steel has oc- 
curred. 


Pressure DevELOPED BY HYDROGEN 
Most of the investigations of hydrogen in steel are concerned 


5 RV: “relative volume” is volume of hydrogen at atmospheric 
pressure and 0 C relative to volume of steel. 


with the loss of ductility resulting from the occluded hydrogen. 
The hydrogen in solution in the steel is in the atomic state. In 
this form it can diffuse slowly through the steel. When it 
reaches a small void in the steel it is changed into molecular hy- 
drogen. Molecular hydrogen will not diffuse through steel. As 
a result, more hydrogen flows into the void than flows out of 
it, and tremendous pressures can result. These pressures have 
been estimated to reach values of more than 100,000 psi (3). 
Such high pressures explain the cracks observed in steel forgings 
and the blisters in babbitt. 

In babbitted thrust-bearing pads, hydrogen diffuses out of the 
steel and some of it reaches the babbitt-steel interface. It is 
known that although hydrogen will diffuse through steel, it will 
diffuse much more slowly through babbitt. Accordingly, hydro- 
gen tends to collect at the steel-babbitt interface and causes local 
pressures which result in fracture of the bond and blistering of the 
babbitt. 


Errect or Service Lire oN Formation 


Babbitt blisters, when they occur, generally become evident 
within a few months after a unit is put into service. For it is 
during this initial operating period that the hydrogen content of 
the thrust-bearing pads and the potential for babbitt blisters is 
at a maximum. The longer a bearing is in service the less the 
possibility of blisters, for the hydrogen is continually diffusing 
out of the steel. After about a year, the hydrogen content is 
reduced to a low level which insures blisters will not occur with 
further operation. 
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RemMova or Hyprocen From STEEL 


The removal of hydrogen from steel has been studied 
thoroughly in connection with the development of laboratory 
techniques in which small samples are used and the extraction is 
carried out under vacuum, 

It has been found that the rate at which hydrogen can be re- 
moved from a specimen increases rapidly with the temperature 
(2, 9). 

The diffusivity of hydrogen in pure iron has been shown in 
Fig. 6 to increase with temperature up to the transformation 
point and then to decrease suddenly. This indicates that for 
steel in the solid state the most rapid rate of hydrogen removal 
is just below the transformation point, or approximately 600 C 
for low-carbon steel. If desired, however, lower temperatures 
and longer times may be employed. 

At room temperature, hydrogen is removed at a very slow 
rate. Referring to Fig. 7, it can be seen that it requires more 
than 1000 days to reduce the hydrogen content at the center of a 
4-in. billet from 0.3 BV to 0.07 RV. When aged at 400 F, the 
same effect is attained in slightly over 3 days (4). 

Theoretical considerations (9) indicate that for similarly 
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shaped specimens the time required to effect a given degree of 
hydrogen removal increases with the square of the linear dimen- 
sions. This has been confirmed experimentally (8). In thick 
steel plates, the rate of removal of the hydrogen can be accelerated 
by drilling holes to decrease the effective length of the diffusion 
path. 


PREVENTION OF BLISTERS 


Previous experience in steel research indicates that a large rela- 
tive volume of hydrogen can be expected in commercial steels. 
Since hydrogen can produce local pressures sufficient to fracture 
steel in large forgings, it is apparent that the heat-treatments 
developed to produce satisfactory forgings are not necessarily 
sufficient to prevent blisters in the relatively weak joint between 
babbitt and steel. 

In order to prevent the formation of hydrogen blisters it was 
necessary to determine the maximum level of hydrogen content 
which could be tolerated in steel pads. The accurate measure- 


ment of the small volume of hydrogen contained in small samples 
requires special equipment and entails various techniques as 
developed by leading metallurgical laboratories.J 
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The warm vacuum-extraction method, as shown in Fig. 8, was 
chosen as most suitable for our purposes. A method of removing 
hollow-core specimens from steel plates at low temperatures in 
order to retain hydrogen was developed. The gases evolved 
during the extraction process were checked with a mass spectro- 
meter and found to consist primarily of hydrogen. By the 
means described we were able to measure the hydrogen content 
of a plate with a high degree of accuracy. 

The maximum level of hydrogen that can be tolerated in order 
to prevent the formation of blisters was determined by a number 
of tests. One test, shown in Fig. 9, utilized fourteen rectangular 
slabs of steel having hydrogen contents varying from 0.02 to 
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0.35 RV. These slabs were covered on five sides by a '/,-in- 
thick layer of babbitt. The babbitt was applied with the 
same technique used on thrust-bearing pads. A _ reflectoscope 
was used to insure that the bond between the babbitt and steel 
pad was entirely free of loose spots. 

After babbitting, the sample pads were placed in ovens main- 
tained at a temperature of 120 C to accelerate the formation of 
blisters. Blisters were formed on many of the pads. The pads 
having the highest content of hydrogen had the largest blisters, 
as seen in Fig. 10, and the pads with the lowest content were free 
of blisters 
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As « result of these investigations and tests, it has been possible 
to determine the heat-treatment necessary to obtain the desired 
low level of hydrogen content which will prevent the formation of 
blisters. Fig. 11 illustrates the reduction in the hydrogen content 
of commercial steel after it has been heat-treated for use as thrust- 
bearing pads. It was found that heat-treating the pads for one 
to two weeks at 600 C depending on the thickness of the steel 
would reduce the hydrogen content to less than 0.12 RV. 
Steel containing such a low hydrogen content will not cause 
babbitt blisters. 

That the desired results are obtained is further insured by an 
adequate quality control. Hollow drilled samples on each set of 
bearing pads, reflectoscope checks, and fluorescent-light inspec- 
tion of each pad, as shown in Figs, 12 and 13, insure that thrust- 
bearing pads free of hydrogen and having a well-bonded babbitt 
free of porosity are produced. 


CONCLUSION 


It has been established that hydrogen contained in commercial 
steels is responsible for the babbitt blisters observed in bearings. 
A low level of hydrogen content is required to prevent the forma- 
tion of blisters. This low level is obtained and insured by suita- 
ble heat-treatment and quality control. 

As a result of this investigation, the quality of the babbitt bond 
also has been improved. The improved manufacturing process 
combined with modern inspection techniques results in thrust- 
bearing pads of high quality and increases the reliability of large 
water-wheel generators, 
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Discussion 


L. C. Gattoway.® The information contained in this paper 
will be encouraging to both the manufacturers and the operators 
of hydroelectric generators. The authors and their associates are 
to be congratulated for the progress they have made with a diffi- 
cult and expensive problem. 

The writer's company has manufactured Kingsbury-type thrust 
bearings for many years and could boast an almost trouble-free 
record. However, after the war, development of a metallurgically 
bonded babbitt coincided with the increase in hydrogen level in 
steels noted in the paper, and the result was a number of expen- 
sive bearing failures. The blisters problem was solved by sub- 
stituting a mechanical anchorage with dovetailed slots for the 
metallurgical bond. 

This solution is a mixed blessing, however. It is difficult to 
keep the babbitt adhering firmly to the steel pad with mechanical 
anchors and thereby to provide a permanently flat surface. This 
difficulty was overcome by a considerable amount of research in 
the shape and number of the anchors. Also, the cutting of these 
anchors is expensive. 

The trouble is that it takes a long time to prove that blisters 
will or will not develop and some may be reluctant to accept the 
authors’ assurance that one year of operation will tell the story. 
However, if the problem is solved a major difficulty in thrust- 
bearing operation has been overcome. 

AvuTHorRs’ CLOSURE 

Mr. Galloway’s discussion is very much appreciated. Early 
in our investigation the solution of using mechanical anchorage 
was also considered. It is obvious that this method prevents 
positively the formation of blisters. However, the solution of 
removing the hydrogen from the steel was preferred, since it is 
believed that a sound metallurgical bond between the babbitt and 
the steel pad has many other advantages, particularly from the 
standpoint of resistance to fatigue. 

This latter solution has proved to be entirely practical from 
the manufacturing standpoint; furthermore, tests and experience 
indicate that it very effectively prevents the formation of blisters. 

In regard to the time required for blisters to occur in untreated 
steel, it is the authors’ experience that blisters, when they de- 
velop, appear within a few months after the bearing is placed 
in service. When the hydrogen level is not sufficient to produce 
blisters at an early date, all evidence indicates that the blisters 
will not occur later. 
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Results are available from extended research on the be- 
havior of austenitic and ferritic steels in a steam atmos- 
phere at 1100 F. Allowable stresses at temperatures up 
to 1110 F and higher have been assigned by code com- 
mittees with respect to long-time strength as determined 
from creep and stress-to-rupture tests. Two large boiler- 
turbine units employing austenitic piping for 1100 F 
throttle steam temperature are being installed in 1953. 
Austenitic steels are definitely expensive, however, and 
alloying elements, particularly nickel and columbium, are 
in short supply. The present paper reviews existing data 
and speculates on whether low-alloy-content ferritic 
steels could be made to serve the purpose. Spot compari- 
sons are made of the relative cost of austenitic and ferritic 
steel pipe of equivalent carrying capacity. (See Table 1 
for identification of the austenitic and ferritic steels con- 
sidered.) 


INTRODUCTION 


4 I HIS paper is concerned primarily with the design of piping 
for large steam-turbine boiler units operating at tempera- 
tures in the vicinity of 1100 F. The most serious problem 

involves the properties of materials at this temperature level. 
The strength of materials tends to decrease with temperature so 
that most steels suitable for service at lower temperatures do not 
possess sufficient strength at 1100 F to sustain the requisite loads 
for long periods of time without rupture or at least excessive 
deformation. This tendency for strength to decrease with 
temperature demands a corresponding increase in pipe- wall thick- 
ness in order to keep stresses within safe limits. The problem is 
accentuated by the fact that as throttle temperatures are raised in 
successive steps, steam pressures are too, so that there is a dual 
need for increasing the wal] thickness. 

The properties of principal value as criteria of the suitability of 
materials for high-temperature steam service are creep strength 
and rupture strength as determined on laboratory specimens over 
long periods of time at the expected operating temperature. 
Physical properties obtained by short-time tests of laboratory 
specimens at room temperature and at the operating temperature 
also are of interest. Further, short-time physical tests on speci- 
mens that have been exposed to the operating temperature for 
long periods are desirable as a means of checking on the stability 
of a material. 

Additional characteristics demanding consideration are corro- 
sion resistance, immunity to graphitization, stability of carbides, 
soundness of manufacture, and adaptability to fabrication 
operations including upsetting, bending, and welding. Some of 
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these characteristics are outside the scope of laboratory investi- 
gation and require full-seale manipulation of the product for 
adequate determination. To reach significant conclusions, other 
characteristics have to be observed in a superheated-steam atmos- 
phere or under stress, and usually for long periods of time. 

There are several central stations having steam temperatures of 
the order of 1050 F, one or more of which have been in operation 
for periods up to 5 years. Likewise, there are installations on 
shipboard for temperatures as high as 1020 F which have been in 
service for several years, The next logical step is to go to 1100 F 
with a corresponding increase in steam pressure. 

Much laboratory work has been done toward investigating the 
properties of piping materials for 1100 F steam service and the 
results of these investigations are available for analysis. As long 
ago as 1929 and continuing for a 10-year period or longer, an ex- 
perimental superheater and piping system for 1100 F steam was 
kept in operation by The Detroit Edison Company as a proving 
ground for high-temperature materials and construction (1).* 
More recently, code requirements have been set up for some ma- 
terials to govern their use at steam temperatures of 1100 F or 
higher. A considerable amount of superheater tubing is already 
in use at such temperatures, and one large boiler-turbine unit using 
1100 F steam is scheduled for commercial operation this year 
at the Kearny Station of Publie Service Electric and Gas Com- 
pany of New Jersey, with a second now being installed. 

The purpose of the present paper is not to report the results of 
further scientific research along the foregoing lines, although 
much of interest remains to be done, The aim in this case is to 
use existing information as a basis for extending design to 1100 F; 
the field is that of applied metallurgy and economics as dis- 
tinguished from metallurgical research. The various angles in- 
volved are covered in the respective sections which follow. After 
reviewing the criteria available for guidance in selecting materials 
for 1100 F service which were used by code committees as bases 
for setting allowable stresses (S-values), consideration is given to 
deriving S-values for other likely materials not yet inclided in 
code tables. Available pipe and valve materials are then 
discussed and evaluated with respect to possible deterioration in 
service for long periods of time at the operating temperature 
through corrosion, loss of impact strength, embrittlement, carbide 
migration, graphitization, and other ills to which metals are 
susceptible with time and temperature. 


PerrorMaNce Crirerta vor 1100 F Stream Service 


In considering the feasibility of going to a steam temperature of 
1100 F, several criteria used at lower temperatures are available 
for guidance. The following principal ones are analyzed: 

Code Bases for S-Values. The bases used in preparing the 
allowable stresses (S-values) adopted by the ASME Boiler Code 
Committee for piping installed in connection with power boilers 
were published in 1951,‘ together with a table giving the new 
stresses. The acceptability of these new bases and stresses for 
use under the American Standard Code for Pressure Piping, ASA 


3 Numbers in parentheses refer to the Bibliography at the end of the 


paper 
4 Wechanical Engineering, vol. 73, 1951, pp. 675-676. 
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B31, was announced in October, 1951.4 The S-value adopted for 
each material and temperature was taken as the lowest one of the 
following stresses depending on whether the temperature is within 
the elastic or plastic range for the particular material: 


1 One quarter of the minimum specified tensile strength at 
room temperature. 

2 One quarter of the tensile strength at the respective operat- 
ing metal temperature as reported by test data. 

3 62'/, per cent of the yield strength at the respective operat- 
ing metal temperature as reported by test data. 

4 A conservative average of the stress to give a creep rate of 
one per cent in 100,000 hr at the respective operating metal 
temperature as reported by test data. 

5 60 per cent of the average or 80 per cent of the minimum 
stress to produce rupture in 100,000 hr at the respective metal 
temperature as reported by test data. 

At metal temperatures below the creep range (usually starting 
at 700 F to 800 F) allowable stresses are established at the lowest 
value of stress obtained from using 25 per cent of the specified 
minimum tensile strength at room temperature, or 25 per cent of 
the minimum expected tensile strength at the operating tempera- 
ture, or 62'/, per cent of the minimum expected yield strength 
for 0.2 per cent offset at the operating temperature. Below the 
creep range, no credit is allowed for any improvement in room- 
temperature tensile strength by special heat-treatment. 

At temperatures within the creep range allowable stresses are 
based on 100 per cent of the stress to produce a creep rate of one 
per cent in 100,000 hr, the values so chosen also being limited to 
60 per cent of the average stress to produce rupture at the end 
of 100,000 hr, or 80 per cent of the minimum stress for rupture in 
100,000 hr, whichever is lower. In any case, the values chosen 
are based on a conservative average of many reported tests as 
evaluated by the subcommittee, greater weight being given to the 


5 Mechanical Engineering, vol. 73, 1951, case no. 7, p. 867. 
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results of long-time tests. In most cases the creep stress is well 
below the rupture strength; rarely do the stresses listed approach 
the rupture strength. In a few cases the committee approved 
stresses without any rupture-test data on the specific composition, 
such approval being based on neighboring compositions. 

In the transition range of temperatures, stresses are limited to 
values obtained from a smooth curve joining the low and high- 
temperature ranges but lying on or below the curve of 62'/; per 
cent of the minimum expected yield strength at the operating 
temperature. Although allowable stresses within the plastic 
range are set with regard to the creep rate and rupture strength of 
the respective materials at the operating temperature, neverthe- 
less the physical properties in the elastic range between room 
temperature and the plastic range, shown in Figs. 1, 2, and 3, are 
of interest in the heating and cooling cycle for the line. This 
interest arises from the necessity of providing for considerable 
cold spring in designing a 1100 F line to take care of thermal 
expansion. If the line is not cold-sprung nearly the full amount 
of expansion when it is installed, stress analysis shows that 
localized bending stresses in the 1100 F condition will cause a 
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permanent set representing an equivalent amount of cold spring 
when the line cools down. This is sometimes called ‘‘self-spring- 
ing.”’ With lines intended for operation at 1100 F it seems 
advisable to cold-spring during erection an amount equal to form 
*/, to the full computed expansion and to design the line with its 
anchors and equipment connections so as to be capable of support- 
ing cold spring equal to the full computed expansion. 

Design Temperature. A discussion of the significance of 
“metal temperature’’ seems in order at this point. Is it nominal 
steam temperature, or should some other temperature be used as 
a basis for selecting the S-value? 

For well-insulated pipe with steady steam temperature and 
appreciable flow, tests have shown that the temperature of the 
inner pipe wall is within 5 to 10 deg F of steam temperature, and 
that the temperature of the outer pipe wall is within 2 to 5 deg F 
of that of the inner wall. This is not true of bare or poorly 
insulated pipe which tends to be considerably cooler than the 
steam, nor of superheater tubes where the metal may be 100 F or 
more hotter than the steam in order to obtain sufficient thermal 
head to satisfy heat-transmission requirements. 

Different conditions obtain with valves or near flanged joints 
where large sections of metal are out of the direct path of steam 
flow and tend to draw heat from the surfaces actually swept by 
steam. With steam at 900 F or higher, a temperature difference 
of as much as 50 F between steam and swept metal surface can be 
expected at affected points under steady-flow conditions (2, 3, 4). 
Flanges or remote parts of valve bonnets may be another 50 F or 
more below the temperature of the steam-swept metal surfaces 
(4). 

More serious temperature gradients can be set up with suddenly 
fluctuating temperatures caused by warming up a line too fast, 
by quenching due to carryover, the use of water in desuperheating 
stations, or similar causes. Radial temperature differences be- 
tween inner and outer pipe surfaces of 100 F to 200 F have been 
observed under these circumstances (5). This is a serious matter 
inasmuch as each degree of temperature difference in a pipe wall 
in a radial direction tends to create a stress of the order of 200 psi 
(6). In other words, a temperature difference of 100 deg F 
between the inner and outer surface creates a stress of the order of 
20,000 psi. 

Thermal shock produced by too rapid fluid-temperature 
changes with ensuing differences in temperature throughout the 
pipe wall tends to produce unequal expansion or contraction 
between adjacent layers of metal. If the temperature differences 
are too great and too often repeated, surface cracks will develop 
which may ultimately progress to the point of failure of the 
member (7, 8). The severity of such shocks tends to increase 
with the operating temperature, while the potential damage from 
failure increases with the pressure as well. Hence with 1000 F 
to 1100 F piping every precaution should be taken to guard 
against the possibility of damage from such causes. 

The Power Section of the ASME Boiler Construction Code and 
the ASA B31 Piping Code both recognize the likelihood of varia- 
tions in pressures and temperature and provide for it in words to 
the following effect: 

Either pressure or temperature, or both, may exceed the nominal 

alues if the corresponding stress in the pipe wall calculated by 
the formula for pipe-wall thickness does not exceed the S-value 
allowable for the actual expected temperature by more than 
the following allowances for the periods of duration indicated: 


1 Up to 15 per cent increase during 10 per cent of the operat- 
ing period. 

2 Up to 20 per cent increase during 1 per cent of the operating 
period. 


The swings provided for the foregoing presumably are inci- 


263 


dental to sudden changes in turbine load, irregularities in the 
functioning of superheat control devices, and the like. Aside 
from these swings there is another possibility of increased oper- 
ating temperature due to design tolerance in building the super- 
heater. A commercial tolerance of plus or minus 10 deg F is 
frequently allowed in buying a power boiler. Likewise, where 
there are two steam outlets on the superheater header, one may be 
delivering steam above the specified temperature tolerance and 
the other below, although the temperature of the subsequently 
mixed steam may be within limits. Another point to consider in 
designing steam piping is the frequent practice of specifying the 
temperature of steam leaving the superheater at 5 deg F higher 
than turbine throttle temperature in order to have a margin for 
temperature drop in the line. 

Consequently some engineers design piping to be suitable for 
continuous operation at a temperature 10 to 15 deg F higher than 
the nominal throttle temperature in order to match the steam 
temperature to be expected if the superheater design tolerances 
come out on the high side. The runs of pipe where there are two 
steam outlets from the same superheater sometimes are designed 
for a still higher temperature up to the mixing point. The use of 
such margins may lead to overdesign of the piping, but at least is 
on the safe side. At 1000 F to 1100 F where S-values fall off 
rapidly with small increments of temperature, however, over- 
designing by only a few degrees results in an appreciable handicap 
and should not be overdone, 

On the other hand, tests have shown that the metal tempera- 
ture in valve bodies may be 50 F or so lower than steam tem- 
perature owing to drawing heat from the steam-swept portions 
to compensate for losses from the bonnet where there is no steam 
circulation (4). Some valve manufacturers contend that this 
warrants their using a lower design temperature with a corre- 
sponding higher S-value. This seems questionable practice, 
however, inasmuch as any difference in temperature throughout 
valve body tends to produce unequal expansion strains. 

Physical Properties of Typical Steels. In addition to the five 
criteria used by the code committees for setting allowable stresses 
as noted, the other physical characteristics of interest in making 
the best selection possible, especially for a steam temperature as 
high as 1100 F, are ductility, impact strength, and hardness at 
room temperature and the operating temperature. All of these 
items, observed both before and after prolonged exposure to the 
operating temperature, can be helpful to design engineers in 
selecting materials for high-temperature service. The micro- 
structure before and after exposure is another indication of the 
degree of stability. References listed in the Bibliography con- 
tain further information on these points. 

Several piping steels available for use at steam temperatures of 
1000 F to 1100 F have been selected for purposes of discussion in 
this paper and to illustrate how Code criteria were applied in 
determining S-values and how these criteria might be extended to 
new materials. The properties of these typical steels serve to 
illustrate some of the points that need consideration in going 
to 1100 F steam temperature. The choice of materials selected 
is by no means all-inclusive but it does serve for developing some 
of the points at issue. It is hoped that in discussing this paper 
proponents of other steels will contribute similar data concerning 
their favored material. 

The following tables and graphs are included to present the 
data needed for discussing and comparing, properties of the typical 
steels selected: 

Table 1 Chemical Compositions 

Table2 Specified Tensile Properties at Room Temperature 

Table 3 Impact Properties Before and After Exposure to Elevated 
Temperature for 1000 Hr and 10,000 Hr 

Fig.1 Tensile Strength and Yield Strength From Room Tempera- 
ture to 1400 F or Higher 
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Fig. 2 Elongation in 2-In. Gage Length From Room Temperature 
to 1400 F or Higher 

Fig. 3. Reduction of Area From Room Temperature to 1400 F or 
Higher 

Fig. 4 Creep Strength for a Creep Rate of | per cent in 100,000 Hr 

Fig. 5 Stress to Rupture in 100,000 Hr 

Fig. 6 Allowable Stress (S-Value) Versus Metal Temperature 


Other elements 
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The chemical compositions and room-temperature tensile prop- 
erties listed in Tables 1 and 2, with the exception of those for 
chromium-molybdenum-vanadium steel, came from the ASTM 
specifications for the respective steels; information about 
chromium-molybdenum-vanadium steel came from reference (9) 
and unpublished data furnished through the courtesy of the 
General Electric Company. The impact properties shown in 
Table 3 came from references (9, 10, and 11). Unfortunately, 
the authors were unable to locate impact data for all of the typical 
steels covered in their comparison. The properties plotted, Figs. 
| to 5, inclusive, came principally from the Miller-Heger Report, 
reference (12); data on WC5 came from reference (13). Allowa- 
ble stresses, shown in solid lines in Fig. 6, were taken from 
revisions to the Power Sections of the ASME Boiler Construction 
Code and the ASA B31 Code for Pressure Piping cited earlier in 
this paper; stresses shown in dash lines are speculations of the 
authors. 

The graph values designated 18-8 are for 18 per cent chromium, 
8 per cent nickel, type 347 austenitic stainless steel stabilized with 
cohumbium as furnished for pipe and covered by Grade P8d in 
ASTM specification A158-52T. They also are typical of other 
grades of 18-8 material as furnished for pipe. The cast varieties 
of 18-8 as furnished in valve bodies and the like do not possess as 
great high-temperature strength as the wrought form furnished 
in pipe unless alloyed with molybdenum as in the case with Grade 
CFIOMC of ASTM specification A351-52T. 

The high strength of the 1 per cent chromium, | per cent 
molybdenum, '/, per cent vanadium steel is due to a favorable 
heat-treatment conducted in two steps as follows: (a) Hold in 
furnace for 2 hr minimum in the range of 1875 to 1975 F, followed 
by air cooling; (b) temper by holding for 12 hr minimum within 
the range of 1275 to 1325 F, followed by furnace or air cooling. 
According to reference (9) the high-temperature portion of this 
treatment is intended to produce a substantially complete solu- 
tion of the alloy carbides in the austenite. This solution treat- 
ment, followed by cooling in air, is said to enable subsequent 
tempering treatments to produce a pronounced age-hardening 
characteristic which is held to be of fundamental importance in 
obtaining good high-temperature strength in a vanadium-con- 
taining steel. 

On the other hand, the superior strength of chromium-molyb- 
denum-vanadium pipe when heat-treated as just described is 
associated with low ductility and the possibility of brittle failure. 
This low ductility, coupled with doubt in some quarters as to 
the permanence of superior properties obtained through favorable 
heat-treatment over what would exist in the annealed condition, 
has postponed extended use of such material pending the out- 
come of further experience with pipe already installed by its 
sponsors. Some metallurgists contend that vanadium may be a 
rather tricky addition because it may occur as carbide, as oxide, 
or as nitride and, without adequate process controls, erratic 
behavior is a possibility. 
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P8d 
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Spec. 
no. 
A158 


Austenitic 


Structure 
Ferritic 
Ferritic 
Ferritic 
Ferritic 
Ferritic 


SELECTION OF MATERIALS FOR 1100 F Service 


Before the Korean situation it was generally conceded necessary 
to use austenitic stee! for steam piping operating at temperatures 
of 1050 F or 1100 F. More recently several stations have been 
built for a throttle temperature of 1050 F using ferritic-steel 
piping. Two 145,000-kw units installed this year by Public 
Service Electric and Gas Company of New Jersey for initial 
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TABLE 2 SPECIFIED MINIMUM TENSILE PROPERTIES AT ROOM TEMPERATURE FOR 
ALTERNATIVE PIPING STEELS FOR 1000 F TO 1100 F STEAM SERVICE 


Tensile Yield 
T™ strength, —_ 


> Hot-finished and stress-relieved at 1200 F to 1300 F. 


Elongation Reduction 
in 2 in., in area Heat- 
per cent* per cent treatment 


Optional 


4 Held in furnace at 1925 F for 2 hr minimum and air-cooled; tempered for 12 hr minimum at 1300 F, 


followed by air or furnace-cooling. 


* Held in furnace at 1900 F for 2 hr minimum; furnace-cooled to 1650 and then air-cooled, tempered at 


1300 F. 
‘ Normalized from 1750 F; drawn at 1300 F. 


rABLE 3 
ASTM Before oe Ex 

designation Grade exposure 900 F 
A335 Pll 69 68 
A335 P12 69 68 
A335 P22 73 63 

1% Cr, 1% Mo, 12 
A158 P8d 56 60 


steam conditions of 2350 psig 1100 F with reheat to 1050 F have 
Type 347 austenitic stainless steel for the 1100 F piping because of 
its corrosion resistance and relatively superior creep and rupture 
strength with correspondingly bigher S-values as shown in Figs. 
4, 5, and 6. As discussed later, corrosion is not the controlling 
factor for steam temperatures up to 1100 F or so, inasmuch as the 
ferritic alloys under consideration seem to have enough chromium 
provided for protection against graphitization to inhibit corrosion 
also, 1 to 2 per cent chromium probably being sufficient for both 
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Impact strength at room temperature is improved by tempering to 175-200 Brinell. 
» after exposure was obtained from a creep-test specimen under load for 2753 hr at 1000 F. 


Reasons for Favoring Low-Alloy Steels, At the present time, 
however, there are several reasons for using ferritic-steel piping 
materials if and when throttle temperatures are generally in- 
creased to 1100 F, among which are: 

1 Cost: Pound-for-pound austenitic steel costs in the order of 
4 to 5 times what low-alloy ferritic steel does, Considered in 
terms of cost per foot of pipe, however, this premium is reduced 
considerably as discussed under “Relative Costs of Austenitic 
and Ferritie Pipe” 
2 Conservation of strategic materials: During the present 
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emergency the nickel and columbium or titanium components of 
austenitic stainless steel are in short supply and have to be con- 
served for essential use, 

3 Corrosion: As discussed under ‘Corrosion in High-Tempera- 
ture Steam’”’ the low-chromium ferritic steels seem sufficiently 
corrosion-resistant to warrant their use at 1100 F. 

4 Welded joints: Austenitic steels are difficult to weld without 
producing cracks in the deposited metal. As discussed under 
“Welded Joints,” austenitic welds and the heat-affected zones 
adjacent thereto lack stability of the carbides unless “stabilized” 
with columbium or titanium and are more susceptible to em- 
brittlement than ferritic welds under prolonged exposure to 
temperature, 

Yquivalent Pipe Sizes for Different Materials. 
stresses of the solid lines shown in Fig. 6 were derived from the 
properties compared in Figs. 1 to 5, inclusive, and represent the 
considered opinion of the code committees concerning the load- 
carrying abilities of the steels under discussion. ‘The dash line of 
Fig. 6 represents the authors’ estimate of what might be a con 
servative S-value for 1 per cent chromium, 1 per cent molyb- 
denum, '/, per cent vanadium steel if it can be given partial 
credit for superior high-temperature properties obtained through 
favorable heat-treatment. These S-values constitute a useful 
criterion of expected performance for alternative materials in 
1100 F steam service which can be further developed through 
application in the new code formula for computing pipe-wall 
thickness (14,15) 


The allowable 


PD 
28 + 2yP 
where 
i, = minimum pipe-wall thickness, in. In ordering pipe, 
manufacturers’ tolerances have to be taken into account 
for specifying a “nominal” thickness 
P = maximum interna) service pressure ct operating metal 
temperature for which S-value is given, psig 
D = outside diameter of pipe, in. 
S = allowable stress due to internal pressure as given in 
Code table for respective metal temperature, psi. Values 
for intermediate temperatures found by interpolation 
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C = Allowance for threading, mechanical strength, and/or 
corrosion, in. For welded joints and pipe of size dis- 
cussed in this paper, the value of C = 0.065 

y = a coefficient having values as follows: 


VALUES OF COEFFICIENT y 
Metal temperature, deg F----—-—- 
900 1150 


and and 
Type steel below 950 1000 1050 1100 above 


Ferritic. 0.4 0.5 0.7 0.7 0.7 0.7 
Austenitic. 0.4 0.4 0.4 0.4 0.5 0.7 


Values of y should be interpolated for intermediate temperatures. 


For purposes of analysis it is convenient to assume a pro- 
gression of throttle steam conditions in steps, as shown in Table 4, 
from 850 psig 900 F to 2800 psig 1150 F, the latter being the 
highest steam temperature at which there is much likelihood of 
using a ferritic steel. As previously mentioned; it is usually 
necessary to design steam piping for pressures and temperatures 
somewhat above nominal throttle conditions; in the present 
instance pressures have been increased by 10 per cent and 
temperatures by 10 deg F as shown in Table 4. The assumed 
throttle steam conditions agree, in so far as possible, with those 
of the AIEE-ASME Preferred Standard for Large Turbine 
Generators; temperatures for pressures of 1800 psig and higher 
are chosen for what seems a fair pairing of pressure with tempera- 
ture, 


TABLE 4 RELATION OF THROTTLE STEAM CONDITIONS AND 
DESIGN CONDITIONS FOR win! PIPING AS USED IN FIGS. 7 
Nominal throttle steam conditions 


Pressure, psig..... 
Temperature, F 


2400 
1100 


2800 
1150 


1450 
1000 


1800 
1050 


Design conditions for main steam piping 
Pressure, psig....... 935 1375 
Temperature, F 960 


3080 
1160 


1980 
1060 


2640 
1110 


1595 


1010 


Jsing the code S-values, Fig. 6, and the new formula for pipe- 
wall thickness, the thicknesses shown in Fig. 7 were computed 
for the materials selected for discussion with reference to the 
steps of throttle-steam conditions listed in Table 4. The ex- 
ample of 14-in-OD pipe shown in Fig. 7 serves to illustrate how 
rapidly the wall thickness of ferritic-steel pipe tends to increase 
at temperature above 1000 F with reference to the more moderate 
increase for the Type 347 18-8 stainless steel stabilized with 
columbium., While several other types of stainless steel possess 
essentially the same strength at elevated temperature as shown 
for Type 347, the latter has been chosen for illustration on the 
grounds that columbium stabilization seems the general favorite 
for minimizing the tendency for deterioration in the parent metal 
as well as in and adjacent to welds. 

The next step in getting at the economics of the situation is 
shown graphically in Fig. 8 where the inside areas of pipe made of 
different materials are compared. For example, Fig. 8 shows 
that for throttle steam conditions of 2400 psig 1100 F, 10.00-in- 
OD 18-8 pipe has substantially the same inside area (and carrying 
capacity) as 14.00-in-OD P22 pipe, or 12.00-in-OD 1 per cent 
chromium, | per cent molybdenum, '/, per cent vanadium pipe 
as computed for an assumed S-value, see Fig. 6. 

Relative Costs of Austenitic and Ferritic Pipe. For the assumed 
throttle steam conditions, the required wall thicknesses for all 
three pipe materials are with one exception beyond the capacity 
of existing seamless mills, indicating that they would have to be 
forged, turned, and bored. Estimated costs per foot of length 
for the three materials in their equivalent sizes are given in Table 
5. Prices for forged, turned, and bored pipe are on the basis of 
25 to 30-ft lengths, whereas the single available size of seamless 
pipe comes in 10 to 14-ft lengths requiring an intermediate weld 
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NOMINAL THROTTLE STEAM CONDITIONS 


kia. 8 Instpe Area or Pipe ror ALTERNATIVE STEELS aT Pro- 
GRESSIVELY Hicuer THROTTLE STEAM CoNnpDITIONS 


for each pair of lengths to put them on a par with FT and B pipe. 
Prices shown are at the pipe mill, to which should be added the 
fabricators’ handling charges. 

Pound per pound, austenitic steel costs in the order of 4 to 5 
times what low-alloy ferritic pipe does. Considered in terms of 
cost per foot of forged, turned, and bored pipe of equivalent 
carrying capacity as shown in Table 5, however, this ratio is 
reduced to about 1'/, to 2 times owing to the thinner wall per- 
missible with 18-8 pipe. 

For the 10'/:-in-OD size, however, a further economy is obtaina- 
ble through using the seamless process of pipe manufacture in- 
stead of buying the more expensive forged, turned, and bored 
product. There is at least one tubular mill in this country ca- 
pable of rolling pipe up to 10'/, in. OD with walls up to 2"/; in. 
thick. Lengths, however, are only 10 to 14 ft as against 25 to 30 
ft for forged, turned, and bored. Hence the cost of one addi- 
tional weld per 25-ft run of line has been charged against the 
10'/in-OD seamless product. This adds something of the order 
of $40 per ft which has been included in the unit prices for this 
product shown in Table 5. Put on an equal-length basis, seamless 
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TABLE 5 pieneone yak COST PER FOOT OF PIPES OF AL- 
TE RNATIVE STEELS HAVING EQUAL CARRYING CAPACITY 
FOR THROTTLE STE AM CONDITIONS OF 2400 PSIG 1100 F 


~—Size designation for —— ---— 
equal carrying capacity 


Kind of steel A B c 
ASTM A335 Grade P22 (21/4% Cr, 
1% Mo) 
Process of manufacture... .. FT&B FT&B 
Outsitle diameter, in. 14.00 18.00 20.00 
Nominal wall thickness, in.. 3.250 4.1875 4.625 
Inside diameter, in. . 7.500 9.625 10.750 
Inside area, sq ft 0.307 0.505 0.631 
Cost per foot, dollars 187.50 297.00 360.00 
Base Base Base 


1% Chromium, 1% 
1/4% Vanadium 


Process of manufacture FT&B 

Outside diameter, in. 12.000 e 
Nominal wall thickness, in.. 2.1875 

Inside diameter, in. . 7.625 

Inside area, sq ft.... 0.317 

Cost per foot, dollars. . 170.00 

Cost ratio..... 0.91 


ASTM A158 P86 Type: 347 (18-8 Cb) 
Process of manufacture FT&B FT&B 
1 


Outside diameter, in. , 10.00 10.5 75 14.00 
Nominal wall Semen, in. 1.3125 1 300 1.5625 1.750 
Inside diameter, in, , 7.375 7.500 9 625 10.500 
Inside area, sqft. . 0.297 0.307 0.505 0 
Cost per foot, dollars 365.00 265.00 445.00 585.00 


Notre: The nominal thickness of forged, turned, and bored (FT&B) pipe 
has been taken '/a2 to '/ie in, more than the com uted minimum thickness, 
whereas the nominal thickness of seamless pipe has to be taken 12'/s per 
cent more because of manufacturing tolerances, 


10'/:-in-OD 18-8 pipe costs about 40 per cent more than 2'/, per 
cent Cr, | per cent Mo pipe of equal carrying capacity. 

The spot check of Table 5 indicates that there is not much 
difference costwise between equivalent sizes of 2'/, per cent Cr, 
1 per cent Mo pipe and 1 per cent Cr, 1 per cent Mo, '/, V pipe. 
The latter has a slight advantage which would tend to increase 
when flexibility requirements are taken into account, 

For a large-size unit two 10'/:-in-OD 18-8 seamless pipes can be 
used to advantage in parallel. In this case a single 20-in-OD 2'/, 
per cent Cr, 1 per cent Mo pipe has an internal area equal to the 
two 10'/;-in-OD 18-8 pipes, the latter costing nearly 50 per cent 
more per foot. If a single 14-in-OD forged, turned, and bored 
18-8 pipe is used, it costs over 60 per cent more than its 20-in-OD, 
2'/, per cent Cr, 1 per cent Mo counterpart. While frictional 
resistance for a single large pipe is somewhat less than for two 
small pipes having equal internal area, on the other hand it is 
stiffer in a flexural sense and presents more of an expansion 
problem. 

The differential costs between austenitic and ferritic steels for 
the entire 1100 F pipe requirements of a job would be decreased 
when flexibility requirements are taken into account because of 
the lesser moment of inertia for the austenitic pipe. Likewise, 
there will be some saving in cost of hangers, supporting steel, and 
insulation, 

The estimated costs of Table 5 show that pipe for 1100 F steam 
service will be expensive at best and point the need for finding 
ways either to reduce the cost per foot or to use less footage. 
New methods of manufacture such as extrusion or centrifugal 
casting may prove less expensive than forging and boring. In 
order to use less pipe footage, the steam lead from superheater to 
turbine might be made as short and direct as possible by having 
the superheater free to float with the pipe expansion. This is not 
a new idea and obviously increases the cost of the superheater; 
however, it seems worth reconsidering in the light of the very high 
pipe prices indicated for 1100 F. 

Corrosion in High-Temperature Steam. The resistance of stee) 
to corrosion in steam tests at 1100 F is greatly influenced by the 
amount of chromium present (16, 17). Alloys containing of the 
order of 1 per cent to 5 per cent chromium are shown on test to be 
considerably more corrosion-resistant than carbon steel or alloys 
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with little or no chromium. Ferritic alloys containing 7 per cent 
to 15 per cent chromium are definitely more resistant than those 
with lesser amounts. Austenitic steels, including the 18-8 Cb 
Type 347, were almost immune to steam corrosion at 1100 F. 
These were unwelded specimens, but the same would hold true 
presumably with proper methods of welding stabilized austenitic 
steels. The test results over periods up to 14,000 hr covered by 
references (16) and (17) are supported by service experience with 
some of these materials extending for several years on a pilot 
installation operating with steam at 1000 F to 1100 F (1), 

Of the ferritic steels, however, those containing 1 per cent to 3 
per cent chromium with | per cent or so molybdenum seem more 
promising for 1100 F steam service from a strength standpoint; 
this includes Grade P22 and the 1 per cent chromium, 1 per cent 
molybdenum, '/,4 per cent vanadium steel. Although the ferritic 
steels containing 7 per cent to 15 per cent chromium are indicated 
to be somewhat more corrosion-resistant, they have not been 
accorded as high allowable stresses (S-values) as Grade P22 by 
the code committees. 

The research project at Purdue University (17) tends to show 
that the corrosion of cast-steel specimens is not materially differ- 
ent in amount from the corrosion of rolled-steel specimens. A 
further observation of interest in connection with valves is that 
at least three hard-seating overlays, including stellite, hastelloy, 
and colmonoy, are extremely resistant to steam corrosion at 
temperatures of 1100 F to 1200 F. 

The scaling of various piping alloys in air at elevated tempera- 
tures has been investigated (18). ‘Test results indicate that this 
is not a serious problem at 1100 F with the alloys under considera- 
tion. Here again the higher chromium contents increase resist- 
ance to scaling. The fact that hot surfaces are insulated un- 
doubtedly tends to minimize scaling, and a protective coating 
tends to build up through the initial exposure period. 

Unfortunately, research on the subject of steam corrosion at 
1100 F has not been so comprehensive as in the field of long-time 
strength and metallurgical stability. Further pilot experience in 
the resistance of low-alloy pipe steels to corrosion in steam at 
1100 F would be reassuring before their wholesale adoption for 
this temperature. There is at least an indication of a tendency 
for steam corrosion of low-alloy steels to increase perceptibly in 
the vicinity of 1100 F, although the initial effect diminishes with 
time as a protective scale builds up. On the other hand, some 
spare metal is provided for corrosion in the 0.065-in. C allowance 
of the pipe-wall thickness formula, and the pipe-wall thickness 
required for ferritic steel at 1100 F is so great anyway as to 
provide a considerable margin for depletion by corrosion before 
strength would be seriously impaired. 


We Joints 


In view of the difficulty in keeping any other kind of joint 
permanently tight at 1100 F, the ability to make satisfactory 


welded joints is of prime importance. Hence it is of interest to 
discuss some of the problems encountered in welding the alter- 
native types of steel available for 1100 F service. 

Welding Chromium-Molybdenum Steels. Welding ferritic 
chromium-molybdenum pipe or casting steels such as P11, P12, 
P22, or WC5 or WC9 for 1000 F to 1100 F steam service is 
relatively simple and offers no new problems beyond those inci- 
dental to the greater wall thickness (33). There is adequate back- 
ground for welding procedures and techniques, with assurance of 
obtaining reasonably uniform and sound welds. Usual practice 
is to preheat at 500 F to 600 F, use a welding rod that deposits 
metal similar to the parent metal of the pipe, and follow with 
stress-relieving at 1300 F to 1400 F, all done without allowing the 
joint to cool below preheat temperature until stress relief is com- 
pleted. 
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Welding Vanadium-Bearing Steels. Welding vanadium-bear- 
ing ferritic steels, particularly the sort whose superior physical 
properties depend on special] heat-treatment, has posed new prob- 
lems. The basic idea of using an electrode that deposits weld 
metal having the same composition as the pipe material has not 
worked out too well here; it has been found that the presence of 
vanadium in the electrode (or coating) increases the difficulty of 
making sound welds. Consequently, one user of 1 per cent 
chromium, | per cent molybdenum, '/, per cent vanadium pipe 
favors welding with a '/, per cent chromium, | per cent molyb- 
denum electrode containing no vanadium and which deposits 
metal of a strength considerably below par for the pipe metal (9). 
To compensate for this deficiency, the welding ends of the pipe 
are built up in advance with an overlay of deposited metal so that 
the weid is correspondingly thicker than the pipe wall. Aside 
from the question of strength this choice of electrode has also 
been questioned on the score of possible graphitization at 1050 F 
to 1100 F with only '/2 per cent chromium present in the deposited 
metal. With respect to preheat and stress-relieving temperature, 
the practice is similar to that for chromium-molybdenum pipe 
steels as noted. Castings of this material are welded according 
to the same procedure. 

Welding Austenitic Steels. With austenitic steels, of which 
Type 347 (18-8 plus columbium) is perhaps the most promising 
for pipe, the peculiarities of the material itself plus troubles in 
making sound welds render it far more difficult to handle than 
ferritic steels. These troubles are of sufficient importance to 
warrant a brief review here in simple terms. Fundamentally, an 
austenitic stee] is in a fully austenitic condition only when it is 
quenched (rapidly cooled) from above its critical range; austen- 
itic steels as actually made, however, usually contain more or less 
ferrite, sometimes in amounts up to 30 per cent. The fact that 
the quenched condition is basic for austenitic steels is drastically 
different from the fully annealed or normalized and drawn con- 
ditions in which ferritic steels are used. Consequently many 
differences exist in their behavior. 

When austenitic steels are subjected to prolonged heating 
between 800 F and 1600 F chromium carbide tends to precipitate 
preferentially at the austenite grain boundaries, thus producing 
an intergranular weakness. This tendency can be combated 
through stabilizing the material with a smail amount of colum- 
bium, titanium, or tantalum added as an alloying element and 
expressed as a ratio of the carbon content. For Type 347 steel 
the amount of columbium added is between '/, and 1 per cent. 
The electrodes used in welding usually have a composition similar 
to that of the pipe metal, including the respective stabilizing 
element. 

Owing to the basically quenched condition of austenitic steel, 
the preheating or stress-relieving of welded joints is open to 
question. Preheating at temperatures above 300 F may do more 
harm than good. Postheating in the usual range of 1300 to 1400 
F serves to hasten precipitation of carbides as well as to impair 
ductility and impact strength through formation of the sigma 
phase in the ferrite present (19). Another consideration involved 
is the effect of heat-treatment on the tendency to form cracks in 
the deposited metal (34). In recognition of controversial opinion 
regarding the effect of preheating and postheating welds in 
austenitic steels, the code committees have omitted mandatory 
requirements for such. Service experience is considered too 
limited to permit comparing the relative safety of as-deposited 
with heat-treated weldments. 

The hot ductility of austenitic steel, particularly in the coarse- 
grained condition, is not too satisfactory and, since as-deposited 
weld metal is relatively coarse, cracks frequently occur during the 
process of solidification. Such cracks are commonly termed 
“microcracks” although they often exceed microdimensions (20). 
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Different preheating and postheating treatments have been tried 
as a means of preventing such cracks, but without universally 
satisfactory results. An alternative method for preventing 
cracks is to use an electrode that deposits a considerable amount 
of ferrite along with austenite. Overcompensation with ferrite, 
however, may lead to weld-metal embrittlement with time at 
service temperature through conversion of the ferrite constituent 
to sigma phase (21). Latitude in the chemical composition of 
electrodes for welding austenitic steel is closely limited, therefore, 
in order to avoid eracks on the one hand or embrittlement on the 
other. Control is obtained primarily through the type of coating 
applied to the core wire. 

Until more experience is had with welding heavy-walled 
austenitic materials for high-temperature service it seems 
advisable to examine all weld deposits with a fluorescent fluid 
penetrant for detecting surface cracks in addition to radio- 
graphic examination, supersonic testing, or other inspection 
methods for locating deeper flaws (see Fabrication and Inspec- 
tion). All cracks or incomplete penetration should be cut out 
and rewelded. Standards for judging the acceptability of welds 
examined by radiographic methods are given in the ASME Rules 
for Construction of Power Boilers. 

Welded Joints Between Dissimilar Metals. Welded joints 
between austenitic and ferritic steels remain a problem for several 
reasons, among which are (a) the necessity for compromise 
between radically different welding procedures; (b) the composi- 
tion of the deposited metal differs, of necessity, from one or both 
of the metals joined; (c) there is 30 per cent to 50 per cent differ- 
ence in the coefficients of expansion between ferritic and austen- 
itic steels, thus requiring a readjustment of thermal strains with 
every change in temperature. For these reasons the welding of 
radically dissimilar metals should be avoided unless there is some 
compelling reason for doing so. In the authors’ opinion, all 
possible alternatives should be explored and weighed, and a con- 
sidered opinion reached, before deciding to attempt such juncture 
under field conditions. 

If they must be joined by welding, the best procedure is to 
make the weld (or welds) between dissimilar metals in the shop 
where conditions can be controlled to better advantage than in the 
field, and where better heat-treatment facilities are available. 
An example of this sort is welding a valve body into a piping 
system having a significantly different composition. Under 
these circumstances it is good practice to weld stub ends of pipe 
material to the valve ends in the shop, thus simplifying the job 
in the field. This is true even where the compositions are not 
too radically different, for example, where a 5 per cent chromium, 
'/, per cent molybdenum feedwater regulator is welded into a 
carbon-steel boiler-feed line. 

Another way of welding dissimilar metals together is through 
using a transition piece made under shop conditions and by 
special methods so that its opposite ends, which are field- welded 
to the pipe, have compositions that match the respective pipe 
compositions. Such transition pieces have been used occasion- 
ally between chromium-molybdenum steam pipe and stainless- 
steel valve bodies. In one variety of transition piece called the 
Kelcaloy, a stainless section is “cast’’ in the shop on a chromium- 
molybdenum-steel forging so as to obtain a long tapered bond 
instead of the usual V or U type of butt-welding groove (22). 
With butt welds between dissimilar metals, the stresses caused by 
differences in thermal expansion are radial and may easily propa- 
gate initial defects in the deposited metal or heat-affected zone. 
In the Kelcaloy joint, however, the junction between dissimilar 
metals is more axial than radial, thus putting the juncture in 
shear and affording greater bond area with a layer construction 
that is better able to support pressure and bending stresses. 
Further problems arise through the insertion and attachment 
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by welding of stainless-steel flow nozzles, thermocouple wells, and 
the like, in ferritic piping. Much has been written on the subject 
of joining dissimilar metals, of which references (23, 24, 25) are 
cited for interest in themselves or for the extensive bibliog- 
raphy contained therein. 


VALVES 


Somewhat different considerations are involved in designing 
valves for 1100 F steam service inasmuch as seating and trim 
have to be given attention as well as body material. Several of 
the issues involved follow: 

Body Materials, As in the case of pipe, 1100 F is approaching 
the upper limit for ferritic-stee] valve-body castings in steam 
service. The following varieties of cast material conforming to 
ASTM specification A217 are among those under consideration 
by different valve manufacturers: Grade WC5, 0.7% Cr, 1% Mo, 
0.8% Ni; Grade WC6, 1'/4% Cr, '/2% Mo; Grade WC9, 2'/.% 
Cr, 1% Mo; Proposed, 1% Cr, 1% Mo, '/4% V. 

With the exception of WC5, the foregoing list bears a general 
resemblance to the pipe compositions discussed earlier in this 
paper. High-temperature properties of the first three composi- 
tions of the list are compared in reference (13) which holds in 
favor of WC5, On the other hand, there is considerable to be 
said for WC9 where composition corresponds to P22 pipe material. 

Austenitic cast-steel valve bodies are available in accordance 
with ASTM specification A351. Grade CF8C, which is 18-8 Cb 
Type 347, does not have the full high-temperature strength of its 
counterpart in pipe form, viz., A158 Grade P8d. This is com- 
pensated for, however, by the fact that the wall thickness of valve 
bodies is greater than for the corresponding grades of pipe. 
Grade CFIOMC, which is similar to Type 347 with 2 per cent 
molybdenum added, has greater strength than Grade P8d. In 
lines where austenitic pipe is used it would seem desirable to use 
austenitic valve bodies to facilitate welding if for no other reason 

For austenitic forged-steel valves, Type 316 steel conforming to 

Grade F8m of ASTM A182 is offered by one manufacturer. 
This composition is 17 per cent chromium, 12 per cent nickel, plus 
2'/, per cent molybdnum, the molybdenum giving added strength 
as well as stabilizing the carbides. 
The need for a hard material for seating 
surfaces is increasingly apparent since temperatures exceeded 
800 F and the practice of welding valves into the line became 
prevalent. Seating surfaces are now expected to remain tight 
indefinitely without having to remove the valve from the line for 
servicing. Hardness of the seating material at the operating 
temperature with sustained ability to resist scoring is of prime 
importance. Unfortunately, the chromium-nickel 
steels are not hard enough for this purpose although they are 
used to some extent for valve stems 

For temperatures below 800 F hardened seat rings of ferritie 
stainless steels containing 12 to 14 per cent chromium met with 
some favor as did nitralloy case-hardened surfaces. For higher 
temperatures the use of hard overlays deposited by fusion welding 
on the seats and disks has been found necessary. Among the 
overlays commonly used for valve seating are the following 


Seating Materials. 


austenitic 


Approximate chemical composition 


Cobalt 60%; chromium 30%; 
manganese, silicon, carbon 6% 

Nickel 57%; molybdenum 17%; 
tungsten 5%; iron 6%. 

Nickel 68%; chromium 18%; boron 4%; iron, carbon, 


silicon 10% maximum, 


Trade name 


Stellite No. 6 tungsten 4%. iron 


Hastelloy C chromium 15%; 


Colmonoy No. 6 


Brine!) hardness numbers at elevated temperatures are shown 
in Fig. 9 for several valve-trim and seating materials, from which 
the advantage of hard overlays for seating at temperatures above 
800 F is apparent. 


Stems and Stem Bushings. In view of the need to avoid scaling 
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BRINELL HARONESS NUMBER 


800 900 1000 1100 
METAL TEMPERATURE, F 


Harpness or Vatve Seating anp Trim MarTeriats at 
ELevatep TEMPERATURES 
(1, Niekel-eopper-tin alloy (50-30-12). Used for seat rings up to 850 F and 
for stem bushings to 950 F or higher with excellent results. This alloy is age- 
hardening and after long exposure to temperatures above 925 F approaches 
an ultimate hardness of 335 Brinell; has a high resistance to corrosion in 
steam or air at 1100 F. 2, Type 410, 13 per cent chromium steel with car- 
bon under 0.15 per cent. Above 800 F this material is used for stems, and 
for disks and welded-in seat rings to which a hard-facing overlay is applied; 
will not seale up to 1200 F, 3, Type 420, 13 per cent chromium steel with 
carbon above 0.15 per cent, Used for stems up to 1100 F; also for seating 
without hard-facing overlay up to 800 F; will not scale up to 1200 F,. Types 
410 and 420 are ferritie-type stainless steels which can be heat-treated to 
give the desired hardness whereas the austenitic type cannot be hardened for 
seating purposes. 4, Hard-facing overlays. Typical hardness characteris- 
ties for overlays such as stellite, hastelloy, and colmonoy. These overlays 


1200 


hia. 9 


retain their hardness well up to 1200 F and will not scale up to considerably 


1igher temperatures.) 


of these parts, the use of stainless steel seems called for. The 
choice between the austenitic and ferritic types will differ be- 
tween valve manufacturers. The need remains for some differ- 
ence in hardness or composition between the stem material and 
bushing in order to avoid galling or seizing of the parts. On this 
account it is possible that a nickel-copper-tin alloy similar to the 
50-30-12 composition of curve 1 in Fig. 9, which has been used at 
temperatures up to 950 F, may remain in the picture; in large 
valves the stem bushing is not swept by the steam flow and could 
be 100 F or so below steam temperature. 

Bonnet Construction. For pressures and temperatures of the 
order involved here, flanged bonnet construction for large valves 
seems out of the question. There remains the choice between 
welding the bonnet joint or using pressure-seal construction. 
Various valve manufacturers undoubtedly will offer their own 
solution of the problem along one line or the other. No great 
difficulty is anticipated, however, in obtaining satisfactory con- 
struction for 1100 F steam service. 


FABRICATION AND INSPECTION 


The operations performed on pipe during shop fabrication, in- 
cluding bending, upsetting, swaging, and assembly by welding, 
are all local in character and result in a lack of uniformity 
throughout the structure. Subsequent to fabrication each shop 
assembly can be put in a uniformly desirable condition through- 
out by furnace heat-treating in a manner intended to produce 
the type of metal structure and grain size most suitable to the 
intended service, This heat-treatment may need to be a com- 
promise so as to obtain satisfactory high-temperature properties 
and at the same time avoid producing room-temperature prop- 
erties that could lead to cracking or partial failure of the fabri- 
cated part during shipment or in subsequent erection. Once the 
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assembly is in service at a temperature as high as 1100 F, however, 
undue brittleness at room temperature will tend to be tempered 
for most materials by sufficient time at the operating temperature. 
With age-hardening materials this may not be true, and for 
austenitic steels different procedures are required from those for 
ferritic steels (20, 26). 

Two schools of thought exist concerning the best type of heat- 
treatment for ferritic materials intended for service at 1100 F or 
higher with respect to their aging qualities at the operating 
temperature. Some contend that for reasonable stability of 
microstructure at temperatures above 1050 F, full annealing is 
preferable to a normalizing and tempering treatment, although 
at temperatures of 1000 F or lower, microstructural stability is 
assured by either method of heat-treatment (27). 

The possibility of obtaining superior high-temperature prop- 
erties through normalizing or other favorable heat-treatment was 
pointed out in the discussion of the same paper and in reference 
(9). Allowable stresses have usually been set with reference to 
the lower strength obtained in the fully annealed condition, 
whereas higher S-values would be warranted with favorable heat- 
treatments if the properties so obtained can be shown to be stable 
at 1100 F. 

Metallographic examination of specimens from the heat-treated 
product is a worth-while means of quality control in that it 
affords a visual checkup on melting practice in the steel mill and 
on heat-treatment methods at the mill or in the fabrication shop 
as the case may be. Excellent photomicrographs illustrating 
what can be learned from such examination are given in references 
(20) and (27). For 1000 F to 1100 F service it is desirable to 
obtain a photomicrograph from one end or both ends of each 
length of pipe. Similar metallographic examination of a speci- 
man from an occasional weld also is desirable. 

Most large pipe for 1100 F steam service is beyond the capa- 
bility of existing seamless mills to roll. It also seems too heavy 
to roll from plate for a welded longitudinal seam. Alternative 
processes known at the present time are: forged, turned, and 
bored; centrifugally cast; and extruded. The first named of the 
three has been in commercial use since steam temperatures 
reached 1000 F, although there still are no generally recognized 
specifications for its manufacture with standardized dimensions 
and tolerances. 

Because of the severity of the service, the wall thickness re- 
quired, and the high cost of the product, it is particularly neces- 
sary that inspection be thorough on each individual length. In 
the absence of an established specification for forged, turned, 
and bored pipe it seems desirable that each length be examined 
according to the full supplementary requirements given in ASTM 
specifications such as A335. As a further means of inspection, 
ultrasonic examination for hidden flaws seems worth-while (28, 
29, 30). 

A recent development for welded joints is the use of an inert gas 
for shielding the are-welding process in conjunction with inert 
gas confined inside the pipe for shielding at the root of the weld in 
lieu of a backing ring (31, 32). Although relatively new, this 
process offers considerable promise. With the extremely heavy 
wall required to provide even a modest pipe bore at 1100 F, 
any means is welcome for removing an obstruction such as a back- 
ing ring from the bore. 

Radiographic examination of welded joints in all large-diameter 
piping seems particularly desirable for 1100 F steam service in 
view of the thick walls and the tendency for any flaws present to 
propagate in heating and cooling from this high temperature. 
Shop welds should be x-rayed where feasible because of the 
greater clarity of x-ray negatives; field welds can be gamma- 
rayed. Austenitic welds, at least, should be examined for surface 
cracks with fluorescent penetrating fluid. All cracks and flaws 
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exceeding the limits established in the ASME Rules for Construc- 
tion of Power Boilers for radiographic examination should be cut 
out and rewelded. 


CONCLUSIONS 


Austenitic steel (Type 347 18 per cent chromium, 8 per cent 
nickel, plus columbium) was used for the 1100 F steam piping of 
two 145,000-kw units installed this year by the Public Service 
Electric and Gas Company of New Jersey in its Kearny Station. 
This is the first commercial installation for 1100 F steam. A 
report of the problems encountered and results obtained is 
awaited with interest. Experimental work there and elsewhere 
indicates that no serious difficulties should be encountered in 
using Type 347 material with 1100 F steam. 

The $64 question remains whether it is necessary and economic 
to use austenitic steels for 1100 F steam service. On the strength 
of information reviewed in the present paper, the authors con- 
clude that it should be feasible to extend the use of low-alloy 
ferritic steels from their present top steam temperature of 1050 F 
at turbine throttle to a possible 1100 F at turbine throttle. Be- 
fore doing so on a wholesale scale, however, it is suggested that a 
trial installation be made in which the 1100 F steam piping con- 
sists in whole or in part of low-alloy ferritic steel. One of the 
items worth further investigation is the permanence at 1100 F of 
superior physical properties imparted to certain ferritic steels 
through favorable heat-treatment. 
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Discussion 


G. Borssier.* Design Temperature. Reference is made in 
the paper to the differential temperature obtaining between the 
inside of a pipe and the outer wall, particularly at the position 
of flange jomts, valves, and so on. 

We have been faced with a similar problem in England, and it 
is one of the factors, unfortunately, which has to be aceepted. In 
one particular case we are joining chrome-molybdenum-vanadium 
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steel pipes with mild-steel weld metal (mainly because the alloy 
weld metals available at present give us creep-resisting proper- 
ties considerably less than those of the parent metal). Because 
of this, it has been decided that the joint shall be supported by 
flanges and suitable bolting arrangements. 

It #0 happens that we were instructed as to the type of steel) to 
be used for the pipework of this particular installation but, had it 
been left to us, it is certain that we should have employed 18-11-1 
stainless stee] so that the tubes could have been joined by plain 
butt welding. Thus the differential-temperature problem created 
by the use of flanges could have been avoided. 

Selection of Materials for 1100 F Sermce. We consider that for 
pipes which are to operate at 1050 F-1100 F the limits for the 
chrome and nickel contents of type 347 steel are too wide, and we 
should prefer to keep these within the ranges chrome 17 to 18.5 
per cent and nickel 11 to 13 per cent. 

Chrome-M olybdenum-Vanadium Steel, Reference is made to 
the importance of correct heat-treatment of the foregoing type of 
steel in order to obtain the optimum creep-resisting properties, 
and also to the fact that after such heat-treatment the steel may 
have a low ductility and possibly be liable to brittle failure. 

The opinion is held, in this country, that after heat-treatment 
ax suggested by the authors, the steel would be expected to have a 
low ductility, particularly in view of the coarsening effect of the 
1875 F to 1975 F treatment. We also consider that there is no 
advantage to be gained with molybdenum contents in excess of 
about 0.5 per cent, and chrome additions in excess of about 0.5 
per cent will reduce the creep-resisting properties. 

At the present time we are installing pipework for 1050 F con. 
ditions, made from 0.5 per cent chrome, 0.5 per cent molyb- 
denum, 0.25 per cent vanadium type steel, and our heat-treat- 
ment consists of normalizing from 1740 F-1790 F, followed by 
tempering at approximately 1275 F for 3 hr minimum. 

After the foregoing treatment, specimens have shown an 
elongation of at least 8 per cent after varying periods of time, up 
to 10 years, at 1020 F. The authors expressed doubts regarding 
the permanence of the creep-resisting properties of the chrome- 
molybdenum-vanadium steels; but specimens tested in this 
country with a load of 6 tons psi at 1020 F are unbroken at 
120,000 hr. 

Austenitic Versus Ferritic Steel. It must be agreed that the cost 
of stainless-steel tubing is higher than that made from chrome- 
molybdenum-vanadium steels; but this may not necessarily 
imply that there will be a corresponding difference between the 
cost of the finished pipework installations. Additional cost may 
be incurred where chrome-molybdenum-vanadium tube is used, 
due to the following: 

(a) The thickness of tube to be employed may entail the use of 
a greater length of pipe in order to obtain the necessary flexi- 
bility. 

(b) Flanges and bolts at present will be employed to support 
the mild-steel weld metal used for butt joints. 

(c) The necessity to temper finished pipes for a comparatively 
jong time. 

We feel that we can make satisfactory butt welds between 
stainless-steel pipes, when using a controlled “ferrite” electrode, 
and numerous tests have shown that crack-free welds can be pro- 
duced. 

It has been argued that the amount of delta ferrite present in 
the weld metal (usually between 3 and 6 per cent) will result in 
embrittlement during the expected service life of the joint; but 
short-time tests indicate, fairly conclusively, that the amount of 
“sigma phase” produced will not be significant. 

Reference is made in the paper to floating-type superheater 
headers. It has been our experience that these do not always 
move as intended. 
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As pipework fabricators, we prefer the superheater header 
to be anchored, as calculated stresses in the pipework can then 
be accepted with confidence. 


A. W. Rankin.’ With the continual advances in average 
throttle conditions which are occurring in the power-generation 
industry, it is necessary for both manufacturer and purchaser 
alike to give careful consideration to the steels which are availa- 
ble for long-time high-temperature service. On both economic 
and strategic grounds it is necessary to minimize the employment 
of strategic alloys, particularly when their use does not necessarily 
insure more reliable performance. This paper raises many per- 
tinent questions concerning piping and valve steels for the higher 
temperature levels, and the writer is pleased to make available to 
the industry his Company's experiences which bear upon those 
questions. 

Considering first the chrome-moly-vanadium steels, it is some- 
what surprising to find the statement that “vanadium may be a 
rather tricky addition’’ since vanadium has been used in bolting 
alloys for close to 15 years and is now in rather widespread use for 
steam-turbine shells, valves, and rotors, both in this country and 
abroad. In addition, there has been much recent development 
work in alloys containing up to 1 per cent vanadium, and alloys 
with 0.8 per cent vanadium are now commercially available. The 
writer does not wish to imply that vanadium is an element which 
can be employed carelessly, but in constructing steam stations for 
the higher temperature levels, the purchaser can rightfully de- 
mand that only competent vendors, manufacturers, and engineer- 
ing organizations be used, and that all processes be adequately 
controlled. In particular, however, it appears that only by in- 
troducing vanadium or some equivalent precipitation-hardening 
element is there any possibility of employing the ferritic steels at 
the higher operating temperatures, and experience already availa- 
ble within the organizations of the major steel producers shows 
that vanadium additions can be adequately controlled. As a 
further illustration of the growing recognition of the vanadium- 
bearing steels, a recent ASTM specification A356-52T has been 
issued which contains several different turbine-casting alloys 
which utilize vanadium at about the '/, per cent level. 

It is useless, however, to add a precipitation-hardening element 
without introducing a heat-treatment to make such additions 
effective. In the case of the vanadium-containing steels, this 
means a normalizing and tempering treatment, and if only an 
annealing treatment is used the vanadium addition has no ad- 
vantage. In answer to the question of the permanence of the 
superior properties obtained by the normalizing and tempering 
treatment, it should be noted that it is general practice in large 
steam-turbine rotors and shells to utilize normalized and tem- 
pered steels, and to a considerable extent this practice is also 
followed on major valve castings throughout industry; in ad 
dition, of course, a normalizing and tempering treatment has been 
used for many years for high-temperature bolting as is outlined in 
ASTM A193. The degree of permanence of the resulting struc- 
ture is indicated by the tempering-response curves of which 
several examples for chrome-moly-vanadium piping steel are 
shown in the authors’ reference (9). Starting with a value of 210 
Bhn, 100,000 hr at 1050 F would drop this to only 175 Bho, 
while 100,000 hr at 1100 F would drop it to 160 Bhn. This de- 
crease in hardness proceeds more slowly as time increases, and 
subsequent softening beyond the 100,000-hr point would be rela- 
tively insignificant. Specifically, the writer’s company has run 
rupture tests on this steel out to 16,000 hr, and creep tests to 
30,000 hr and, accordingly, the high-temperature physical proper- 
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ties reported for this steel already contain the major effects of pro- 
longed exposure to high temperature. 

Further test data are available on the rupture strength of the 
chrome-moly-vanadium alloy, and the writer is taking the 
liberty of summarizing these in Table 6. 


TABLE 6 100,000-HR RUPTURE STRENGTH; 1 PER CENT 
CHROMIUM, | PER CENT MOLYBDENUM, '/ PER CENT 
VANADIUM 


(Air-cooled from 1050 C, tempered 12 br at 1300 F) 


900 F 1000 F 1100 F 
73000 (2395) 34000 (2395) 
2394) 28000 (2394) 


18000 (2645) 
12500 (2688 


27000 (2645) 
21000 (2688) 


38000 (2645 
31000 (2688) 


Nore: Numbers in parentheses are laboratory item numbers 

Item 2395 was a 115-lb induction-melt ingot which was given 
only a short temper, and this accounts for the relatively high rup- 
ture strength at 900 F. Although some of the values reported in 
Table 1 are lower than the corresponding values presented in 
reference (9) of the paper, the average values substantiate the 
average rupture-strength curve given in the writer’s previous 
publication on this alloy (reference 9). In particular, the rupture 
strength is clearly superior to the rupture strength of the more 
common ferritic alloys. 

The equivalent pipe sizes presented in the authors’ Table 5 are 
valuable in expressing the additional costs entailed in using the 
austenitic stainless steels. However, this table does not present 
any evaluation of the additional welding costs which arise with 
the austenitic steels because of the growing demand for the 
elimination of the backing rings, or because of the special elec- 
trodes and high postweld temperatures needed to insure minimiz- 
ing the possibilities of sigma formation. Furthermore, the 
strategic alloys needed for the stainless steels may become dif- 
ficult to obtain if defense requirements should increase unex- 
pectedly. With respect to the evaluation of the chrome-moly- 
vanadium steel, further emphasis should be given to the con- 
servative S-value suggested for this alloy by the authors. In 
particular, it will be noted from the creep and rupture-strength 
curves that this alloy is comparable in strength at 1100 F to the 
Type 347 steels, whereas the authors suggest for it an S-value con- 
siderably below that of the Type 347 steel. The writer’s com- 
pany is not yet utilizing in piping the full potentialities of this 
chrome-moly-vanadium alloy, but this is simply a conservative 
approach taken while getting rather prolonged field experience 
with a new alloy. The writer suggests that a more complete 
picture of the steels available for 1100 F service would be obtained 
if the authors would furnish, in addition to the evaluations based 
on their suggested conservative S-value, an evaluation of the 
possible cost savings if the chrome-moly-vanadium steel is 
utilized on the same bases as the other ferritic and austenitic 
alloys. 

With respect to welding of steam piping, the concept of using 
an electrode that deposits weld metal with the same composition 
as the base metal is a generalization from which frequent de- 
partures are made. The most obvious of these is the welding of 
carbon steels in which the carbon content of the weld deposit. is 
appreciably lower than that of the base material. Another 
obvious example is in the welding of the titanium-stabilized Type 
321 austenitic stainless steels on which a columbium-stabilized 
Type 347 rod is used whenever it is necessary to obtain adequate 
resistance to intergranular corrosion. In particular, however, one 
can refer to the very frequent use of austenitic electrodes for 
making restrained welds in ferritic steel to indicate that the basic 
concept in selecting the electrode alloy is simply to obtain a re- 
liable weld of the required physical characteristics. With the 
chrome-moly-vanadium alloy, we are using a vanadium-free 
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electrode because prolonged high-temperature tests have indi- 
cated that the vanadium in the form as currently deposited in the 
weld metal does not contribute to high-temperature strength 
We recognize that the resultant weld deposit is lower in strength 
than the base metal, and we compensate for this, as the authors 
point out, by building up the pipe ends with weld deposit, which 
ends are subsequently fully heat-treated. This is basically no 
different from the practice of utilizing upset ends at the weld 
joints as shown, for instance, in the ASA B31 Code for Pressure 
Piping. We have been working quite actively for several years to 
develop a weld deposit whose high-temperature strength is com- 
parable to the base material, and believe that we now have a 
particular composition in which the desired results will be 
achieved. 

With respect to the graphitization resistance, we have not been 
aware of any significant graphitization even in chromium-free 
weld deposits proper, either in the field or laboratory tests. The 
serious graphitization which has plagued the power-generation 
industry has been of the chain form at the heat-affected zone 
which is well outside the zone of dilution between the weld de- 
posit and the base material. Although we have not encountered 
any graphitization in weld deposits proper in laboratory tests of 
over 40,000 hr duration at 1100 F, we are currently developing 
an electrode with 1 per cent of chromium because of the several 
questions that have arisen on this point. 

Turning now to the austenitic steels, the degree to which such 
a steel is fully austenitic depends more on the chemical composi- 
tion than the heat-treatment as suggested by the authors. For 
instance, an austenitic weld deposit is cooled very rapidly from 
the completely molten condition, and yet it is not necessarily fully 
austenitic unless the electrode composition has been balanced 
carefully. It is the practice of the writer’s company to specify 
the composition of our steam-turbine austenitic steels so that they 
are fully austenitic even without a rapid quench; in the austenitic 
electrodes, however, the composition is balanced so that the weld 
deposit does contain a small amount of ferrite. 

In the welding of the austenitic steels, we also have encountered 
the problems of root-cracking and sigma formation. In the two 
1100 F units which we have constructed for the Kearny station 
of the Publie Service Electric and Gas Company, New Jersey, of 
which one is already in operation, the welding was done without 
backing rings by several different methods; the electrode deposited 
a composition containing between 1 per cent and 4 per cent fer- 
rite, while a postweld treatment of 1925 F was employed. By 
these three innovations, we believe we have eliminated the root- 
bead cracks and at least minimized considerably the formation of 
sigma at the operating temperature. As a matter of interest, a 
paper is now being prepared to present to the industry the con- 
tributions by the writer’s company in the development of this 
electrode and postweld treatment. 

In conclusion, the writer would like to discuss the welding of 
dissimilar metals, specifically the welding together of austenitic 
and ferritie steels. This is a type of welding which usually is 
avoided where possible, but experience indicates that it can be ac- 
cepted when the economic results justify it. In particular, it 
should be noted that literally thousands of jet-engine wheels were 
made using an austenitic-to-ferritic weld during the last war, and 
this process is still being used for gas turbines by the writer's 
company. In addition, about twelve austenitic-to-ferritic welds 
have been made in 1050 F turbine main steam piping, and it is the 
writer’s understanding that such joints are also made frequently 
in steam-boiler construction. In addition to the austenitic-to- 
ferritic welds made with a Type 347 electrode now in service in 
1050 F steam stations, we also have a weld between Type 347 
austenitic stainless steel and 2'/, per cent chrome, 1 per cent moly, 
ferritic-steel pipe sections, of 14-in. OD with a 3-in. wall, made 
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with an inconel electrode (78 per cent nickel, 15 per cent chrome) 
which has been in laboratory test for almost 2 years. This weld 
has been cycled between 300 F and 1100 F more than 250 times 
with no defects whatsoever being found at any part of the joint. 
The particular feature of the inconel weld deposit is that it has 
an expansion coefficient equal to that of the ferritic steel, and 
accordingly puts the differential-expansion stresses on the 
austenitic rather than the ferritic side of the weld. The deposit is 
quite ductile and has high-temperature properties at least equal 
to those of the chrome-moly-vanadium alloy. A test vessel con- 
taining such a weld is now being prepared for installation in a 
steam station utilizing 1050 F steam, and at this location it will be 
subjected to full throttle pressure and temperature and _ will 
be cycled thermally as frequently as conditions will permit. 
Based upon the current laboratory tests, however, this inconel 
weld deposit holds considerable promise in the design of piping for 
high throttle pressures and temperatures. 

The writer is in complete agreement with the authors’ state- 
ments that a thorough inspection be made of each individual 
pipe length. It is the practice of the writer’s company to require 
from the pipe manufacturer a certificate detailing the chemical 
composition and the physical properties, and stating that etch 
and flattening tests have been made in accordance with our 
specification on each end of each pipe length. In addition, the 
pipe manufacturer conducts the usual hydrostatic tests on each 
pipe length. All the foregoing data are reviewed by both the 
fabricator and our own laboratory. Further micrographs are 
obtained from the fabricator following the final normalizing and 
tempering treatment together with a certificate that the specifica- 
tion heat-treatment has been followed. The writer wishes to 
stress particularly the use of the ultrasonic inspection methods 
detailed in the authors’ reference (29). All of our main steam 
piping is given a complete ultrasonic inspection before fabrication, 
and, in addition, we subject the bent portions of the chrome- 
moly-vanadium alloy to a second ultrasonic inspection after 
bending. In our judgment, all main steam piping should be sub- 
jected to an ultrasonic inspection in order to insure that the 
quality of the piping is adequate for the intended service. 

In their conclusions the authors state that it should be feasible 
to extend the ferritic steels to 1100 F throttle conditions, but 
without specifically recommending any particular ferritic alloy. 
The chrome-moly-vanadium steel, even when so conservatively 
evaluated as in this paper, offers significant economic gains, but 
its use demands careful control on all the design, manufacturing, 
fabricating, and installation operations. At the same time, it is 
proper for the purchaser of such high-temperature equipment to 
demand careful control over all the equipment intended for such 
advanced throttle conditions, and the manufacturers must be 
prepared to furnish such close control. 


D. B. Rossuem® EK. F. Suearrer.’ The authors have 
prepared a thought-provoking and helpful paper which is of 
timely interest to all high temperature - high pressure piping engi- 
neers. The following comments are intended to supplement the 
authors’ treatment of certain aspects of the subject. 

Code Bases for S-Values. The subject matter treated under 
this heading might more properly be given a broader title, such 
as, “Design Stresses and Other Criteria.’’ At the present time, as 
pointed out by the authors, the ASME Boiler and Pressure Vessel 
Code governs the suitability of a material for a given service by 
establishing allowable stresses and by approval of material speci- 
fications. In addition, the transition temperature for materials 
in low-temperature service is regulated by minimum impact 


*Chief Mechanical Engineer, The M. W. Kellogg Company, New 
York, N. ¥. Mem, ASME. 
* Mechanical Engineer, The M. W. Kellogg Company. 
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values. Shock resistance is not controlled above minus 20 F, 
there are no requirements on fatigue strength, nor are elevated 
temperature tests required to assess ductility either on a short- 
time basis or under prolonged exposure to temperature. Also, as 
implied in the paper, the data which are used for creep rate and 
time to fracture are usually extrapolated from values obtained in 
500 to 1000-hr tests and hence do not include the effects of struc- 
tural changes in the metal which may possibly occur over longer 
intervals of time. 

There is considerable difference of opinion as to the influence of 
ductility on safe performance; however, in services where plastic 
deformation may occur, we believe there is general agreement that 
retention of ductility is significant and may be particularly im- 
portant for the heat-affected zones of welds. In general, it is our 
feeling that more attention should be paid to high-temperature 
fatigue and impact properties with greater effort toward assessing 
the properties of materials which have been subjected to stress at 
elevated temperature for a considerable length of time. The re- 
search physicists and metallurgists can perform a valuable service 
for the piping engineers in the direction of establishing or clarify- 
ing relations between fracture under creep conditions (so-called 
stress rupture) usually having an appearance of low ductility, 
and the high ductility exhibited in short-time tests on remaining 
pieces of the same material. 

It would have been appropriate for the authors to mention in 
this section the “stress range” to which the thermal-expansion 
stresses are related. Essentially, this is a concept which follows 
from the observation that relaxation takes place during operation, 
which results in all or the greater part of the expansion effects 
eventually vanishing only to reappear as a shutdown or cold 
stress. As a result, piping systems are subjected to a cycle of 
stress of an amplitude or range which remains relatively constant 
for initial or subsequent cycles. In accordance with Piping Code 
rules, this stress range is kept within a value derived from the 
ambient and service temperature allowable stresses. This ap- 
proach assumes that failure due to thermal-expansion effects will 
be essentially of a fatigue nature and related to the number of 
cycles of temperature change involved. 

The authors’ brief remarks on the subject of cold spring appear 
in need of clarification. They correctly point out that a high- 
temperature line eventually will acquire about the same amount of 
cold spring regardless of whether this condition is obtained by pre- 
springing during erection or by self-springing during service. 
This fact, however, refutes rather than supports the subsequent 
conclusion that prespring of from */; to the full computed ex- 
pansion is advisable. The missing point is that prespring serves 
two purposes: 

1 It reduces or eliminates the amount of plastic strain occur- 
ring in the pipe due to relaxation. 

2 It reduces or eliminates initial high-order hot reactions on 
connected equipment. 


The first of these is of doubtful benefit since the amount of 
strain is necessarily small and, as it occurs only once, it is not 
significant from fatigue considerations. The second is of great 
importance where sensitive equipment such as turbines are in- 
volved, which may be thrown out of alignment or otherwise 
damaged by hot piping reactions which may reflect the full yield 
strength of the material before relaxation with time. This phi- 
losophy has been accepted in the proposed revisions to the Code 
for Pressure Piping ASA B31.1.'° In these rules the same allowa- 
ble stress range is permitted whether or not the system is pre- 
sprung. The effect of prespring in lowering initial reactions is 
recognized to the extent of allowing the hot reactions to be re- 
duced by */; of the prespring. , 


‘* See ASA ‘Report of Task Force on Fiexibility,"” May 4, 1953. 
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Attention also is directed to the fact that these new proposed 
rules of the Piping Code provide a relation between the antici- 
pated cycles of service and the allowable stress range which may 
be used, and also for an increase in the basic stress range. In 
making these rules available for comment and criticism, the Pip- 
ing Code Committee also presented certain alternative provi- 
sions advanced by H. V. Wallstrom in representation of the 
writers’ Company as a member of the Task Force on Expansion 
and Flexibility. These define the piping for which stress analysis 
would be mandatory and thus represent an effort to recognize the 
transition of the Piping Code from a designer’s code of good prac- 
tice to a safety code, suitable for adoption by states and munici- 
palities for enforcement of rules for pipe construction. Interest 
on the part of enforcement authorities is already in evidence in 
connection with the new Section VIII on Transmission Lines, 
which has been adopted or is in the process of adoption by several 
states, and further by the organization of a Conference Committee 
composed of the chief inspectors of each state and the provinces 
of Canada. 

Welded Joints. In the previous section on Selection of Ma- 
terials for 1160 F Service austenitic steels are stated to be dif- 
ficult to weld without producing cracks. In this section under 
Welding Austenitic Steels, further emphasis is placed on the 
difficulties of making satisfactory austenitic weldments and unde- 
sirability of quenching from above a so-called critical range. It 
would take considerable space adequately to refute the authors’ 
contentions; however, a companion paper by W. G. Benz 
and R. H. Caughey"! of the writers’ company, presents in- 
formation to show that satisfactory austenitic welds in heavy-wall 
pipe can be achieved without undue difficulty. Connecting an 
initial anneal and carbide-solution treatment with preheating and 
stress-relieving is not valid, in the writers’ opinion. A lack of 
observed benefit in preheating austenitic steel is in no way con- 
nected with the initial treatment of the material. As to postheat- 
ing, it is true that such treatment or service temperatures above 
approximately 900 F tends to precipitate carbides with reduced 
ductility and impact strength. However, the values obtained 
for both of these properties are quite adequate and usualiy su- 
perior to those obtained for ferritic steels. 

In connection with the section, Welded Joints Between Dis- 
similar Metals, it is recommended that such a weld between a 
valve and a stub end be made in the shop, so that field welde will 
be between similar materials. It would be desirable to extend 
these precautions to further favor the dissimilar weld joint by 
choosing a location so that stress intensification including bending 
stress or other local effects are avoided. In the case of a valve, 
the welding end is of such limited length that discontinuity 
stresses may be anticipated; accordingly, it would be preferable 
to first shop-weld a stub end of the same composition to the valve 
so that the dissimilar weld is located between two short sections 
of pipe which are, however, of sufficient length so that extraneous 
stresses will not be imposed upon the weld. It is, of course, al- 
ways desirable to perform the attachment of welding-end valves 
to piping in a well-equipped shop rather than in the field, even at 
the expense of additional welding. 


Herman Wetsserc.'*? The authors have done a thorough 
job outlining the factors involved in the design of a piping system 
for 1100 F operation. The principal question raised is the possi- 
bility of utilizing ferritic stee! in place of the austenitic steel now 
11“*Pabrication of Austenitic Stainless-Steel Piping for 
Operation at 1100 F,”" by W. G. Benz and R. H. Caughey, presented 
at the Semi-Annual Meeting, Los Angeles, Calif., June 28-July 2, 
1953, of Tue American Society or MECHANICAL ENGINEERS. 

12 Mechanical Engineer, Public Service Electric and Gas Com- 
pany, Newark, N. J. Mem. ASME. 
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in use for this service; and a case is made for a chromium- 
molybdenum-vanadium composition, which in the laboratory 
shows promise of high strength at this temperature. 

The suitability of a steel for high-temperature high-pressure 
service, in the last analysis, depends to a large extent on the 
ability to produce sound field welds in heavy-wall piping. The 
particular ferritic steel under discussion owes its high-temperature 
strength to a special heat-treatment. Aside from the fact that 
the code-writing bodies have been reluctant, and, in fact, up to 
this time have entirely avoided crediting a material for extra 
strength at high temperatures, resulting from heat-treatment, 
there is considerable question whether this steel can be welded in 
the field without destroying its high-temperature properties at 
some point in the weld-heat-affected zone of the base material. 
This is a most dangerous type of impairment of strength because 
it occurs in a plane directly across the pipe. One pictures the 
type of failure which occurred due to graphitization at Spring- 
dale. We have had in service at Essex Station (1000 F) a 
similar material, without the chromium addition, for almost 6 
years. The design stress, however, is no higher than in the 2'/, 
chrome, | moly pipe in the same piping system. Prior to utilizing 
this type of steel at stress levels which take into account the im- 
provement in high-temperature strength due to heat-treatment, 
there should be considerably more test data developed on the 
long-time, high-temperature properties determined from across- 
the-weld specimens. 

Welds in austenitic piping also present a problem, as pointed 
out by the authors. Considerable progress, however, is being 
made in developing welding techniques, which result in sound and 
stable austenitic welds, as related in a companion paper by 
Benz and Caughey.'"' Furthermore, keeping in mind future 
requirements for still higher temperatures we prefer to stay with 
this higher-alloy material, which from corrosion and strength 
considerations is good for considerably more temperature than 
1100 F. Therefore we have tended to use more of it rather than 
revert to the lower alloys, which must be extended to their 
maximum capability in order to meet the requirements of opera- 
tion even at 1050 F. 

Within the past year we have procured a heat of pierced and 
rolled seamless stainless tubing for the main steam piping of a 
185,000-kw unit being installed at Burlington. This is 10'/,-in- 
OD X 1'/;in-wall, Type 347 steel tubing made by Timken and 
is possible in the austenitic material only because of the con- 
siderably reduced wall thickness. In order to utilize piping this 
small in diameter on so large a unit, the steam flow is divided 
between two leads originating at the quarter-points of the outlet 
superheated-steam header. The inlet tubing to this header is 
cross-connected, so that equal steam temperatures result in each 
of the outlet-steam leads. Steam velocity is 15,000 fpm. 
Piping designed for this velocity and arranged as described is now 
in service at Kearny and is operating satisfactorily from the 
standpoint of noise and vibration as well as equalization of 
temperature between the two leads. In testing the emergency 
stop valves one lead has been shut off completely at full load, 
forcing most of the steam through the other lead, without 
appreciable increase in noise or vibration levels. Inasmuch as 
the emergency stop valves may be tested during off-peak periods, 
when, if necessary, the turbine load can be reduced, even 
higher design velocities are practicable if they are found 
economical. 

It appears, therefore, that this arrangement, utilizing seamless 
tubing rather than the much more expensive forged and bored 
pipe, can be extended to any size unit now under consideration. 
As a result we find that it is possible to install an 1100 F austenitic 
main steam-piping system for only slightly greater total cost 
(Table 7 of this discussion) than a 1050 F ferritic piping system, 
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which because of the lower allowable working stress must of 
necessity be forged and bored. 


TABLE 7 COMPARISON ie” COSTS—-MAIN STEAM 


2'/¢ Cr—1 Mo A335, P22 versus 18-/8 Cb A312, Type 347. For 1050 and 1100 
F normal operation 1350000 lb per hr at 2350 psig. Velocity — 15000 fpm 
maximum, Length 375 ft total for 2 lines per boiler 
T = 1050 F T = 1100 F 
normal — ——-normal 
P22 2: 
forged 
and Type 347 
bored seamless 


Type 347 


bored seamless 


Inside diameter constant at 

in. 
Wall thickness, caleulated, 

minimum including C, based 

on 1% operation at T + 

F, + 121/2% for seam- 
1.01 3.25 
I'/ie 35/16 
94/5 137/s 


13100 4200 


12360 3600 
76500 136000 


less, in, 
Wall thickness, used, in. 
Outside diameter, in. 
“S" for continuous operation, 
pai 10300 
S * 1.20 (1% operation at 
T + 50 P), psi 4 
Total cost fabricated piping. 
Unit cost per foot, fabricated 
piping ‘ 
Total cost erected with insula- 
tion ‘ $168400 
Total init cost per foot $448 
Base 


9120 


$102000 107000 


$270 203 368 285 
245206 


145100 180600 
388 Be 82 


482 
86% 107% 

A. bk. Wurre.!* The paper is an excellent example of the service 
which our specification and eodemaking bodies have rendered in 
the selection of proper materials for high-temperature service. 

The statements with regard to welded joints, as they relate to 
both the ferritic and the austenitic types of welds, are most 
constructive. The reference to “welded joints between dis- 
similar metals’ possibly could be expanded somewhat to point 
out that the difficulty in welding dissimilar metals increases as the 
diameter of the metals increases, That is, there would be no 
difficulty in welding 2-in. superheater tubes, even though the 
welds connected dissimilar metals, but it would be quite a dif- 
ferent problem if the diameter of the tubing or piping were of the 
order of 10 or 12 in. 

The writer quite agrees with the statements made by the 
authors that “it is good practice to weld stub ends of pipe ma- 
terial to the valve ends in the shop.’’ Also, the writer is in com- 
plete agreement with the statement that special care should be 
taken in the examination of welded joints, such as the use of 
xX rays, gamma rays, a supersonic reflectoscope examination, and 
other methods which will throw light on the quality of the weld. 

The writer wishes to compliment the authors of this paper on 
their valuable contribution to matters relating to design of 
steam piping and valves for high-temperature service. 


The authors have presented very helpful 
Reference 


A. B, 
information regarding steam piping for 1100 F steam. 
is made to the heat-treatment of ferritic materials for high-tem- 
perature service. Some of the results we have obtained with 
Cr-Mo-V steel may be of interest and are shown in Tables 8, 9, and 
10. 

The importance of heat-treatment is illustrated by Steel B. 
This material, after exposure at the temperatures indicated for 
periods of 10,000 and 100,000 hr, will be creep-rupture-tested. 
Alloys of the Cr-Mo-V type require high solution temperatures 
for the vanadium carbides, and the mechanical properties are in- 
creased by aging at temperatures below the thermal critical range. 
The evaluation of the stability of the creep-rupture properties is, 
therefore, important. 


" Director, Engineering Research Institute, University of Michi- 
gan, Ann. Arbor, Mich. Fellow ASME. 

'* Chief Metallurgist, National Tube Division, U. 8. Steel Corpora- 
tion, Pittsburgh, Pa. 
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TABLE 8 CHEMICAL ANALYSIS 


Steel Cc Mn P Ss si Cr Mo Vv 
0.42 0.014 0.016 0 18 0.96 0 86 0 20 
B....0.12 0.43 0.011 0 O19 0 23 0 96 0 98 0 21 


TABLE HEAT-TREATMENT AND TENSILE PROPERTIES 


Red. 
area, 
per cent 


Yield strength, Tensile Elong, 
psi —0.% strength, percent 
per cent offset psi 1 in 
37000 77000 35 
106000 120000 21 


Heat-treat 

Steel air-cooled 

A 1650F—1 hr 

BK 1925F—2 hr 
1300F—12 hr 


STRESS FOR RUPTURE, PSI 
1000 hr 10000 hr (extrapolated) 
A B 


TABLE 10 


Temp, 
deg F Steel 
900 80000 
1050 33500 
1200 . 9500 


76000 
21500 
5500 


83000 
47000 
13500 


86000 
51000 
20000 


We do not see why a suitable welding rod containing vanadium 
with molybdenum and chromium cannot be developed to produce 
sound welds. It would be desirable to use a rod which will possess 
strength properties similar to the Cr-Mo-V pipe material 

Reference is made to the usefulness of photomicrographs of 
each end of each length of pipe. We do not believe this practice 
is necessary, but we do appreciate the value of representative 
photomicrographs of the product. These would be useful for 
future reference 

With reference to the ultrasonic examination of piping material 
for flaws, it should be pointed out that this type of testing is not 
adaptable at the present time to the production of pipe in the pipe 
mills. The method is very slow and expensive. The most prac- 
tical way to inspect pipe by this method is in the pipe-fabricating 
plant. When the ultrasonic method for inspection has been im- 
proved to the extent that the interpretations are more certain, 
and the time required for inspection is reduced, the method should 
receive more favorable consideration throughout the industry. 
The user, at his own convenience and with his own facilities, may 
inspect pipe by the ultrasonie method. However, rejections 
which may be the responsibility of the producer can be based only 
upon defects which are bevond the standard ASTM specifications 
to which the pipe was produced. 

H. W. Wyarr." The authors are to be congratulated for their 
objective and clear-cut presentation of the problem of ‘austenitic 
versus ferritic’’ steel for 1100 F steam service 

Comments by the writer are from the viewpoint of manufacture 
of ferritic castings, and their applications in high-pressure high- 
temperature steam valves. 

When steam temperatures went well beyond 750 F, and some- 
what above 900 F, two casting materials came into the codes and 
Carbon-moly (ASTM A217--Grade WC1) was 
Investigations since the 1943 graphitiza- 


specifications 
the more widely used. 
tion occurrence in piping have shown that the less widely applied 
grade, the nickel-chromium-molybdenum casting composition, 
Grade WC4 of A217, is completely free from graphitization. No 
evidence of structural, corrosive, or mechanical deterioration has 
been noted in the nearly 20 years since it was brought out. Asa 
result of investigation and study, the metallurgists with whom 
the writer is associated and the writer believed that the load- 
carrying capacities of the '/. per cent molybdenum types of steels, 
such as Grades WC4 and WC6 of A217, are not as high as might 
be desirable for services, say, to 1050 F. Therefore a modifica- 
tion of WC4, with 1 per cent molybdenum (Grade WC5 of A217) 
was developed and used in main stop and other valves in the first 
large United States central station operating at 1000 F, in 1946. 


8 Metallurgical Research Division, The Lunkenheimer Company, 
Cincinnati, Ohio. Mem. ASME. 
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Since that time valves of WC5 material have been installed in 
main steam lines of a number of stations operating from 960 F to 
1050 F, at pressures to 2150 psi at 1050 F. Fabricators have met 
all procedures and operator qualifications in joining same to the 
following and other wrought piping materials A213-T12 (1 per 
centCr, !/:per cent Mo); A213-T21(3 per cent Cr, 1 per cent Mo); 
\ 213-T22 (2'/,per cent Cr, 1 per cent Mo). No joint troubles have 
been reported in service of these weldments to piping. 

Grade WC9 of A 217, as mentioned by the authors, also has had 
consideration and use, As shown by the authors, in cast materials 
(authors’ reference 13) and by others for wrought materials (ref- 
erence 11), WC9 leaves something to be desired in its stress-rup- 
ture characteristics at 1050 F. 

The authors suggest that it is desirable that the nominal 
“chemistry”’ of piping and casting be similar. It is agreed that it 
is desirable that the mechanical and structural characteristics of 
the casting and pipe each be suitable for the contemplated service, 
and be suitable for joining by the same electrode, i.e., the weld 
deposit be compatible to casting and pipe. The authors point out 
clearly the problems inherent in suitable joining of austenitic and 
ferritic materials, also with the vanadium-bearing ferritic steels. 
Adequate references are given to the inadequacies and/or 
marked differences in mechanical, structural, expansion, and 
other characteristics. However, such differences in behavior are 
not found in joining the compositions, WC5 or WC9 with T22 
piping. The casting process is quite different in several respects 
In comparison of east and wrought 
steels of similar alloy content, the casting process tends to give 
greater hardenability, both due to the process itself and to the 
usual higher manganese and silicon which are used to promote 


from wrought processes 


casting soundness. The silicon and manganese are alloying ele- 
ments and in any comparison should be considered as well as the 
chromium, molybdenum, vanadium, and nickel. The relative 
hardenability of T22 piping is 10.3, WC9 is 14.5, and WC5 is 
10.4. WC5 matches T22 quite closely in hardenability. It also 
possesses « multiple bead hardness before stress relief, much 
lower than WC9 (carbons the same). WC5 in these respects 
actually behaves structurally and mechanically closer to T22 than 
does WC9. The expansion-contraction and dilatometric charac- 
teristics of all three materials are closely alike. WC9 and WC5 
are similar in creep (1100 F) but WC5 has considerable ad- 
vantage in stress-rupture. Creep and stress-rupture tests of WC5 
at 1150 F show much less drop in strength for an increase of tem- 
perature from 1100 to 1150 F than for a fifty-degree temperature 
increase from 1050 to 1100 F. Final results will be presented 
later. 

The authors present data on the General Electric Company’s 
cast chrome-moly-vanadium steel and mention another cast 
chrome-moly-vanadium steel to be introduced into ASTM speci- 
fication A217. The two materials should not be confused. The 
General Electric Company’s steel has a special treatment produc- 
ing high hardness and high creep strength accompanied with low 
ductility. (High normalizing temperatures and careful age- 
hardening are used.) The proposed ASTM chrome-moly- 


vanadium steel is said to be heat-treated to a low hardness and a 
more modest creep strength accompanied with good ductility. 
The average of the reported values of creep strength at 1100 F of 
composition similar to the proposed A217 chrome-moly-vanadium 
steel approximates the creep strength of WC5 at the same tem- 
perature. 

The writer agrees with the authors that study and trial may 
show that through proper selection and application the usage of 
ferritic steels at 1100 F may be safely feasible and, if so, eco- 
nomical, 


AvutTuors’ CLOSURE 


The authors wish to express their feeling that the several 
discussers of the paper have contributed materially toward ful- 
filling the objectives of the session at which the paper was pre- 
sented. The authors were invited to contribute a paper that 
would survey present knowledge applicable to the design of 
steam piping and valves for 1100 F, and with a view to stimulating 
further discussion of the subject. It is indeed gratifying that 
the discussers have responded so well in bringing different slants 
on the expected behavior of materials available for 1100 F steam 
service. 

As expressed in the paper, the authors had hoped that others 
would comment on various angles of the high-temperature 
problem and bring to bear ideas that will help in obtaining an 
economic solution. The authors themselves are open-minded on 
this subject and are chiefly interested in seeing that all avenues 
of approach are explored so that the possibilities of alternative 
materials will be better understood 

The relative costs of austenitic and ferritie construction given 
by Mr. Weisberg are somewhat at variance with the cost data 


and estimates of the authors. Mr. Weisberg’s figures for P-22, 


forged turned, and bored pipe are a step higher than those of the 
authors for this material, whereas his figures for Type 347 seam- 
Consequently there is a crossing of 


less pipe are a step lower. 
base prices which tends to magnify the variance in cost ratios 
derived therefrom and leads to different conclusions concerning 
the relative costs of the two kinds of steel. In view of the diffi- 
culty in reducing such comparisons to the same absolute bases, 
it is recommended that those wishing to pursue the matter further 
estimate their own costs for the specific cases they wish to com- 
pare. 

After the manuscript for this paper was prepared, Braca and 
Merims presented a valuable contribution concerning several 
phases of the same subject which is available for reference,” 
In addition to giving easily understood definitions of basic 
phenomena encountered with metals in high-temperature service, 
their article features data on the corrosion resistance and relative 
cost of several of the alternative steels considered in the present 


paper. 


1% “Selecting Materials and Designing Equipment for High-Tem- 
perature Service,”” by R. M. Braca and R. Merims, Chemical Engi- 
neering, vol. 60, February, 1953, pp. 165-171. Reprinted in Heat 
Engineering (Foster Wheeler Corporation) April-June, 1953. 
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Heat Transfer to Constant-Property Laminar 
Boundary-Layer Wedge Flows With 
Stepwise and Arbitrary Wall- 


Temperature Variation 


By STEVE SCESA! anp SOLOMON LEVY,? BERKELEY, CALIF. 


The analysis for the determination of the heat transfer 
for bodies in constant-property two-dimensional laminar 
flow with a free-stream velocity variation as u, = Ax” and 
a stepwise wall-temperature variation is presented. The 
general theory may be applied toa gas of any Prandtl num- 
ber although numerical results have been computed herein 
for Prandt! numbers of 0.7 and 1 for the values of m equal 
to 0, 1, and 4. The method of investigation 
is such that the temperature profile may be obtained if 
so desired. Results of local Nusselt number are com- 
pared with the more approximate investigations of Bond 
and Lighthill which indicate an increasing deviation as m 
increases or decreases from zero. However, comparison 
of the ratio of the local Nusselt number with a stepwise 
wall-temperature variation to the local Nusselt number for 
a constant wall temperature indicates good agreement 
with the results of Bond and Lighthill. Extension to the 
problem of an arbitrary wall-temperature variation is 
indicated. The theoretical investigation neglects the 
effect of heat generated by friction since this effect may 
be considered by superposition of proper solutions. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


a, b, c,d = functions appearing in Equation [7] 
A, B, C, D = functions appearing in Equation [8] 
f(8) = function defined by Equation [14] 
h(x, 0) = local heat-transfer coefficient for constant wall 
temperature, Btu/hr deg F sq ft 
h(r, s) = local heat-transfer coefficient for stepwise wall- 
temperature variation, Btu/hr deg F sq ft 
& = thermal conductivity of fluid, Btu/hr deg F ft 
K = constant in u = Kxr™ 
L, = function defined by Equation [22] 
m = wedge-flow parameter 
M = function defined by Equation [22] 
= function defined by Equation [22] 
O = function defined by Equation [22] 
p = function defined by Equation [22] 
q = function defined by Equation [22] 


! Research Engineer, Institute of Engineering Research, University 
of California. Assoc. Mem. ASME. 

2 Research Engineer, Institute of Engineering Research, University 
of California. 

Contributed by the Heat Transfer Division and Heat Transfer 
and Fluid Mechanics Institute and presented at the Semi-Annual 
Meeting, Los Angeles, Calif., June 28-July 2, 1953, of Toe American 
Socrety or MecHanicaL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressicns of their authors and not those 
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Qt) = local wall-heat rate, Btu/hbr sq ft 
8 = position of wall-temperature step, ft 
7’ = temperature in boundary layer, deg R 
|, = temperature at edge of boundary layer, deg K 
l', = constant wall temperature, deg R 
T(r, 0) = arbitrary wall temperature, deg R 
= velocity at edge of boundary layer, fps 
= component of velocity in z direction, fps 
= component of velocity normal to body surface, fps 
distance along body surface, ft 
distance normal to body surface, ft 
specific heat at constant pressure, Btu/lb deg F 
wedge-flow parameter 
absolute viscosity, Ib sec/sq ft 
= kinematic viscosity, sq ft/sec 
= density of fluid, Ib sec?/ft* 
Prandtl number, uc,/h, nondimensional 
= wall-temperature exponent 
= nondimensional temperature profile in boundary 
layer 
shear stress, psf 
local Nusselt number for constant wall tempera- 
ture, h(x, 0) x/k 
local Nusselt number for stepwise wall-tempera- 
ture variation, A(x, 8) 
local Reynolds number, u, 2/v 


INTRODUCTION 


In inany heating systems such as plug-type heaters and heated 
airfoils the hydrodynamic boundary layer originates ahead of 
the thermal boundary layer, thus giving rise to what generally 
has been termed “starting-length’’ effect. The distance from the 
start of the hydrodynamic flow to the point where heating be- 
gins corresponds to the “starting length.’”’ Solutions of the mo- 
mentum and energy equations for these conditions have been 
obtained by Rubesin (1),* Bond (2), and Lighthill (3). 

Utilizing the integral form of the energy equation for a flat plate 
with the assumption of linear velocity and temperature profiles, 
Rubesin (1) obtained the effect upon the heat transfer due to a 
stepwise wall-temperature variation. 

Assuming a linear velocity profile for the case of incompressible 
laminar wedge flows (u,; = K 2”), Bond (2) obtained the tem- 
perature profile for an arbitrarily prescribed temperature or heat- 
transfer rate at the wall. Lighthill (3) considered the identical 
problem and presented an investigation by also assuming a linear- 
velocity profile. These results although quite useful in their 
present form indicate sizeable discrepancies, especially for Prandtl 
numbers of interest when results for the constant wall tempera- 
ture are compared with the values obtained from the exact 


? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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theory. As indicated by Lighthill the results become more accu- 
rate as the Prandtl number is increased. The sources of error 
and compurisons are investigated by Tifford (4) for a Prandtl 
number of 0.7 which indicates agreement only for the flat plate 
case (m = 0), 

The purpose of this investigation is to obtain the heat transfer 
for the case of a stepwise wall-temperature variation utilizing a 
more exact velocity distribution; to compare the results with 
those given by the analysis of Bond and Lighthill, and to extend 
to the case of an arbitrary wall-temperature variation. The 
method used is to assume a velocity profile as indicated by Ringleb 
(5) with a similar temperature profile. 


Basic EQUATIONS AND ANALYSIS 


The boundary-layer forms of the continuity, momentum, and 
energy equations for the two-dimensional flow over a surface of 
large curvature of a gas with constant Prandtl number, specific 
heat, and density are 


Or 


v 
Iquations [2] and [3] are obtained from the general momen- 
tum and energy equations for the conditions of large Reynolds 
and Peclet numbers, respectively. 
Neglecting dissipation the foregoing equations may be written 
by utilizing conditions outside the boundary layer as 


(4) 


a7? — 
v = 


oy 


A 
or oy? 

Assumptions as to the velocity and temperature profiles ¢ 
taken of the form 

u = u(l—e 

A(2) 

-9) 


d(z)y*) 


B(x) C(2) 


v + 


T— T; = ” 
Tw 


= 


WALL TEMPERATURE 


DISTANCE ALONG WALL 


Co-Orpinate System ror Stepwise 
Vartation Given BY Equation [8] 
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The boundary conditions satisfied by Equation [7] are u = 
for y = O and u = for @ if d < 0 or the coefficient of 
the highest power of y which does not vanish is negative. The 
expression also satisfies 

| = 0 
ov" 


Equation [8] satisfies the boundary conditions 77 = 7), at 
y = Oforr >s, T = T, atx = 8 for any y as indicated in Fig. 1, 
and 7 = 7, as y— © if D < 0 or the coefficient of the highest 
power of y which does not vanish is negative. The expression 
also satisfies 


ou" 

The unknown functions a, b, c, d, and A, B, C, D, can be de- 
termined by satisfying the boundary-layer Equations [5] and 
[6] at y = O in so far as practicable. Differentiation of Equa- 
tions [5] and [6] three times with respect to y yields for / = 0 
the following eight equations 


du; 


dx 
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ou ou 
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OY y=0 y =0 
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y= 
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Ou 
v 
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Oru 
y =O 

y =0 


dtu | 
y=0 OVOLy=0 
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—T,)| 
o y=0 
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y=0 


y=0 
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The derivatives that appear in the foregoing equations are 


calculated from Equations {7] and [8]. 


Substitution of these 


derivatives yields eight simultaneous equations for the functions 
a,b,c,dand A, B,C, D 
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LY, 
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du, 
dr 


aja? + 2h) fab + tic = 0 


d d 
a (. +a ) = via(a® + tah + bc) + 6b(a® + 2b) + 18ac + 24d} 
ar ar 


da db du 
2a | u, | 2a +2 + (a? + 2b) —— 
dx dr dx 


= vla(at + 12a% + 12h? + 24ac + 24d) + 8h(a* + Bab + 6c) + 36e(a? + 2b) + 96ad) 


A? + 2B =0 


A(A? + 2B) + 4AB + 6C =0 


3u,(a? + 2b) 2 
dr (x 8)? dr lr dr 


A 
, (. ) (A? + 2B) d(wa) db du, | A 
+ 3 + 4) a 2 + (a? 4+ 2h) 


ar 


(r sy 


v + 12A°B + 12B? + 24AC + 24D) + 8B(A* + 6AB + 6C) + 36C(A2 2B) 4 mae} 


The first three of these equations determine 6, c, and d in terms 
of a while the fifth, sixth and seventh equations yield B, C, and 
}) in terms of A giving 


1 
v uy day 28 du; diy 
2 +— 
vy dy? v dr dr 
a du 
Qv dr 
fatu, da du, l2a [ du, 
vy dr dr 


48a? du; 


v 


Substitution of b, c, and d into the fourth of Equations [10] and 
B, C, and D into the eighth of Equations [10] yields 


+ 24 vat = 0 


2 
d uy) 


dr 


d(u,a) 


GA‘ Assuming the wedge-flow free-stream-velocity variation u, = 
dx K where m = 8/(2— 8) Equations |12] become 


- 
a’ | 
| 
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| 
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2.45768? 


dz uy — B)x 


z 


— 


where 


5(10B + 1) + V/1968 + 1168 + 25 
(2 — 


Kquations [13] are first-order differential equations with z as 
the independent variable and 


= .. [14] 


as dependent variables, respectively. The boundary conditions 
area’—> asxz—>Oand 


vr. vr. 


atz=s8 


since 
oT 
A(z, 8) (T, — T1) = —k — 


= —KT, — 


The first of Equations [13] has the solution 
38.48 


192 £B 
he 
uy — B)z, 


48 
which may be written 


The local skin-friction coefficient is 


Te 
pu,*® v 


Values of the local skin-friction coefficient obtained from the 
foregoing expression have been computed by Levy and Seban (6). 
A satisfactory agreement with the exact values was indicated. 

The following change of variable in the second of Equations 
(13) 


2—8 


10 V/2 — — — 6 —.\ @_____ 


+5 VIB) V2— Bo (V2— 


38.48 ) 


u (2— 


dr 
ver 
| uy 
vr, vr 


where z = 3, w = 0, gives after substitution 


38(2 — B)ow* + 10V/ (8) V2 — B(2 — Bow" 
Bow' + 5 V2 — Bow + 24 


z 
-f dz 7] 
» 


Equation [17] becomes for z = —(Bow* + 5V — B 
aw* + 24) 
po + VIB) V2 — 8 


pot * 


This expression allows rapid solution of certain cases of interest 
which are investigated as follows: 

Case 1—Flat Plate Flow, B = 0. 
—(4/3) (dz/z) = dx/x which yields 


5, 
/s 
Nu,., 


The local Nusselt number for flow over a flat plate with a step- 
wise wall-temperature variation is determined. 

The “starting-length correction factor,’ defined as the ratio 
of the local Nusselt number for a stepwise wall-temperature varia- 
tion to the local Nusselt number for a constant wall tempera- 
ture, is written 


Equation [18] becomes 


Nu,,, 1 


Case 2—No Skin Friction, a = 0 = YY f(8), or separation flow. 
Equation [18] becomes —3/4(2 — 8) (dz/z) = dx/zx, which yields 
the corresponding local Nusselt number 


Nu, -[ —be 
VRe, L24(2— 8) E |" 


where 8 = --1/6 as obtained from Equation [14] for f(8) = 0. 
For values of 6 differing from 0 and —1/6, the original Equa- 
tion [17] must be solved as follows 
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0 Bow + 5 — + 24 


.. (21) 


where w; and w, are the two real roots of Bowt + 5 Vf(B) V2 — Bow® + 24, and Bow* + pw + q is the remaining quadratic 
involving the two imaginary roots. The values of the constants L, M, N, O, p, q are defined 

L = B{30(2 — B) — No — Oo} | 

M = 10 Vf(8) V2— B(2— B)o + + NBo) + w(L + — p(N + O) 


308(2 — + 10 — B (2 — B) ows? 
(w, — w:) (Bow,? + pw, + 9) 
308(2 — + 10 VIB) V2 — B (2 — Bows? 
— w,) (Bow,* + pw: + q) 
p= 5 V2— Bo + Bo(w, + 
24 


N 


0 


The solution of Equation [21] is 


e 


N 


V/ Re, V Re, 
w.V¥2—8 +1 +1 


V Re, VRe, 


Equation [23] has been utilized to obtain Nu,,,/V Re, as a function of s/z for o = 0.7 and 1 for B = 0.2, 0.5, 1, and 1.6 
by assuming values of Nu,,,/V Re, and solving for s/z. 


Discussion 


Examination of the results as represented by Figs. 2 and 3 indicate a variation between the present theory and the results of 
Bond. ‘The error in assuming a linear-velocity profile becomes greater us 6 increases or decreases from zero for a fixed Prandtl 
number. Comparison with the exact solution of Eckert (7) for the case of constant wall temperature can be made readily by letting 
s/x = 0(8 = 0) which indicates the magnitude of the percentage error as outlined in Table 1. 


TABLE | 


Separation flow 
eo = 0.7 
0.293 
Present theory . 
Per cent error. . 
Bond... 
Per cent error. . 


Exact. 

Present theory . 
Per cent error. . 
Bond 

Per cent error... 


« 
. 5122] 
8 | 
— Nu, Ne Bo 
V2—p—22| —* + — 
V Re, q VRe, 
(23) 
A(z, O)z : 
V Rez 
1/9 1/3 4 
0.331 0.384 0. 496 0. 813 
0 330 0 385 0495 0.802 
0.3 +0.3 -0.2 —1.4 
0 360 0 436 0.587 0.995 
+8 8 +18.3 +22.4 
0.218 (m = 0.0904) 0.332 0.378 0 440 0 570 0.938 
0.196 (m = 0.323 0.374 0.439 0. 569 0.932 
2.7 1.0 06 
0 0.339 0 405 0.491 0 661 1.121 
-100 +2.1 +71 +16.0 +195 
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PRANDTL NUMBER* 070 
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hig. 2) Ratio or Loca Nussevt Numper To Square Roor or 
Reynotps Number ror Wits Stepwise 
Watt-Temperature VARIATION Pranot. Numper or 0.70 


The table shows that the percentage error given by the Bond 
analysis decreases as the Prandtl number increases. For a con- 
stant Reynolds number an increase in the Prandtl number causes 
a decrease in the thermal boundary-layer thickness. Thus for 
large Prandtl numbers the linear-velocity-profile assumption 
provides adequate results. 

Of further interest is the ratio Nu,,,/Nu, which yields the ex- 
pression usually termed the “starting-length correction factor.’’ 
For the flat-plate case (m = 0) this gives the expression indicated 
by Equation [19] 

Nu,,, 1 


Nu, 


which is identical to the result obtained by Rubesin and Bond. 
This correction factor may be obtained from Figs. 2 and 3, by 
dividing the values of the ordinate by the value of Nu,.,,/V Re, 
for s/x = 0. The present results and those of Bond would be 
quite similar by this comparison which may be observed upon 
examination of the general shape of the curves of Figs. 2 and 3. 
This agreement tends to indicate that the starting-length cor- 
rection factor is relatively insensitive to the nature of the 
velocity-profile assumption whereas the magnitudes of 
Nu,,,/WRe, are definitely influenced. Thus the use of the 


correct: value of Nu,/Y Re, with the “correction factor’’ as 
given by Bond which is 


3 
— (: 2(2—8) 
Nu, xr 


would provide a dependable expression for the determination of 
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the heat-transfer in “wedge flows’’ for a stepwise wall-tempera- 
ture variation for fluids of Prandtl] numbers of 0.7 or above. 
For the lower Prandtl-number fluids the more accurate expression 
given by Equation [23] should be utilized since a more accurate 
velocity profile has been used. 

Extension to the case of an arbitrary wall temperature varia- 
tion is presented in Appendix 1. 
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Appendix 1 


EXTENSION TO ARBITRARY WALL TEMPERATURE 


The energy Equation [6] has the solution 


T T , Bz) D(z) 
(r—a)? 
p T; 
= Wr, y, 8)...... [24] 
where 


H2z,0,3)=1 z> 
Or,y,s)=0 TT, 
Oz, o,s)=0 T=T, 
Since Equation [6] is linear in (7' — 7), solutions may be added 
or subtracted to satisfy desired boundary conditions. Thus if 
T., is maintained on x < 3, and Ty, for x > 8, the necessary 
additions are 


T = T; = Ox, 0) + (Tw: To) Ox, 8) [26] 
Or in general for the wall-temperature function approximated by 
step functions as shown in Fig. 4, we have 
T—T, = (T, — 71) Ox, y, 0) 


where T,, = 7(0, 0). 
From the mean-value theorem 


Tw T wee 
If 7(x2, 0) is a continuous function then as n —~ o, As ~0 
and Equation [27] becomes 


T— = [T(0, 0) — 7,| y, 0) 


OT(s, 0 
+ Wx, y, 8) ds. . 
0 Os 


which is the temperature distribution for an arbitrary wail- 
temperature variation. 
The local heat rate is 


de (x) = W(x, 8)(T. — Ti) 


oT T ry 
(30 
OY oy y=0 


After substitution the final result obtains 


Gu (x) = h(x, 0) 0) — 


Nu, 0s 


which is the local heat rate for an arbitrary wall-temperature 
variation. 

Application of Equation [31] to the case of the flat plate with 
a power-series wall-temperature variation T(x, 0) T, = Sr7is 
presented. The “starting-length correction factor’’ given by 
Equation [19] when substituted into Equation [31] yields 


quit) = h(x, (‘) E ) ] d ~ (32) 
r r r 


If z = (s/r)’/* then Equation [32] becomes 
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4 ‘ 
= h(x, 3 Y (1 z) [33] 
y 0 


which upon integration may be written 
4 
Y (; (‘) 
2 
(G7 +5) 


If y is taken as unity which corresponds to a linear wall-tem- 
perature variation then 


= h(x, 0) (T(r, 0) . [84] 


qr) = 1.60 h(x, 0) (T(x, 0) — T;} (35 | 


Equation [35] states that the local heat rate for the flat plate with 
a linear wall-temperature variation is 60 per cent greater than 
the constant wall-temperature case. The value of 1.60 obtained 
in the present analysis corresponds to the value of 1.65 as given by 
Levy (8). Levy obtained the foregoing result by a finite-dif- 
ference solution of the boundary-layer form of the energy equa- 


tion. 
Tw 
_— T(x,0) 

w 

x 
= 
T (0,0) 
4 ' 

Seo Skat 


DISTANCE ALONG WALL 


Fic. 4 SysTem or ARBITRARY 
VARIATION BY Stepwise 
Variations Given BY Equation (27] 


Equation [31] for the wall heat-transfer rate may be utilized 
for the other values of 8 by recourse to the expression given by 
Bond for Nu,,,/Nu, which may be written 


= h(r, 0) 170. 0) 


Equation [36] represents the heat rate for an arbitrary wall- 
temperature variation T(x, 0) for a body in “‘wedge flow.”’ 


Appendix 2 


Investigation of the conditions imposed on d and D as required 
to satisfy the boundary conditions at infinity for Equations {7} 
and [8] yields the following relation to be satisfied by d 


u? [9 4 B 
y*x? | 5 (2 — B)? 5 (2 — B)*? 


For the values of —'/. < 8 < 1.6 the foregoing relation is always 
satisfied. The corresponding relation to be satisfied by D is 


24d = <0... [37] 
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For the flat-plate case 8 = 0 the equation becomes 


5 te, 
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For the case of f(B) = 0 the equation is —6(2 — 6)? (= 


V jo) N Nu,,. \‘ 96D / Nu,. 
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Nu,.,. \* 
, thus — A‘/20 = D <0. 


Nu 
(Sz), thus —A‘/4 = D <0. 


For the other cases, 8 = 0.2, 0.5, 1, and 1.6 for ¢ = 0.7 and 1; Relation [38] was investigated for the values of Nu,,,/ Vi Re, 


as obtained by the solution. 
as 8/x approaches 1. 


Discussion 


M. W. Rupesin.‘ The authors present an extension of the 
heat-convection problem in the region of a stepwise discontinu- 
ous surface temperature on the surface of a wedge by using a more 
realistic form of the velocity distribution in the boundary layer. 
Because their results, for the general case, are expressed in a 
complicated, implicit equation, the authors, astutely, separate 
the problem into the determination of a relative effect of the step- 
wise discontinuous surface temperature and the determination of 
an absolute value of heat transfer from a wedge at constant tem- 
perature. They show that Bond’s earlier analysis, although less 
accurate in the absolute sense, yields results of the relative effect 
of surface-temperature jump in good agreement with their own, 
while having the virtue of being expressed simply. The authors, 
therefore, suggest the use of Bond’s final expressions modified by 
a coefficient so as to yield correct values in the isothermal case. 

While examining the present paper, the writer noted that the 
authors, as everyone before them, have omitted the effect of 
conduction within the fluid in the streamwise direction. _Dimen- 
sional arguments show that when the slope of the surface 
temperature is of the order (7'~ — T')/6 (6 is boundary-layer 
thickness), the conduction in the streamwise direction becomes as 
important as the conduction normal to the surface. At the dis- 
continuity in surface temperature the temperature derivative is 
infinite and conduction in the streamwise direction should be 
considered, if possible. 

To obtain some idea of the effect of conduction within the fluid 
in the streamwise direction, the writer has recently solved the 
problem of a line source perpendicular to the streamwise direction 
on a nonconducting surface. One solution included the conduc- 
tion of heat in the streamwise direction while the other neglected 
it. For simplicity, it was assumed that the velocity in the fluid 
was uniform, the fluid slipping along the surface. For both cases 
the temperature at the source approached infinity, thereby pro- 
viding large surface-temperature gradients in the streamwise di- 
rection. 

It was found for the case where streamwise conduction was al- 
lowed that the fluid upstream of the source was heated, the region 
of influence being expressed as RyPr = 5, where Ky is the Reyn- 
olds number of the fluid flow using the upstream distance from 
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Within the present numerical accuracy it appears that D < 0 and becomes increasingly negative 


the source where the temperature of the fluid was first influenced 
as the characteristic dimension, and where Pr is the Prandtl 
number. On the downstream side of the source the temperature 
distributions are similar, in fact, becoming identical at RyPr = 
100 where Ry, is based on the distance downstream of the source. 
For the case of a gas, where Pr is of the order of unity and Reyn- 
olds numbers are seldom Jess than 10,000 per ft, it is apparent 
that the region of influence of the streamwise-conduction term is 
indeed very small. Thus solutions in which streamwise conduc- 
tion is neglected, such as in the paper, are valid, for all practical 
purposes, even in the region close to the temperature discon- 
tinuity. 
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The authors wish to express their appreciation for the interest- 
ing discussion presented by Mr. Rubesin. 

Neglect of the streamwise-conduction term in the energy equa- 
tion for the case of a variable surface temperature has been of re- 
cent interest, stimulated by the well-known paper of Messrs. 
Chapman and Rubesin.’ Therein was presented the initial step 
in pointing out the order of magnitude of the surface-tempera- 
ture gradient consistent with the boundary-layer theory. 

A basic objective of the authors in the present paper was to 
compare results as obtained by the postulated exponential-type 
velocity and temperature profiles the results wherein a linear 
velocity profile was assumed. Further analysis was contem- 
plated to determine, if possible, the influence of the conduc- 
tion in the direction of flow. The approach of the present paper 
can account for this conduction as no initial difficulties arise in 

retaining the ra ) 
nary differential equation of higher order results in contrast to a 
first-order ordinary differential equation. This equation is, as to 
be expected, of greater complexity. 

For a confident application of the existing theoretical ante, a 
measure of the upstream and downstream region of influence due 
to a sudden surface temperature rise is indeed a desirable contri- 
bution.§ 


term in the energy equation. An ordi- 


‘Temperature and Velocity Profiles in the Compressible Lami- 
nar Boundary Layer With Arbitary Distribution of Surface Tem- 
perature,” by D. R. Chapman and M. W. Rubesin, Journal of the 
Aeronautical Sciences, vol. 16, 1949, pp. 547-565. 
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An investigation into the fundamental transient heat- 
transfer characteristics of the airfoil leading-edge double- 
skin configuration when heated intermittently by hot air 
for ice protection was undertaken on an electrical analog 
computer. This problem is distinctive from other prob- 
lems usually solved by such a computer in that an electric 
input circuit had to be designed which would account 
correctly for the heat balance as the air passes chordwise 
through the double-skin passages. Also, a combination of 
electrical networks was devised which would take into 
account satisfactorily the thermal resistance and capaci- 
tance of the growing layers of ice. This research reveals 
the effect on the de-icing ability of the double-skin design 
of variables deemed to be important in such a study. The 
feasibility of such an ice protection system is attested, and 
the compromises inherent in the cyclic use of hot air are 
determined. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


(4 = capacitance of “chunk”’ of double-skin passage air, 
Btu/deg F 
electrical capacitance, farads 


C; = capacitance of ice layer, Btu/deg F 
C, = specific heat of air, Btu/Ib, deg F 
Cs =  outer-skin segment capacitance, Btu/deg F 
C's, C"s =  inner-skin segment capacitance, Btu/deg F 
C, = thermal capacitance, Btu/deg F 
AE = voltage change, volts 
hp = D-duct heat-transfer coefficient, Btu/hr,  ft?, 
deg F 
LWC = _ liquid water content, grams/cubic meter 
n = freezing fraction of reference (8),? dimensionless 
Ag = quantity of heat, Btu 
AQ = quantity of electricity, coulombs 
R,; = thermal resistance of ice layer, deg F/(Btu/hr) 
At = temperature difference, deg F 
T, =  double-skin passage air temperature, deg F 
Ta, = inlet-air temperature to double-skin, deg F 
7. = effective ambient-air temperature, deg F 
7; = wing interior-air temperature, deg F 
Ts =  outer-skin segment temperature, deg F 
=  inner-skin segment temperature, deg F 
w = weight of chunk of double-skin passage air, Ib 
6 = temperature functions as defined in reference (7), 


deg F 


1 Air Conditioning Design Engineer, Douglas Aircraft Company, 
Inc., Santa Monica Division. Mem. ASME, 

2? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Heat Transfer Division and Heat Transfer and 
Fluid Mechanics Institute and presented at the Semi-Annual Meet- 
ing, Los Angeles, Calif., June 28-July 2, 1953. of Tue AMERICAN 
Society or MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be un- 
derstood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, March 
27, 1953. Paper No. 53—SA-42. 
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INTRODUCTION 


Many of today’s modern aircraft are protected from ice ac- 
cretion by the use of thermal anti-icing systems for both the 
wings and empennage. Because of the enormous heat require- 
ments associated with high-speed flight, a completely ice-free 
airfoil for the anti-icing system is becoming more and more 
difficult to achieve in a practical manner. However, in the 
method of cyclic de-icing, the ice accretion allowed for short 
periods is caused to shed by the intermittent application of heat 
to the ice-metal interface. In this way equivalent ice protection 
is obtained with only a small fraction of the anti-icing heat re- 
quirements being expended. 

Weight-conscious aircraft engineers are inquiring into methods 
which will provide ice protection for a smaller expenditure of 
energy. It is no wonder that now the emphasis is on intermit- 
tent heating for ice protection of any surface which can be so 
protected. 

It is the concern of this paper to provide designers with an in- 
sight into the fundamental transient heat-transfer characteristics 
of the wing leading-edge double-skin configuration when heated 
intermittently by hot air. The feasibility of such an ice protec- 
tion system is attested, and the compromises inherent in the 
cyclic use of hot air are determined. An electrical-analog type 
of computer was used to obtain the desired data, and since no 
actual test data were available when this investigation was begun, 
comparison of the results herein described to experimental results 
of the corresponding physical system could not be made directly. 
However, the data of this research are qualitatively collated to 
those of other cyclically heated configurations and satisfactory 
agreement obtained. 

This paper is an abstract of research results contained in re- 
ference (1) which includes information in excess of that re- 
ported here. It will be necessary to consult the noted reference 
for details not covered in this paper. 


DEscRIPTION OF SysTeEM INVESTIGATED 


Physical System Analyzed. Inasmuch as the intermittent 
heating of the airfoil surface by means of hot air is a direct out- 
growth from the continuously heated system, it seems natural 
that this latter configuration should be the first analyzed for its 
use cyclically. The double-skin geometry and dimensions con- 
sidered are shown in Figs. 1 and 2. The airfoil analyzed is an 
NACA 23015 section for which water-impingement data can be 
obtained from reference (2) by noting that the profile closely re- 
sembles the symmetrical Joukowski section. Typical ice forma- 
tions on the leading edge of the subject airfoil are shown in 
Fig. 3. 

Preliminary Considerations to Analogous Electrical Network 
The University of California thermal analyzer was utilized as the 
“physical” analog to the double-skin configuration. Thus the 
electrical analogy to the thermal field must be determined for 
this airfoil leading edge. The fundamental aspect of this prob- 
lem, which makes it distinctive from other problems usually 
solved. by such an analog computer, lies in the fact that when 
air flows through a passage with heat transfer, the air experiences 
a temperature change which is directly proportional to the amount 
of heat transferred and inversely proportional to the weight rate 
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of flow. The electric circuit must account correctly for the 
heat balance as the air passes through the double-skin passages. 

As ice is deposited on the airfoil leading edge the resistance to 
heat flow and the heat capacity of the system within the im- 
pingement area will be increased. This effect must be embodied 
in the analog as well. 

The solution of transient heat-flow problems by application of 
the electrical analogy is thoroughly presented in references (3) 
and (4). 

Thermal Field Spanwise and Corresponding Electrical Network. 
Fig. 4 depicts the flow of heat through an arbitrary double-skin 
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Typrcat Ick Formation on WinG or DC-6 ArrpLane 
(Photo, courtesy of United Air Lines.) 


segment, not to any particular scale, and shows that the heat to 
the outer skin comes from three sources. No ice is shown tn this 
particular sketch, assuming that the surface temperature is above 
freezing and with water on the surface. 

It is evident from the symmetry of the heat flow that the sec- 
tion included between the center line of the double-skin passage 
and the center line of the area of contact is repeated as one pro- 
ceeds spanwise. It was for this reason that the seetion indicated 
in Fig. 4 was analogized. The internal heat-transfer coefficient 
was determined from experimental data given in reference (5). 

Two divisions of the inner skin were required for the electric 
circuit so as to depict correctly the time-temperature response of 
the outer skin in accordance with the theoretical derivations of 
the fin-effect. equations given in reference (6) (insulated inner 
skin) and reference (1) (uninsulated inner skin). 

Analogous Network Chordwise. The electrical network which 
completely analogizes the wing lower surface (stagnation point 
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to front spar) is shown in Fig. 5. End points of segments coincide 
with the D-duct web as well as with the maximum water im- 
pingement point. The appropriate increases in the heat resist- 
ance and heat capacitance of the growing layers of ice were added 
in the circuit in a stepwise fashion, considering eight equal ice 
layers. Chordwise conduction in the ice accretion was neglected. 
Since some outer surface segments cool down below 32 F before 
other segments do after the heating cycle, the addition of ice re- 
sistance and capacitance to each segment was controlled by the 
individual segment temperature. 

Input Circuit Which Correctly Analogizes Air Stream Within 
Double-Skin Passages. A circuit was designed which made use of 
electric condensers to represent chunks of air. These con- 
densers were charged initially to a voltage proportional to the 
inlet air temperature and were connected in turn to each input 
potential point of the analogous double-skin circuit in Fig. 5. 
Since the voltage drop of the condenser is a function of the charge 
which leaves the condenser 


AE = AQ/C, 
and since the temperature drop of each chunk of air would be 
At = Aq/wC, = Aq/C, 


the analogy is exact. 
\ Clare 10-pole 26-position stepping switch was procured for 
this network, capable of switching at a 60-step per sec rate. 
After each condenser C4 has toured the double-skin circuit in 
numerical sequence, it is recharged and reinserted into the net- 
work. The airflow rate was varied by utilizing various sizes of 
condensers in conjunction with the constant switching speed. 
Fig. 6 shows the completed circuit. An operational check of 
the input circuit when compared to a simplified network composed 


hia. 5 Anatocous Evectrica Network ror Lowek Surrack 


of '/i per cent accurate precision resistors and nominal con- 


densers resulted in measured temperatures within the accuracy 
of the measuring equipment (estimated at 2 F) for both the 
temperature-rise transients and the temperatures attained at 
steady state. The relays disconnected the air condensers from 
double-skin network during the cooling period in accordance 
with the requirements. 


TRANSFER OF ENERGY at Ice SuRFACE 


At the time of this writing many references are available 
from which the heat-balance equations may be obtained. Refer 
especially to Bibliography (7) and (8), Heat-transfer curves as a 
function of surface temperature were obtained by use of the @- 
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functions, similar to Figs. l(a to d) of reference (7) but for a 
pressure altitude of 20,000 ft. The external heat-transfer co- 
efficient was computed by the methods of reference (9) postulat- 
ing the transition point from laminar to turbulent flow to occur 
at 3 per cent C in accordance with reference (10). The nonlinear 
network of reference (7) was used to limit the heat flow in ac- 
cordance with the nonlinear dependence on surface temperature. 


OPERATING CONDITIONS 


The continuous maximum icing conditions of reference (11) 
were given special consideration inasmuch as those condition- 
would be used as a design requirement for an anti-icing system 
applied to the wing and empennage airfoil sections. In particular, 
the following parameters were utilized for this investigation :* 


Pressure altitude of 20,000 ft. 

Free-stream air velocity of 350 mph true air speed. 
Ambicnt-air temperature of 0 F, 

Airfoil angle of attack of 2 deg. 

Liquid-water content of 0.17 gram per cu meter,‘ 
Droplet size of 25 microns distribution).° 


Ice-SHepvinG PosTuLATES 


At the time this research was begun, little data for ice shedding 
from stationary airfoils were available. Based upon observations 
of ice shedding from references (12, 13, 14), the following two 
independent postulates were made: 

Postulate 1. The ice will shed from any airfoil leading edge 


segment whenever the segment temperature reaches 32 F. No 
ice need be melted before ice removal occurs. 

Postulate 2. All surface temperatures must reach 32 F be- 
fore ice removal occurs, and any surface temperature beneath the 
ice cap which reaches 32 F must remain at that temperature until 


the ice sheds. 
It is further postulated that no parting strips in the stagnation 


* This combination of parameters is designated as case C icing con- 
dition on many of the figures. 

4 The liquid-water content was varied from 0.07 to 0.34 gram per 
cu meter for some calculations. 

* The drop size was held constant for all tests. 
pingement distance was identical for all calculations. 


Thus the im- 
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region will be needed owing to the large radius of curvature of 
the airfoil being considered. 

The temperature difference causing heat transfer between the 
double-skin air and the outer surface is minimized for postulate 1 
and maximized for postulate 2. Thus the complete range of de- 
icing heat requirements should be determined if the criterion of a 
32 F surface temperature is valid. 


Networks REQUIRED 


The thermal circuit which approximates the thermal-field 
problem for the two-dimensional heat-flow system under con- 
sideration is easily analogized electrically. However, the 
houndary conditions are quite unwieldy, requiring the use of 
special circuits. These are as follows: 


1 Analogous air-stream input network. 
2 Capacitor switching network. 

3  Seven-channel electronic timer. 

4 Limiting network and timer control. 
5 Nonlinear network. 


These circuits are defined and the circuit diagrams given in 
reference (1). Measurements of the time histories of voltage 
(temperature) were made using «a Brush recorder operated by 
two d-e amplifiers and isolated from the analyzer circuit by a 
cathode follower, 


InrerMirreNtT Heating ANALYsis or AtRFOILS WHEN HEATED 
Hor Air 


Foreword. The following section deals with the calculated re- 
sults of a eyclie air-heated de-icing system as obtained from the 
analog computer represented by the University of California 
thermal analyzer and special networks. It has been desired 
throughout this research to analyze the effect of each variable 
separately so that each effect will be isolated and thus ap- 
parent. By comparing the results of postulates 1 and 2 with and 
without the ice effect, the desired fundamental heat-transfer 
characteristics of the intermittently air-heated de-icing system 
may be determined. 

Fig. 7 shows the completed network which includes the ther- 
mal-analyzer board and the specialized circuits. The electrical 
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networks were constructed in accordance with the ratios given in 
the Appendix, Table 3. 

Postulate 1 (no ice effect). The ice sheds from a segment of the 
airfoil surface by this postulate whenever the surface tempera- 
ture reaches 32 F. The critical heating time is minimized under 
this postulate. 

1 Critical heating time. Fig. 8 shows the critical heating 
time as a function of the inlet-air temperature for various airflow 
rates. For these runs the D-duct heat-transfer factor was held 
constant at hp = 6 Btu/hr, ft?, deg F. The shape of these curves 
is in agreement with those of reference (15). 

A crossplot of the data in Fig. 8 is indicated in Fig. 9 where the 
inlet air temperature is the parameter. Note here that, for a 
given air temperature, there is an optimum airflow rate beyond 
which there is little reduction in the critical heating time. A 
further crossplot is presented in Fig. 10 where the saving in 
airflow is shown clearly when long heating times can be tolerated. 

2 D-duct Heat-Transfer Coefficient. The heat-transfer co- 
efficient within the D-duct is a function of the supply ducting 
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inlet position with respect to the spanwise wing station under 
consideration and the total airflow supplied. At a position far 
from the inlet duct, the airflow rate will have dropped to such a 
low value that the inner skin can be considered as effectively in- 
sulated (hp ~ 0). Actual insulation also could be added to the 
inner skin as well for some installations. 

Fig. 11 shows the effect on the critical heating time of the inner 
skin being insulated. Dividing the heating time given in Figs. 
8, 9, and 10 by the ratio in Fig. 11 results in the increased heat- 
ing time of the insulated inner skin for the configuration investi- 
gated 

3 Contact Resistance. The electric circnit allows a resist- 
ance to be inserted to analogize the contact resistance existing 
between the inner and outer skins and can be computed for vari- 
ous air gaps assuming pure heat conduction through the air. 
Measured contact thermal resistances for various double-skin- 
assembly methods as determined by the interferometer are pre- 
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sented in the Appendix, Table 4. It can be seen there that the 
contact resistances may be quite large for certain means of attach- 
ment, 

The effect on the critical heating time of various contact re- 
sistances as determined by the air-gap thickness is shown in Fig. 
12. It is evident that the heating time can be increased severely 
if the thermal bond between skins is poor, 
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4 Surface-Temperature Profile. A sample time history of 
temperature for each outer surface segment within the ice-cap 
region is shown in Fig, 13 for a certain airflow rate, inlet-air tem- 
perature, and icing condition. Two items of interest should be 
noted: 

(a) ‘The nose section is considerably overheated while awaiting 
the aftmost ice to shed under this postulate. This is in agree- 
ment, qualitatively, with the results of reference (15). 

(b) There is quite a long increment of time for which the 
leading-edge surface temperatures persist above 32 F. This 
condition could allow considerable runback during this period. 

5 Leading-Edge Thermal Capacitance. The thicknesses of 
the inner and outer skins were varied in certain combinations and 
the critical heating times determined. Fig. 14 shows the effect 
of the metal thickness on the heating time. Note that it is the 
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combination yielding the largest thermal capacitance which re- 
quires the longest heating time. Thus the possible increased 
heat-flow rate afforded by the thicker inner skins (which act as 
fins) is masked by the increase in thermal capacitance when used 
cyclically. 

6 Variable Air Gap. Referring again to Fig. 13, it would 


1/8 INCH CONSTANT DOUBLE -SKIN GAP 
PERFECT THERMAL BOND BETWEEN SKINS 


NO ICE EFFECT 
32 LB. /HR. /FOOT OF SPAN 
LET AIR TEMPERATURE, °F 
600 


| | 

CASE © ICING CONDITION 

| | 


POSTULATE 
| | | 


CRITICAL HEATING TIME, SECONDS 


14 Leapina-EpGe CApPaciITANCE ON CRITICAL 


Heatine Time 


Errect or 


VARIABLE GaP 
NO ICE EFFECT PERFECT THERMAL BOND 
hp BTU/MR., BETWEEN SKINS 
POSTULATE 


CRITICAL HEATING TIME (SECONDS) 


are 
TEMPERATURE 


} 


60 
AIRFLOW FOOT OF SPAN) 


Fie. 15 Critica, Heatine Time as Function or ArrFtow Rate 
FOR VARIABLE Gap Desian 


seem that a constant '/s-in. air gap does not distribute the heat 
properly since the nose section is overheated during the critical 
heating time. If the ice really does shed according to postulate 
1, a variable air gap is indicated which would properly distribute 
the heat chordwise. Accordingly, an air-gap variation was as- 
sumed to vary linearly with distance chordwise from 4/s in. to !/1« 
in. within the impingement region. 

A plot similar to that in Fig. 9, presented in Fig. 15, shows 
clearly the possible saving in‘airflow afforded by the variable air- 
gap design. 

Postulate 2 (no ice effect). By this postulate all surface tem- 
peratures beneath the ice accretion must reach 32 F before the 
ice sheds in one piece, and any surface temperature which reaches 
32 F must remain at that temperature until the ice sheds. The 
critical heating time is maximized under this postulate, since it 
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may be possible for the surface temperatures to rise above 32 F 
with ice still on the surface but with an ice-water interface layer, 
see reference (16). ‘ 

Much of the discussion presented for postulate 1 will apply to 
postulate 2 as well and will not be repeated. Any comments 
pertaining especially to this postulate, however, will be made. 


1 Critical Heating Time. Fig. 16 is similar to Fig. 8 except 
that the curves are displaced up and to the right as would be ex- 
pected. Crossplots of these data would yield curves similar to 
Figs. 9 and 10 for postulate 2. 
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2 Liquid-Water Content. The critical heating time decreases 
as the liquid-water content increases for a given air temperature 
when the ice-cap thermal resistance and capacitance are neg- 
lected (refer to Fig. 17). This result is in accordance with refer- 
ence (7) and is due to the increased liberation of the heat of fu- 
sion. The initial datum temperatures from which heating be- 
gins are given in Table 1 (computed for no chordwise conduction). 

3 Surface-Temperature Profile. A sample time history of 
temperature for each outer-skin segment within the ice-cap re- 
gion is presented in Fig. 18 for a heating time 6 sec longer than 
critical, Again, it is apparent that the airfoil leading edge per- 
sists above the freezing temperature for a long time increment 
after heating ceases. It is quite noticeable that all segments un- 
der the ice cap except the aftmost segment (No. 7) reach the 
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freezing temperature rapidly, within a fraction of the eritieal 


heating time. 

4 Constant Air-Gap Cooling Time. The time increment for 
the outer skin to cool down to 32 F as a function of heating time 
after the ice has shed is shown in Fig. 19. It is apparent that be- 
cause of the extremely steep slope of the lines in the vicinity of 
zero overheating time, much of the airfoil leading edge persists 
above the freezing temperature for long periods. This phenome- 
non could cause severe runback conditions during the heat- 
off ice-collecting time interval if the heating time is not con- 
trolled correctly. 

5 Variable Air-Gap Cooling Titae. The time inerement for 
the outer skin to cool down to 32 F as a function of heating time 
after the ice has shed was also determined for the variable gap 
design. The results are shown in Fig. 20. Note that the slope 
of the cooling curves in the vicinity of zero overheating time is not 
nearly as steep as that for the constant air-gap design. 


Postulate 2 (including ice effect). In all of the foregoing com 
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putations, the only effects of the ice accretion considered were the 
initial datum temperatures, which would exist if there were no 
thermal resistance, and the shedding requisites which are de- 
fined by the postulates previously made. This section considers 
the thermal resistance and capacitance of the ice accretion as well 
(termed ice effect) which modifies some of the conclusions that 
could be reached concerning the foregoing data. 

1 Resistance and Capacitance Separately. As a preliminary 
calculation, the resistance and capacitance of the ice which forms 
within 4 min on the aftmost segment (No. 7) were added sepa- 
rately to this segment only, and the critical heating time was 
compared to the previous results obtained. Adding resistance 
without the capacitance reduced the heating time; adding ca- 
pacitance without the resistance increased the heating time (refer 
to Fig. 21). These effects are to be expected. The resistance 
and capacitance were then added to the circuit, with the capaci- 
tance inserted at the resistance mid-point as required. At high 
inlet-air temperatures the critical heating time was longer than 
that with no ice effect considered, but was shorter at lower air 
temperatures. ‘Thus, when the heat-dissipation rate is high, the 
effect of the ice is to increase the heating time; the reverse is 
true for low heat-dissipation rates. 
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TABLE 1 SURFACE-DATUM TEMPERATURES 
(No ice effect) 
0.120 0.170 0.255 


32 (70) 32 (52.6) 32 (45 
2 (68 32 


LWC 0.070 


Segment no.* 
1 
30.5 56 
32 32 


66 
32 32 (61 
32 -4) 32 (50.7) 


) 32 (82.3) 32 (66) 
16 (100) 17.3(100) 18.8(100) 
® Segments are numbered from stagnation point aft along airfoil lower 


surface to limit of ice impingement. : : 
6 Numbers in () indicate per cent of water intercepted which freezes into 


ice upon impingement. 
Nore: Temperatures in deg F; liquid-water content in grams/cu meter 
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Fig. 22 Surrace Datum Temperature As Function or Heat-Orr 


2 Initial Datum Temperatures. The initial surface tempera- 
tures from which heating begins were tabulated in Table 1 and 
apply when the ice resistance and capacitance are not included in 
the circuit. However, it was found that the initial datum tem- 
peratures first increase to a maximum and then decrease as the 
impinging water forms ice and the heat-off time increases. 
This effect is shown in Fig. 22. Here zero off time is defined as 
the time the airfoil just encounters the cloud, with the surface 
temperature stabilized at the effective outside-air temperature 
which exists during flight in clear air. Within less than '/; 
min the surface temperature rises to the freezing level and then 
decreases as the ice-collecting time increases. That this is a 
heat-conduction effect was verified by thermally isolating the No. 
1 segment from the airfoil structure; the surface temperature re- 
mained at 32 F. Thus the outermost ice surface remains at the 
freezing temperature, but because of the high heat conduction 
chordwise in the outer skin, heat flows through ice layers to 
cooler aft skin segments and reduces the interface temperature. 

Table 2 presents the measured initial datum surface tempera- 
tures as a function of the ice-accretion time when the thermal re- 
sistance and capacitance of the ice are included. The dry-air 
surface temperature was 18.4 F. 

The foregoing results are in agreement with the results of icing- 
tunnel tests of a gas-heated airfoil by the NACA. The follow- 


TABLE 2 SURFACE-DATUM TEMPERATURES, DEG F 
Ice accretion time, min- 


Segment no. 5 6 


4 
8 
5 
5 


Nore: For a liquid-water content of 0.34 gram per cu meter. 
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ing quotation is an excerpt from a letter from the NACA in answer 
to an inquiry concerning the effect of the heat of fusion in the tests 
of reference (15): 

“The heat of fusion released when ice formed on the airfoil 
leading edge did not appear to be a significant factor. The rela- 
tively high conductivity of the aluminum skin and the moderate 
extent of impingement combined to reduce the thermal effect of 
latent heating.... On an insulated surface this maximum in- 
crease would have been in order of three or more times as much. 
This statement is based on unpublished NACA temperature-rise 
data obtained with a lucite cylinder in icing conditions.” 
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40 
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320 400 480 
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Fie. 23) Typicat Vaniation or Leapina-Epae Biape-Surrace 
Temperature With Time 
(Fig. 10f of reference (17).] 


As a further substantiation, Fig. 23 is taken from Fig. 10f, 
reference (17) where the temperature of an unheated propeller 
blade with a continuous accretion of ice is shown. Note the 
similarity of this curve and that of Fig. 22 with chordwise con- 
duction. In answer to an inquiry concerning the character of the 
curve shown in Fig. 23, the NACA submitted the following in- 
formation: 

“With regard to the unheated-blade temperature of Fig. 10f, 
this is the temperature of the blade exposed to icing. As in- 
dicated in the report, two of the four blades were not heated 
electrically permitting simultaneous records of the temperatures 
of the heated and unheated blades at the same icing and operat- 
ing conditions. It is agreed that heat conduction in the blade is 
probably primarily responsible for the decrease with time of the 
unheated-blade temperature from 25 F to 15 F. 

“The results of both TN 1691 and subsequent tests on airfoils 
and cylinders indicate two points of interest for the case of cyclic 
de-icing and its analysis by means of an analog. An equilib- 
rium or peak surface temperature under an ice cap is not attained 
instantaneously but requires a finite time of approximately the 
same order of magnitude presently considered for the heat-on 
period for cyclic de-icing, approximately 10 to 30 seconds. Sec- 
ondly, most of the experimental] data indicate that the unheated 
body surface temperature rises to a peak value when exposed to 
icing and then slowly decreases a few degrees, reaching an equi- 
librium after approximately 3 to 5 minutes.”’ 

Again referring to the results of this research as shown in Fig. 
22, it is seen that the electrical analog scheme as devised satis- 
factorily represents the experimental results of other investi- 
gators. 

3 Off Time and Liquid-Water Content. It is evident that if 
the initial surface-datum temperatures decrease as the off time 
increases, the critical heating time should increase also. This is 
verified in Fig. 24. Zero off time is defined as that which just 
allows the attainment of the datum temperatures of Table 1. It 
is important to note that after 1 min of icing, a longer heating 
time is required for a liquid-water content of 0.17 gram/cu meter 
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than for 0.07 gram/cu meter. This is at variance with the con- 
clusion of reference (7), but is in agreement with the icing-tunnel 
results of reference (15). 

No conclusion can be reached concerning the curve for a liquid- 
water content of 0.34 gram/cu meter since in the physical case 
much of the water does not freeze upon impact (see Table 1), 
and this electrical analogy does not include runback which would 
surely oceur (n <1). Although the complete latent heat of fu- 
sion is liberated when the water finally freezes, it is not possible to 
predict for this analysis the final location of the entire ice cap, 

That the critical heating time increases as the liquid-water con- 
tent increases is also at variance with the recent analog results 
of reference (18). However, in this reference only a total off time 
of 60 to 85 see was considered, and the conclusion of this research 
corresponds to off times greater than 1 min. Note that for ice- 
accretion times less than 60 sec, the conclusion would be re- 
versed. 

{ Critical Heating Time. The critical heating time for the 
airfoil having an accretion of ice corresponding to a 4-min icing 
period was determined under the ice-shedding postulate 2, The 
liquid-water content corresponding to that for the maximum con- 
tinuous icing conditions (0.17 gram/cu meter at 0 F) was utilized. 
Figs. 25 through 27 indicate the critical heating time required, 
and each curve which includes the ice thermal resistance and 
capacitance is compared to that which has no ice effect. A further 
variation also was made, that of insulating the inner skin (hp = 
0) and inserting a double-skin contact resistance corresponding to 
a 0.004-in. air gap between skins. A crossing of the two curves 
being compared is evident, in accordance with the preliminary 
calculation mentioned previously. 


CONCLUSIONS 


Based upon the intermittent heating analysis given in the 
foregoing, the following conclusions can be made for the configura- 
tion investigated: 


| Intermittent heating of airfoils for ice protection utilizing 
hot air is feasible. 

2 For a given inlet-air temperature there is an optimum air- 
flow rate bevond which there is little reduction in the critical heat- 
ing time ; 

3. There isa significantly longer heating time required for a 
design using an insulated inner skin as compared to one which 
utilizes an uninsulated inner skin, especially at low airflow rates 
through the double-skin passages. 

4 The thermal bond between the inner and outer skins should 
be as perfect as possible in order to reduce the critical heating 
time for a given set of conditions. 
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5 The shortest required heating time corresponds to the 
design whose thermal capacitance of the leading-edge construc- 
tion is smallest, all other conditions being equal. The sum of 
both the outer and inner-skin thicknesses must be considered 
when determining the thermal capacitance. 

6 Much runback ice is possible with double-skin designs 
which do not distribute the heat properly chordwise. A variable 
air-gap design is indicated. 

7 Close control of the heating time is indieated if runback 
ice is to be minimized for a given design. 

8 Datum-surface temperatures beneath an ice accretion first 
increase and then decrease as the ice-collecting time increases, 

9 The critical heating time increases as the off ice-collecting 
time increases. 

10 When the ice thermal-resistance and capacitance effect is 
included in the analysis, the evidence suggests that it is possible 
for the critical heating time to increase as the liquid-water con- 
tent increases for a given droplet size, ambient-air temperature, 
and off time. Thus a high liquid-water content should provide 
a more severe test for a de-icing system than a condition of low 
liquid-water content at the same ambient-air temperature for off- 
time increments longer than approximately 1 min. 
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Appendix 


ANaLocous Ratios 


The equivalent electrical networks constructed for this research 
required that there be determined certain relationships linking 
the thermal system with the analogous electrical system. Ac- 
cordingly, these relationships as determined are given in Table 3. 


TABLE 3 RELATIONSHIPS BETWEEN THERMAL AND 
ELECTRIC SYSTEMS 


Blectrical 


Quantity Thermal 
Potential 1 deg | 1 volt 

ime 1 sec 1 sex 
Flux 1 Btu/hr 0 00531 milliamp 
Resistance 1 deg F/(Btu/hr) 188 3 kilo-ohm 


Capacitance 1 Btu ‘deg F 19.1 & 10° microfarad 


The completed electric circuit representing the lower surface 
of the airfoil being analogized is shown in Fig. 5 


Tuermat Resistance To Herat Flow 


The existing published data for the thermal resistance to heat 
flow across metal joints are for configurations different than con- 
sidered here (references 19, 20, and 21, for example). Therefore 
an experimental measurement was undertaken of the double-skin 
contact resistance as considered in this research with various 
means of attachment 

Interferometer results are given in Table 4, indicating the five 
means of attachment along with the measured equivalent air-gap 
thicknesses. 

rABLE 4 CONTACT RESISTANCES 
Equivalent 


air-gap 


Sample thickness, in.* 


1 Production-riveted using rivet gun, rivets spaced 3 in. on 


center 0 0052 
2 Production-riveted using rivet gun, rivets spaced 1! > in 

on center. . 0 0024 

Hand-riveted, rivets spaced 3 in. on center 0 0021 


0 00039 


Cemented, using EPON VI adhesive 
0 00027 


Spot-welded, using overlapping spots 


® The equivalent air gap is defined as thet air gap which, by pure heat 
conduction, would result in the thermal resistance measured 


It is probably true that the actual double-skin contact thermal 
resistance is better than reported here due to the curved surfaces 
involved as the skins follow the airfoil contour. However, the 
fact that the thermal bond between skins is not perfect is in 


evidence. 
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Discussion 


V. H. Gray.* The author has tackled this enormously com- 
plex problem with realism and thoroughness. Whereas our 
work in this field at the NACA Lewis Icing Research Tunnel has 
been predominantly experimental, it is gratifying to see how the 
analytical results of the paper corroborate our findings. Many 
effects and trends are shown which we have witnessed experi- 
mentally plus several variations (notably in the structure) which 
were beyond the scope of our studies. 

Although the many trends and effects presented are very help- 
ful and seem valid, it is doubtful if a completely satisfactory 
postulate may ever be made to govern the general de-icing process, 
Two postulates are presented in the paper with variations; 
however, in light of our data, study of several other postulates 
and variations would be in order. For example, the following 
important factors affecting ice removal have not received analyti- 
cal study to the writer’s knowledge: (a) The amount of ice which 
melts, (b) the flow of water and air beneath the ice cap, (¢) the 
amount of ice bridging from an unheated wing section to one being 
heated, and (d) the effect of parting strips and aerodynamic 
forces. These and other factors perhaps may be random in na- 
ture; nevertheless, they play an important role in the de-icing 
of a given configuration. Our experiences in the study of this 
complex problem are somewhat summarized in NACA RM 


53027 which is now released. 


\ few specific comments are as follows: 

1 Postulate 1 would appear to govern the case in the region 
of low impingement aft of the leading edge where thin and dis- 
continuous ice particles form, Under the leading-edge ice cap, 
postulate 2, including the ice effect, allowing the surface tempera- 
tures to rise beyond 32 F, and allowing variable quantities of 
ice to be melted, might vield solutions closer to those we have ol)- 
tained experimentally. 

2 In addition to the reason cited for the decline in measured 
surface-datum temperatures for icing periods in excess of 1 min, 
Figs. 22, 23, and 24, there is the influence of the growing ice 
thickness which gradually insulates and removes the airfoil sur 
face (or thermocouple) from the outer ice-air face where the la- 
tent heating is occurring. The rate of transmission of this heat 
back into the airfoil skin is modified by the thermal resistance of 
the ice layer. 

3° Comments in regard to the seriousness of runback icing 
caused by overheating of sections of the airfoil leading edge are 
not within the seope of this paper. Variable air-gap designs are 
certainly justified on the basis of heat conservation, but runback 
conditions and are 


formations are influenced by a variety of 


rather unpredictable. 


The author is to be commended for the splendid efforts which 
went into this paper, 

(. Bo Neew.? This paper presents a comprehensive and 
thorough analysis of the thermal aspects of cyclic de-icing of air- 
foils employing heated air. It is obvious that a great deal of 
thought and effort has gone into this work. 

Regarding the use of the electrical analogy for the required 
heat-flow solutions, it is apparent that the results presented could 
not have been obtained as readily by any other means, The 
the value an electrical analog 


shown immense 


author has 


* Aeronautical Research Scientist, National Advisory Committee 
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Airport, Cleveland, Ohio 

7 Aeronautical Research Scientist, 
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Advisory Committee 


Moffett Field 


National 
Laboratory, 


—— | 


can have in the investigation of an extremely complex heat-flow 
problem. In this connection, the specialized networks used to 
simulate the boundary conditions are very ingenious. 

An interesting conclusion resulting from this study is that close 
control of the heating time is necessary to minimize runback,. 
This is in agreement with other investigators of wing cyclic de- 
icing and stresses the need for development of suitable control 
systems which would be guided by the prevailing atmospheric 
conditions, 

Somewhat apart from the important conclusions of the paper, a 
fact that becomes evident in such an investigation of air-heated 
wings is that there is a paucity of data on the heat-transfer rela- 
tionships for air flowing inside the double-skin passages of a typi- 
cal wing heating system. This is true even though a great deal 
of heat-transfer data have been amassed on airflow in tubes and 
ducts, inasmuch as these data are not generally applicable to the 
case of heated wings. It should be emphasized, therefore, that 
there is need for further research on the internal heat-transfer rela- 
tionships for air-heated wings. Incidentally, this point was also 
made some time ago by Mr. Victor Hudson of Convair. 


AutHuor’s CLosuRE 


It should be stressed that the usual use of the thermal analyzer 
has been to check experimental results of the physical system 
Once having proved the accuracy of the electrical circuit in pre- 
dicting actual test results, the analyzer may then be used to ex- 
tend the knowledge of the physical system without resort to 
expensive and time-consuming experimentation. 


For the re- 
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search reported on herein, there were no available test results of 
such a physical system at the time the project began. However, 
by use of a reasonable ice-shedding postulate, information can be 
obtained by use of the electrical analog concerning the optimum 
internal-construction design for an air-heated system and also 
the penalty which might be imposed for deviations from the opti- 
mum. 

This is not to imply that the analyzer will ever replace the icing 
wind tunnel or actual flight test when proof of the external, or 
ice-shedding qualities are desired, which is, after all, the final 
criterion for a successful de-icing system. It is believed, how- 
ever, that the results of both machine-type calculations and icing 
tunnel tests should be used to complement and supplement each 
other until a final optimum system is evolved for a particular 
aircraft. A subsequent flight test into icing conditions would 
still be required even so. 

It was hoped that information obtained under postulate 2 
would be conservative as concerns the airflow and air-tempera- 
ture combinations for a given heating time. It is agreed that 
such data would have to be modified in the light of such intangible 
items as ice bridging from an unheated wing section to one being 
heated and the effects of aerodynamic forces. Also, it is obviously 
very difficult, and probably impossible, to analytically predict 
and embody in the analog the amount of ice which melts and the 
flow of water and air beneath the ice cap with and without the 
use of parting strips. 

The kind remarks and comments of Messrs, Gray and Neel are 
greatly appreciated. 
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Remarks on Film Condensation With 
Turbulent Flow 


By R. A. SEBAN,' BERKELEY, CALIF. 


Analogy calculations of the Prandtl-Karman type are 
applied to the film condensation of a pure substance on a 
vertical wall under such conditions that the flow in the 
condensate layer is turbulent. The results agree with 
Colburn’s predictions made by the use of his analogy, 
which predictions are in general agreement with the mea- 
ger experimental data available. The present results are 
extended to condensates of low Prandt! number, such as 
molten metals, and, as has been demonstrated already for 
the case of flow in closed channels, the contribution of 
turbulence in this case is found to be small until high 
Reynolds numbers are attained. Results for the mean 
heat-transfer coefficient are presented for Prandt] num- 
bers from 0 to 5 and for Reynolds numbers as high as 10°. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


c = heat capacity, Btu/slug deg F 

g = component of gravity acceleration parallel to surface, 
ft/sec* 

heat-transfer coefficient, Btu/hr sq ft deg F 

thermal conductivity, Btu/hr sq ft deg F/ft 

heat flux Btu/sq ft hr 

volume rate of condensate flow per unit width of layer, 
ft*/sec ft 

temperature, deg F 

velocity in z-direction, fps 

direction parallel to surface, ft 

direction normal] to surface, ft 

thermal diffusivity, sq ft/hr 

thickness of condensate layer, ft 

turbulent-diffusion coefficient, sq ft/hr 

kinematic viscosity, sq ft/hr 

latent heat of vaporization, Btu/slug 

fluid density, slugs /ft* 

shear stress, psf 

Reynolds number 

Prandtl] number, v/a 


HE 
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Subscripts 
m = mean value with 1 = outer edge of layer 
respect to x 2 = edge of sublayer region 
I, = transition point 0 = at wall 


INTRODUCTION 


Almost 20 years ago Colburn® reviewed the results of Kirk- 


1 Associate Professor, University of California. Mem. ASME. 

2“Note on the Calculation of Condensation When a Portion of 
the Condensate Layer Is in Turbulent Motion,” by A. P. Colburn, 
Trans. AIChE, vol. 30, 1933-1934, pp. 187-193. 

Contributed by the Heat Transfer Division and Heat Transfer 
and Fluid Mechanics Institute and presented at the Semi-Annual 
Meeting, Los Angeles, Calif., June 28-July 2, 1953, of Tue Amenrt- 
can Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, March 
27,1953. Paper No. 53—SA-44 


bride for film condensation with turbulent flow in the condensate 
layer and formulated an equation for the correlation of those re- 
sults. By assuming the Colburn relation between the Stanton 
number and the friction factor, and a friction factor related to the 
Reynolds number as it is for flow in smooth pipes, it was possible 
to analyze the turbulent-flow problem in the same way that 
Nusselt* did for laminar flow. These results are reproduced 
generally and form the basis of design when the flow in the con- 
densate layer is presumed to become turbulent. 

This paper deals with the application of the Prandtl-Kérmén 
analogy methods to this same problem of condensation on a plate, 
to demonstrate the method and to obtain resulta for fluids of low 
Prandtl numbers. These are of some interest, for some liquid 
metals may wet the surface upon which condensation occurs and 
80 form the film hypothesized in the analysis. 


ANALYSIS 


The system considered is a plane wall which forms a boundary 
of a region of saturated single-component vapor. The tempera- 
ture of this wall is below the saturation temperature, and con- 
densation occurs on the wall and a film of liquid is formed. This 
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hic. 1 Syserem Constperep in ANALYSIS 


(Heat flux 4* invariable with y. Wall is shown vertical, but may be in- 
clined. Symbol g denotes component of acceleration parallel to wall.) 


fluid moves down the wall under the influence of that component 
of the gravity force parallel to the wall, and upon attaining a suffi- 
cient thickness the flow within the layer changes from laminar 
to turbulent. All physical properties are assumed constant. 
Fig. 1 shows the system and defines some of the quantities that 
occur in the analysis. 

The solution of the problem requires « relation between the 
thickness of the layer and the distance along the wall, and a 
specification of the thermal resistance of the layer. Basically, 


‘Heat Transmission,” by W. A. McAdams, McGraw-Hill Book 
Co., Inc., New York, N. Y., 1942, p. 259. 
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these quantities should be obtained from 4 simultaneous solution 
of the partial differential equations of momentum and of energy 
for the fluid layer, but the difficulties presented by such a solu- 
tion led Nusselt to simplifying assumptions regarding them. He 
postulated that at any point along the wall the thickness of the 
liquid layer would be the same as that of a steady liquid flow 
down the wall, and that the thermal resistance would be the same 
as that obtained in the steady transfer of heat through a layer 
of this thickness. All flow acceleration was neglected, as was the 
subcooling of the condensate and the convective heat transfer 
associated with the actual changes in the velocity distribution in 
the layer. More detailed analyses for the case of laminar flow 
treated by Nusselt reveal these assumptions to be plausible and 
the discrepancies between theory and experiment that exist are 
attributed usually to other effects not accounted for in the system 
analyzed, such as waves in the surface of the layer and discon- 
tinuities in the layer in the region where it begins. 

In this analysis for turbulent flow in the laver, Nusselt’s as- 
sumptions are retained and the method of analysis used is similar 
to that employed by Nusselt and by Colburn. 

The neglect of all accelerations in the flow specifies the shear 
distribution within the layer as 


ra n(i 


To = 


The velocity distribution within the layer is assumed to be the 
PrandtlNikuradse velocity distribution, which exists to a good 
approximation for flow in smooth pipes and is assumed to apply 
This distribution is given by the equa- 


\ To 
p 


5.5 + 2.5 log — [2] 
v 


in the condensate laver. 
tion 


Ina region near the wall, sublayer flows are assumed, of the same 
tvpe as are postulated to exist for flow in pipes. 

Integration of the velocity distribution expressed by Mquation 
'2| over the thickness of the layer yields a relation between the 
volume rate of flow and the layer thickness. With the small 
contribution of the sublaver flow neglected this relation is 


udy = v[36+ + 2.56% log 6*] 
0 


where 


This relation is also a specification of the frietion factor f = 
(279) /(pum*”), as a funetion of the Reynolds number, 4Q/v, and 
alternatively could have been obtained by assuming a friction- 
factor relation rather than the velocity distribution of Equation 
(2). Although this method was used by Colburn, the present 
use of the velocity distribution is necessary for the extension of 
the analysis to fluids having a low Prandtl number. If the frie- 
tion factor for flow in a smooth pipe is assumed to be given by an 
empirical equation of the form 
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0.046 
v 
then the relation between the generalized layer thickness and the 
Reynolds number is found to be 


Q 


v 


= 9.6 


For relatively low Reynolds numbers, Equations [5] and [3] 
are in accord, and Equation [4] yields results for the friction fac- 
tor in correspondence with the meager observations that exist for 
this type of flow.* By inference, Equation [3] is considered to 
be satisfactory and is used in the analysis for consistency with 
Equation 

The rate of heat transfer in the fluid layer is given by 


=(€+a) . (6) 


pe 

Because of neglect of the condensate subcooling and convective 
heat transfer, the heat flux q is invariable with distance y, through 
the layer. Therefore, with the turbulent-diffusion coefficient € 
specified, Equation [6] can be integrated to relate the heat flux 
to the temperature difference across the liquid layer. For this, 
the turbulent-diffusion coefficient for heat is taken the same as 
that for momentum and in consequence is given by its definition 
in combination with Equations [1] and [2] as 

T/p V 96 (: 

2.5 

” dy 
Introduction of this value of the diffusion coefficient into Mqua- 
tion [6| followed by integration from the edge of the sublayers, 
at yo*, to the outer edge of the layer 6*, yields the following ex- 
pression for the difference between the temperature at the outer 


edge of the laver and the edge of the sublayers 


t 


with 


The total thermal resistance of the liquid layer is that which is 
obtained from this expression plus the resistance of the sublayers. 
When these are taken according to von Karman, with a laminar 
sublayer in the region 0 < y* < 5 and a buffer layer in the region 
5 < y* < 30, the temperature difference between that at the 
outer edge of the layer and that at the wall is given as 


‘The Isothermal Flow of Liquid Layers,"’ by C. M. Cooper, et 
al., Trans. AIChE, vol. 30, 1933-1934, pp. 158-169. 
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(pc = 50 + 5 log (50 + 1) 


h 
= 
Ps 


where Fy is the right side of Equation {9}. 

Because of the assumption regarding the local thickness of 
the layer, the change in laver thickness is given by differentia- 
tion of Equation [3 } 


d¢ 
= §.5+2.5log6* = F,... {11} 


dé* 


The local energy balance is 
=... (12) 


and consequently, by the elimination of the volume rate o 


flow Q 
d6* c (2 “a 
1131 


Integration of this equation yields the relation between 6* and 
For constant wall temperature this becomes 


| 
I (; (x —x,) . [14] 


where subseript Z denotes conditions at the point of transition be- 
tween laminar and turbulent flow. 

The mean value of the heat-transfer coefficient for the entire 
length of the layer from the point at which it begins to point x is 
defined as 

QAp 


ho = 


and, from Equation 14] this becomes 


Q 


(") 
k 
k\qg ., , © ff. 
+ 
(6*)”* 4 
where the second term in the denominator on the right of this 
equation is evaluated at the transition point. 
It can be noted that Equation [13] can be integrated for any 


kind of variation of wall temperature with distance x. As long 
as an average temperature difference 


{16] 


to) da 
0 


is taken in Equation {15}, however, the final expression for the 
minean heat-transfer coefficient given by Equation [16] will re- 
main the same. With certain types of wall-temperature varia- 
tion, particularly those involving rapid changes of temperature, 
the basic assumptions of this analysis may become less tenable. 


ResuLTs 


Calculations for the mean value of the heat-transfer coefli- 
cient have been carried out for a range of Prandtl numbers. In 
the calculations the integral 


was evaluated numerically and these values were used in Mqua- 
tion [16] with a transition assumed to occur at a Reynolds num- 
ber, 4Q/v, of 1600. This corresponds to Colburn’s assumption, 
and Grigull,§ in an examination of available experimental results, 
concluded that the transition value was probably between 1200 
and 1600. Changes in the magnitude of this quantity affect the 
value of the mean heat-transfer coefficient only slightly for 
Reynolds numbers above 5000, for in this range the major 
heat transfer occurs in the turbulent region of the flow 


Fic. 2 Mean Heat-Transren Corrrrcenr of CONDENSATE 


Laver 
(Values of Prandt) number indicated as a parameter Nusselt's solution 
for case of laminar flow in layer is shown as line N N Croup 4Q/e is 


Reynolds number.) 


The results are presented in Fig. 2 in terms of the group 
h,, (= 
k q 
and the Reynolds number 4Q/», for a number of values of the 
Prandt] number of the liquid. Dashed tines are used near the 
transition region where the accuracy of the calculations was re- 
duced and the true character of the flow is uncertain. A line 


shown for a Prandtl number of zero, is the limiting value, caleu-’ 
lated on the assumption of molecular conduction as the only 


Bei Der Kondensation Mit Turbulenter 
Wasserhaut,”” by V. Grigull, Forachung Auf Dem Gebiete Der In 
genieurwesens, vol. 13, March. 1942, pp. 49-57. 
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mechanism of heat transfer. This situation is approached for 
fluids of high thermal) diffusivity, for which the contribution of the 
turbulent transport is so small in comparison with the molecular 
transport as to be negligible. The Nusselt solution is continued 
in the region of high Reynolds numbers to demonstrate the heat- 
transfer coefficients which would exist if no transition took place. 
Because of the greater thickness of the turbulent boundary layer, 
the limiting value for that kind of flow is substantially less than 
if the laminar flow would be continued. 
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Layer Reynotps Numper as Function oF GENERALIZED 
Distance ALonG WALL 

( Because — this curve also presents the mean heat-transfer 
As presented 


coefficient. it shows rate of condensation as function of 
amount of surface of unit width upon which condensation takes place. 


Nusselt'’s laminar-flow solution is shown as line N—N. 


Fia. 3 


The same results are presented in a different way in Fig. 3 
with the Reynolds number given in terms of the generalized 


length of the layer 
“Va 
t - 
(4 — to) (4) 


This representation is more convenient than that of Fig. 2 and 
presents the mean heat-transfer coefficient also, since 


— b) 
v Au 


Discussion 

The present results for a Prandtl number of 5 are in agreement 
with the results of Colburn, who used his analogy, and of Grigull, 
who applied the Reynolds analogy to the turbulent region and 
assumed a single laminar sublayer. Colburn’s result is higher 
because he used the quantity 0.054 instead of 0.046 in Equation 
(4). Grigull’s value is lower because of a slightly different fric- 
tion factor and because of the method used, the applicability of 
which is open to question. However, all results are within about 
20 per cent of each other, and, despite the differences in methods 
of analysis, this is expected at this Prandtl number where almost 
all the thermal resistance occurs in the flow sublayers. 

Almost all experimental evidence has been obtained -with 
fluids having Prandt] numbers between 2 and 5, for Reynolds 
numbers up to 40,000. These experimentally determined values 
exceed values predicted by the present analysis by 10 to 15 per 
cent on the average, but the scatter of the results, as reproduced 
by Grigull, is of the order of 50 per cent. This erratic behavior of 
the results as well as the discrepancy with the predicted value 
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may be due to surface waves and other irregularities in the layer, 
to which the similar disparities in the case of laminar condensate 
flow also are ascribed. 

When the Prandtl number is very low, as would be obtained 
with liquid metals, the contribution of the turbulent transport of 
heat is almost negligible in the region immediately after transi- 
tion, and the values of the heat-transfer coefficients for Prandtl 
numbers below 0.01 practically coincide with the limiting values. 
As the Reynolds number increases, this contribution becomes 
more important and the heat-transfer coefficients increase to 
values above the limiting values. At very high Reynolds num- 
bers, beyond the values shown in Fig. 2, the mean coefficients 
would begin to increase with increasing Reynolds number. Up 
to the Reynolds number of 10°, however, these coefficients re- 
main below the value which would be obtained if laminar flow had 
continued without transition to turbulence. 


Appendix 


APPLICATION TO HEAT TRANSFER TO Liquips FLOWING IN LAYER 
Form 


As an additional application of the analysis of the type pre- 
sented in this paper, it is possible to consider the experimental re- 
sults of Bays* for the gravity flow of liquids in layer form. In 
these experiments, heat transfer occurred to the liquid layer and 
the amount of liquid contained in the layer remained constant. 
Thus the heat flux was zero at the outer edge of the layer and at 
maximum at the surface. If a linear variation of this heat flux 
is assumed, an integration similar to that leading to Equation [9] 
establishes the difference between the temperatures at the wall 
and the outer edge of the layer. This result, in combination 
with Equation [3] or Equation [5}, relates the heat-transfer co- 
efficient to the Reynolds number. Martinelli’ accomplished this 
integration in connection with the flow between parallel walls 
distance D apart, so that if his results are evaluated with 6 = 
D/2, the quantity 4h6/k is given when the Reynolds number, 
1Q/v, is specified. By using Equation [5] there is obtained the 


relation 
4hd 2\'/a 
= 0.452 ( ) (‘°) 
k kX\q@ v 


The quantity (h/k) (v*/g)'/* so specified is slightly higher than 
that given by the correlation equation proposed in McAdams‘ 
for these results. That equation was established by comparison 
to the results of Bays for fluids with Prandtl numbers of 2 to 5, 
and the analogy equations, in this range of Prandtl numbers, 
give heat-transfer coefficients which are larger than experimental 
values. In view of the scatter of the experimental results, the 
correspondence is adequate and yields further justification for the 
use of this analysis for the case of liquid films flowing down sur- 
faces. It also establishes this method of calculation as a basis of 
approximating heat-transfer coefficients to molten metals flowing 
under similar circumstances. 


Discussion 


A. P. Cotsurn.’ It is gratifying to see that the author has 
been able to apply the latest and best information from fluid me- 
chanics on the velocity distribution in turbulent flow of vertical 
layers to the problem of heat-transfer coefficients during conden- 


® See p. 203 of Footnote 3. 

7 Heat Transfer to Molten Metals,”’ by R. C. Martinelli, Trans. 
ASME, vol. 69, 1947, pp. 447-454. 

® Professor, Chemical Engineering, 
Newark, Del. Mem. ASME. 


University of Delaware, 
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sation. His results will certainly be especially useful in the field 
of low Prandtl numbers since the empirical equation which the 
writer used in his earlier derivation is a relationship not useful for 
Prandtl numbers Jess than around unity. It is interesting, also, 
to find that for this particular case the heat-transfer coefficients 
for turbulent flow of fluids of very low Prandtl numbers are lower 
than would be predicted from the equation for the laminar region 
extended. 

It should be emphasized that these results are for the case of 
no vapor friction at the vapor-liquid interface such as often occurs 
when the flow is inside of tubes. In that case, as shown by Car- 
penter and the writer in a paper at the London Discussion on Heat 
Transfer, the onset of turbulence comes at much lower Reynolds 
numbers and the resulting coefficients of heat transfer are much 
higher than otherwise would be obtained, at least for fluids of 
Prandtl numbers between | and 5 as were investigated by us. It 
would be interesting if the author could consider the case where 
the turbulent boundary layer is affected largely by vapor friction 
rather than by gravity, and see if it is possible to determine the 
effect of Prandtl numbers in a theoretical way. 


AuTHor’s CLOSURE 


It is of course possible to extend this analysis to the case in 
which a traction is exerted on the external boundary of the con- 
densate layer, as would be the case in which the vapor had an 
appreciable speed in the direction of layer motion. <A limiting 
case of this character is that in which the weight of tne condensate 
is neglected, as is any pressure gradient in the flow direction, so 
that the shear is constant in the layer and due only to the traction 
on the surface of the layer. Carpenter and Colburn thus have 
developed the relation for the local heat-transfer coefficient on the 
assumption that only the resistance of the sublayers is significant. 

To account for both the resistance of the turbulent region and 
of the sublayers in the manner of the present analysis requires 
that a velocity distribution be specified. Once it is, the desired 
solution is found in 4 manner analogous to that given in the paper. 
The local heat-transfer coefficient will depend on the external 
traction and will give the same result as that of Carpenter and 
Colburn for high Prandt] numbers. The difficulty of relating 
this prediction to measurement has already been demonstrated 
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by them; the friction of the vapor on the condensate layer is 
hard to specify accurately and the accounting for the momentum 
transported by the condensate is ambiguous because of the one- 
dimensional model implied for the vapor flow. 

There is one other ambiguity in the results of Carpenter and 


Colburn in the apparent low values of the Reynolds number — 
v 


at which transition occurred. Their results indicate a possible 
transition at about 200 to 500, contrasted to the values 1600 to 
2000 commonly accepted at least for cases in which the vapor 
velocity is not significant. It is noted in Equation [3] of the 
paper that the adoption of a velocity distribution specifies the 
relation between the Reynolds number and the generalized layer 
thickness, 6+. A reasonable assumption for the distribution in 
a layer in which the shear is constant is that of a Prandtl- 
Nikuradse distribution proceeding from each interface and join- 
ing at the center, to give an S-shaped distribution, If this is done, 


it is found that the result is not very different from Equation [3]. 
4 

From that Equation, when ? is about 2000, 5+ is about 40, a 
v 


value already really too low for a reasonable application of the 
hypothesized velocity distribution. The value of 6+ becomes 


of the order of 200. Thus, if the analysis 


4Q 


is applied in the region 200 < < 2000, there is serious question 


impossibly low for ? 


about the assumptions contained in it for this domain in which 
it would need to be applied for the discussion of Carpenter and 
Colburn’s results. 

Finally, it is notable that Jakob® claimed laminar flow in a 
condensate layer in a tube with high vapor velocities up to Reyn- 


olds number - 2 of about 1500. This, together with the fore- 
v 


going question regarding the exactness of a turbulent flow at 
Reynolds numbers as small as involved in this consideration, 
causes some question about the existence of turbulence in the 
investigations as cited, 

* “Heat Transfer,"’ by Max Jakob, John Wiley & Sons, New York, 
N. Y., p. 689. 
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A Summary of NACA Research on Heat 
Transfer and Friction for Air Flowing 


Through Tube With Large 


Temperature Difference 


By BENJAMIN PINKEL,' CLEVELAND, OHIO 


The results of experimental and analytical studies per- 
formed at the NACA to determine the heat-transfer and 
friction coefficients for the flow of air through tubes with 
large difference in temperature between tube wall and air, 
(a) for smooth tubes of circular cross section; (6) for tubes of 
noncircular cross-sectional shapes; and (c) for tubes 
with various degrees of surface roughness, are summar- 
ized. The experiments for the smooth tubes of circular 
cross section cover a range of tube-wall temperature from 
535 R to 3050 R, inlet-air temperature from 535 R to 1500 R, 
Reynolds numbers from 1000 to 500,000, exit Mach num- 
bers up to 1, and tube length-to-diameter ratios from 15 to 
120. Methods of correlating these data are discussed. 
The tubes of noncircular cross-sectional shape, namely, 
(a) square, (6) rectangular, and (c) triangular, were investi- 
gated at tube wall-to-air temperature differences up to 
1200 F and Reynolds numbers between 2500 and 250,000. 
Three degrees of surface roughness, obtained by machin- 
ing square threads into the inner surface of the tube, were 
investigated for temperature differences between the air 
and tube wall up to 1500 F and Reynolds numbers from 
1000 to 350,000. 


NOMENCLATURE 
The following nomenclature is used in the paper: 
¢, = specific heat at constant pressure, Btu/(lb) (deg F) 
D = tube diameter, ft 
D, = effective diameter for rough tube, ft 
f = friction coefficient 


L 
f= dpm / 2 D p, V,? or Vr, /(1/2 p, V,?) 


L 
f, = dm / 2 D Py or Vr, (1/2 p; V,?) 


= Vr,/(1/2 p, V2) 

G = mass flow G = pV, slug/sec/(sq ft) 

g = acceleration of gravity, ft/sec? 

A = surface heat-transfer coefficient, Btu/(sec) (sq ft) 

(deg F) 

k = thermal conductivity, (Btu) (ft)/(sec) (sq ft) (deg F) 
L = tube length, ft 

Nu = Nusselt number, hD/k 

Ap = pressure drop [station 1 to 2, Fig. 1(b)], psf 


' National Advisory Committee for Aeronautics, Lewis Flight 
Propulsion Laboratory. Mem. ASME. 

Contributed by the Heat Transfer Division and presented at the 
Semi-Annual Meeting, Los Angeles, Calif., June 28-July 2, 1953, of 
Tue American Soctety oF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME. Headquarters, April 
3,1953. Paper No. 53—SA-34, 
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Api = component of pressure drop caused by surface friction 
only, psf 
p = static pressure, psf 
Povg = average static pressure [at stations | and 2, Fig. 1(+)], 
psi 
Prandtl number, c,/k 
q = heat flux per unit area, Btu/sq ft 
Ro = gas constant 
Re = Reynolds number, pV) /u 
Re, = p, V, D/p, 
= radius of tube, ft 
r° Vir ‘p)/( 
t = static temperature, deg K 


= value of Cat deg R 

7 = total temperature, deg R 

u = local velocity of fluid in tube, fps 
u = value of u at m, fps 


u* = u/V T/p 
Vo = velocity, fps 
y = distance from tube wall, ft 


(4, p) /(m/p) 


> value of y at transition from primary zone (near wall) 


ul 


to secondary zone (turbulent zone ), ft 
/, = effective thickness of layer associated with roughness, 
ft 
= density, slugs/cu ft 
viscosity, (Ib) (see), aq ft 
= fluid shear stress, psf 
= eddy diffusivity for momentum 
eddy diffusivity for heat 


a rE D 


> 


= q, /p,/ ds which is equal to 
t, 
Nu, (1 ) Re, 
t, 2 


b = bulk, based on average of mean inlet and outlet tempera- 
ture 

s = surface, based on average surface temperature 

f = film, based on temperature T, = 1/2(7T, + 7, 

c = center 


Subscripts 


[INTRODUCTION 
The literature on heat transfer from a tube to gases flowing 
through the tube deals mainly with the case where the wall-to- 
When this temperature 
difference is large, the resultant large variations in the values 


fluid temperature difference is small. 


of the fluid properties, namely, density, viscosity, thermal con- 


) 


— 
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ductivity, and specific heat, across the fluid, have an important 
effect on the heat-transfer and friction coefficients. 

The meager information in the literature on the effect of wall- 
to-fluid temperature difference on the heat-transfer coefficients 
has been summarized by McAdams (1),*from papers by Weber (2), 
Fessenden (3), Dixon (4), Sherwood (5), and Nusselt (6). 

The effects of wall-to-surface temperature difference on heat 
transfer presented by these references differ appreciably and none 
was supported by sufficient experimental data at large tube wall- 
to-fluid temperature differences to establish their accuracy. 

In 1947 the NACA initiated experiments on heat transfer at 
high wall-to-fluid temperature difference for the flow of air 
through tubes. The inlet-air temperature was varied from 535 R 
to 1500 R and the average tube-wall temperature was varied 
from 535 R to 3050 R. Both heating and cooling of the fluids 
by the tube wall were studied. The Reynolds numbers covered 
a range from 3000 to 500,000 and the exit Mach numbers of 
unity were attained in some of the experiments. The tube 
length-to-diameter ratio was varied from 15 to 120. The re- 
sults of these studies were published in references (7, 8, 9, 
10) and are summarized in a report by Humble, Lowdermilk, and 
Desmon (11). 

In order to provide further insight into the problem and aid in 
the correlation of the data, analytical studies were made by Deiss- 
ler for both turbulent and laminar flow and are reported in refer- 
ences (12, 13, 14, 15, 16). 

The experimental study was extended to cover tubes with 
rough surfaces, the results of which are presented by Sams (17), 
and tubes of noncircular cross section reported by Lowdermilk, 
Livingood, and Weiland (18). An analytical study of the tem- 
perature pattern in the vicinity of sharp corners is presented by 
Eckert and Low (19) and is utilized in reference (18) to provide 
a comparison with the experimental results for the noncircular 
tubes. 

The purpose of the present paper is to summarize this work, 
and to examine the data, particularly the results of the smooth 
and rough tubes, for further generalizations. 


APPARATUS 


A detailed description of the test equipment is given in refer- 
ences (7, 17, 18). The test sections are installed in the air- 
duct. system shown schematically in Fig. 1(a). Air from the 
laboratory air supply passes progressively through a cleaner, a 
surge tank, an orifice where the flow rate is measured, a system 
of rotameters where the flow rate again is measured, an elec- 
trically heated preheater where the air temperature may be con- 
trolled, a mixing tank containing baffles for obtaining a unirorm 
air temperature, the test section, and finally, a second mixing 
tank. The temperatures of the air entering and leaving the test 
sections are measured by thermocouples in the two mixing tanks. 
The test section, mixing tanks, and adjoining piping are insulated 
thermally. 

A typical test section is shown in Fig. 1(b). The test section is 
heated directly by the passage of an alternating current supplied 
by the transformer leads attached to the ends of the test section. 
Inconel tubes were used for the bulk of the tests. A platinum 
tube was used to obtain data in the range of wall temperatures 
from 2000 to 3000 R. The outside-wall temperatures for the 
circular tubes were measured by thermocouples spaced sub- 
stantially 2 in. apart longitudinally and at circumferential posi- 
tions 180 deg apart at each longitudinal station. Chromel- 
alumel thermocouples were used with the Inconel test sections, 
and platinum-platinum rhodium thermocouples were used with 
the platinum test section. The temperatures obtained from the 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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thermocouples were corrected for the drop in temperature through 
the tube-wall thickness to give the inside wall temperature of the 
test section. All of the results are given in terms of this inside 
tube-wall temperature. The pressures in the air stream were 
measured by static taps in the tabe wall at stations approximately 
3 in. apart. The location of the thermocouples and pressure taps 
in the tubes of noncircular cross sections is shown in Fig. 2. In 
addition to thermocouples at mid-face location, it is noted that 
thermocouples were located at the tube corners at three longi- 
tudinal positions. 
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TUBE A TUBE B 
TUBE A 8 c 
THREAD HEIGHT (e) 00065 0.0095 00042 
THREAD WIDTH (w) 0047 0085 .0047 
THREAD SPACE (s) 0047 


Fic. 3) Dimensions MicropHoToGRAPH or RouGHNESS 

The test sections for the rough-surface tests were fabricated by 
machining a square thread into the inner surface of a round In- 
conel tube of '/, in. ID, and 24 in. effective heat-transfer length. 
A photomicrograph, Fig. 3, shows the contours of the threads for 
two of the tubes A and B used in these tests. The third section 
C was obtained by honing down the height of the threads in tube 
A. The tube and thread dimensions are listed in Fig. 3. The 
tube inside diameter used in this study is the mean of the diame- 
ters to the root and to the tips of threads. The usual practice 
in rough-tube research is to use a tube diameter determined from 
the equation 


/4 (volume of tube) 
D, 
(tube length) 
which involves a measurement of the internal volume of the tube. 
The diameters as given in this paper differ from the values ob- 
tained from the volumetric measurement method by less than 
'/, per cent for the tubes investigated. 


Discussion 


Smooth Tubes of Circular Cross Section, When a large differ- 
ence in temperature exists between the tube wall and air, a large 
variation in the properties of the air with radial distance from 
the tube wall exists. Fig. 4 shows an illustrative case. The 
various fluid properties that affect the heat-transfer coefficient, 
namely, density, thermal conductivity, specific heat, and vis- 
cosity, are plotted against radial distance from the tube wall for 
the conditions indicated in the figure. The temperature distri- 
bution is likewise included in this figure. This large variation in 
fluid properties brings up considerations in both the analytical 
and experimental] approaches to the problem. 

In the experimental approach to the determination of heat- 
transfer coefficients, it is usual to correlate the data by a plot of 
the Nusselt number as a function of the Reynolds number and 
Prandtl] number 


hD (2 


ky My hs 
When the difference between the wall and the fluid temperatures 
is small, it is customary to evaluate the fluid properties in the cor- 
relation parameters at the fluid bulk temperature, that is, the 
mean of the fluid inlet and outlet temperatures. 

Dimensional analysis leads to the following equation when the 
ratio of surface to fluid temperature varica appreciably from 


unity 
Met ps 


hD 
ky 
Exponential functions have been found to permit good repre- 
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sentation of heat-transfer data and will be tried in the present 


case 
n m 
hD wit (2) (7:)". 
ky Ms T, 
where A, n, m, and p are constants. 

Because Equation [4] also must apply for the case where 7',/7, 
is near unity, it may be expected that A, n, and m should have 
the values already established from data for this case, namely, 
n = 0.8, m = 0.4, and A = 0.023, reference (1). 

The results of a series of test runs for a range of values of 7',/T7', 
are shown in Fig. 5. The exponent on the Prandtl number was 
taken arbitrarily as 0.4. The exponent of the Reynolds number 
is seen to be 0.80. The line representing the equation recom- 
mended in reference (1) for 7',/T, near unity, namely 


hD 
k GD\** 
_-* —_ 0.023 ) 
as My 
ky 
also is shown in Fig. 5 and is in good agreement with the data for 
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T,/7, near unity. The data for other values of 7',/7', are dis- 
placed from this curve but lie along lines parallel to it. 

If the properties of the fluid had been independent of tem- 
perature, then the necessity for including the term 7',/7', in the 
correlation equation would not have arisen. Because this tem- 
perature-ratio term resulted from the variation of the physical 
properties through the fluid film with temperature, it was sus- 
pected that a definition for a film temperature might exist at 
which evaluation of the fluid properties in the correlation equa- 
tion would eliminate the term (7,,/7',)”. 

Let the subscript 2 be used to designate the properties of the 
fluid when evaluated at the temperature 7’, defined by 

T, = + xT, —T7,)...... 
It is proposed to determine whether a value of z can be found 
which would cause Equation [4] to reduce to 


k, Ms ky 


When p, in Equation [7] is replaced by pave/RT', and all varia- 
bles independent of 7', are collected on the left-hand side, there 


results 
“ART, k, 


The right-hand side of Equation [8] is now a function of 7’, 
only. The properties of air at the high-temperature ranges have 
not been determined experimentally, and in order to avoid the 
use of extrapolated values, Equation [8] is written for the present 


purpose 
(V ,pave)®-* 

Therefore it is proposed to determine whether a value of z 
exists which would result in a correlation of all of the data on a 
single curve when hD®?/(Vipavg)®* is plotted against 7°, regard- 
less of variation in 7/7). 


VARIATION OF h WITH TEMPERATURE 


04 1086! 
8) 4 
2 
25 to 35 


hia. 6 
Fig. 6 shows this plot for three values of x, namely 
gs T, = T, 
= +7T,)=T, 
2 
2 2. 


It is noticed that while appreciable scatter occurs for x = 0 
and x = 1, good correlation is obtained for 2 = 0.5 in spite of a 
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variation in 7',/7', from 0.4 to 3.5. The value of 7', at z = 0.5 
is usually designated 7',. The correlation equation obtained from 
Fig. 6(b) is 


(Vipave)®* 


D2 {10} 


h=2.75T,° Btu/(hr) (sq ft) (deg F) 


where the units are V,, fps; pave, psi; and D, ft. If pave is re- 
placed by gp,RT,/144 Equation becomes 
7 


h = 0.0056 T,~°- 
where the units are the same as defined in the nomenclature, 


Nusselt (6) derives analytically the following expression for 
the heat-transfer coefficient 


h = 0.03955 ¢,, (= ‘ ( 


If p, is replaced by pavg/RT), and if ¢,, is assumed proportional 
to 7,,°.8 and (as used in reference 20) yw, is taken proportional to 
T,°-75, then the equation derived by Nusselt may be written 


[12] 


ADs 


13 
[13] 


(' 


when y is a constant. 
Equation |13) differs from Equation |10} and indicates that 
a plot of 


(paveV,)*”* 

against 7’, should very nearly correlate the test data. Inspection 
of Fig. 6(a) reveals no marked degree of correlation even for 
values of 7,/7, < 1 in which range Nusselt applies his equation. 

The foregoing study indicates that if the fluid properties were 
evaluated at 7',, then an equation of the form of Equation [7] 
should correlate the data. The physical properties of the fluid 
suggested in references (20, 21, 22) are shown in Fig. 7 and were 
used to make this plot. 

The thermal-conductivity curve is an extrapolation above a 
temperature of 1360 R. The curves in Fig. 7 may be approxi- 


mated by the expressions 
. 


k a 


70.88 
x 


70.13 


The correlation curve obtained with the properties in Fig. 7 is 
shown in Fig. 8. 

Attention is directed to the data points in Fig. 8 having high 
values of 7’, with values of 7',/7), near unity. It is seen that a 
consistent trend away from the curve occurs with increase in 7's. 
This trend is not influenced by the choice of the value of x be- 
cause 7/7, is near unity for these points. This trend could be 
eliminated if the thermal conductivity were to vary as 7T°-®, the 
other properties remaining as in Fig. 7. The resulting correla- 
tion curve is shown in Fig. 9. 

The data on thermal conductivity presented in reference (23) 
extend up to a temperature of 1215 R and can be approximated 
by the expression k « 7°73. Refinement of the heat-transfer 
correlation when presented in the form of Equation [7] awaits 
improvement in accuracy of the values of the properties of air 
at elevated temperatures. 

Fig. 10 shows data for tubes of various /./))-values correlated 
by introducing the factor (./D)°-! in the ordinate. 
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Friction Coefficient. The componeat of the pressure drop 
across the test section which may be attributed to surface fric- 
tion, Apr, is obtained by subtracting from the measured static- 
pressure drop across the test section between points 1 and 2, Apr 
Fig. 1(b), the pressure drop associated with the increase in mo- 
mentum of the air in going from station 1 to 2, viz. 


Ape Ap —G(V,— V;)..... [14] 


= .. [16 

L pV 
D 2 

A plot of the friction coefficients against Reynolds number is 


The friction coefficient f, and f, are defined then by shown in Figs. 11 (a) and (6), for the range of wall temperature in- 


= 
04, 
(s) 
.24 “Je | 
/T, 
1s if: ists 
~ | 4 $8 
10} v 
loo = 
T 
1000 A eR) 
iP \ = 2 3} 
\ | + 
\ 4 
| 
| 
' 8% 19 
s 
2) x 1200 $85 0 46 
= 353 I 
700 540 082 
540 1070 17 L 
é | agg 
103 


310 


vestigated. The spread in the data from a common line noted 
in the plot of f, against GD/, is substantially reduced in the 
plot of f; against p,V,D/py. 


ANALYTICAL Metuop 


A method of analysis suggested by von Karman (24), in a de- 
termination of the velocity profile and friction coefficient for air 
flowing through a long tube for the constant-temperature condi- 
tion, was modified by Deissler (13, 15) and applied to the deter- 
mination of the velocity and temperature profiles and friction 
and heat-transfer coefficients for the case in which a large tem- 
perature difference exists between the tube wall and the air. 
Deissler’s derivation will be reviewed here briefly for complete- 
ness and will be extended to include the case of the rough tubes. 
The test data will be reviewed in the light of the insight provided 
by the analyses and some generalizations will be indicated. 

In the transport of momentum and heat between adjacent lay- 
ers of a moving fluid stream, two mechanisms are effective in the 
turbulent-flow regime: One is transport by the random molecular 
movements of the gas, the effects of which are introduced into 
friction and heat-transfer equations through the concepts of vis- 
cosity and thermal conductivity; and the other involves transport 
by the random movement of larger portions of the fluid asso- 
ciated with the eddies that exist in turbulent flow. 

The shear stress between adjacent layers of the fluid parallel 
to the tube wall can be written 


T pe 


where the first term on the right-hand side is the contribution of 
the molecular motion and the second term is the contribution 
of the eddy motion. The quantity ¢ is called the diffusivity and isa 
measure of the rate of interchange of momentum between adja- 
cent fluid layers caused by the eddy. 

In an analogous manner the heat transfer between adjacent 
layers may be written 

[18] 
A dy . 
where again the first term on the right-hand side represents the 
contribution by the molecular motion and the second term intro- 
duces the effect of the eddies. 

In reference (25) it is pointed out on the basis of a somewhat 
small amount of data that the ratio of & to € is a function of 
Reynolds number and radial position in the tube. In reference 
(16) on the basis of an analysis it is indicated that €,/e is a func- 
tion of Peclet number and approaches unity at high Peclet num- 
ber. In the present analysis, however, the assumption is made 
that ¢€ = ¢€, and this assumption is found to have only a minor 
effect on the accuracy of the results with respect to the method 
of correlation of the heat-transfer data for large temperature dif 
ference. 

In Deissler’s analysis the flow is separated into two regions, one 
close to the tube wall, and the other far from the tube wall. In 
the region close to the tube wall it is assumed that the eddy dif- 
fusivity is zero at the tube wall and increases with distance from 
the wall. The following expression which has these character- 
istics and is dimensionally correct is suggested: 

Close to tube wall 


[19] 


= 


In the region far from the tube wall, the expression for € sug- 
gested by von K4rmaén is used. This expression is obtained by 
dimensional analysis from the assumption that the eddy dif- 
fusivity at any point is a function only of the local condition at 
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that point and is independent of the distance of the point from 
the tube wall. This expression is as follows: 
Far from the tube wall 


The terms n and « are empirical constants. 

Expressions are obtained in this analysis for the physical prop- 
erties of air for substitution in Equations [17] and [18] on the 
basis of the following assumptions: 

1 The pressure at a given longitudinal station in the tube is 
constant across the tube cross section. 

2 The variation of c, and Prandtl number with the tempera- 
ture is smal] compared with the other physical properties in- 
volved and may be neglected. 

From assumption 1 


.. (21) 


The variation of viscosity with temperature may be approxi- 
mated by the expression 


From assumption 2 the variation of thermal conductivity with 
temperature is given by an expression similar to Equation (22]. 
Let t* be defined as follows 


Then 


Flow Near Tube Wall, Close to the tube wall, Equations [17] 
and [18] become 


= (1 — Bt*)4 [25] 


du* 


T 
= *)d 4 ty*y* 
dt* 


Pr (1 Bt*) y* 


The term 7/7, is equal to 1 — y/r and the term q/q, is ap- 
proximated by the same expression. Close to the tube wall, rapid 
changes in temperature occur in a thin layer of fluid adjacent to 
the wall, In this layer the variation of the terms 7/7, and q/q, 
are small compared with the variation of the other terms in Equa- 
tions [26] and [27] and may be taken equal to 1 without intro- 
ducing appreciable error. With these approximations, Equations 
{15] and [16] may be written 


dy* 
u* = 
o (1 ptr} 4 
(1— + 
dy* 


Pr 1 — Bt* 


[26] 


(27) 


(28) 


dy 
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dy? 
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Equations [28] and [29] can be solved simultaneously by itera- 
tion. 

For the case of Pr equal to unity, it is shown in reference (13) 
that t* = u* and Equations [28] and [29] can be solved to give 


n? 
y*=e 


d 
du*. (30) 


—n? fut ntut 
(1 — Bu*) af, e 8 (1 — Bu* 


Flow at Distance From Tube Wall. If it is assumed that far 
from the tube wall the transport of momentum and heat by 
molecular motion is small as compared with transport by the 
eddy motion, then Equations [17] and [18] may be written 


T dy*} du* 


dy* 


(= 
dy*? 


If it is further assumed as an approximation that r/r, = q/q, for 
the purpose of solving Equations [31] and [32], then by dividing 
one equation by the other there results 


t* u* 
= due. 


— 6° = — u,*...... 


[32] 


. [33] 


(34) 


where t,* and u,* correspond to the lowest value of y* for which 
Equations [31] and [32] apply. Equation [34] may be written 


t 


1 (u* —u* + 4,°)B8.... .. (35) 


l 
= I (u* — u,* 
Equation [31] then becomes 


du* 


T 1 
d*u* 


dy*? 


If it is again assumed that the variation in the value of r/r, with 
y* is small compared with the variation in the other terms of 
Equation [37], then 7/7, may be taken equal to unity. For this 
case Equation [37 | integrates to 


e 


In reference (15) Deissler and Eian solve Equation [37] for the 
case where T/T, = 1 — y/r and find that the results differ from 
those given by Equation (38] only by a small amount. For 8 = 
0 this equation reduces to the expression obtained by von 
K4rmén (24), namely 


2 


The bulk temperature @, is given by 
= r 
pu(r y\dy 


With substitution from Equations [24] and [25], Equation [40] 
becomes 


. [40] 


>. u*(r* 
— y* 


pee 


r* 
t*u*(r* 
- Bi* 


u*(r* 


The Reynolds number Re, is defined by 


2puy 


The bulk velocity u, is given by 


From Equation [41] for t,/1, and the relation p/p, = t,/t the ex- 
pression for u,* is 


“u* = 
V7,/p, 
The Nusselt number Nu, is defined by 


2h 24,7 


The friction factor f, is defined by 
2 


“,°? 


f 


2 


Reynolds number, Nusselt number, and friction factor with the 
fluid properties evaluated at a film temperature t, are defined by 


2p 


Re, = [49] 


(38) (50) 
(51) 


2 


The general velocity and temperature distributions across the 
tube determined from Equations [28], (29}, [38], and [39] are 
shown in Fig. 12. The values used for the constants n and « are 
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0.109 and 0.36, respectively. These values were obtained in 
reference (12) from data on air flow through a tube without heat 
transfer, It was found in reference (12) that Equations [28] 
and [29] applied from y* = 0 to y* = 26, and Equation [38] ap- 
plied at values of y* above 26. Data points are shown from ref- 
erence (15) for 8 = 0 (no heat transfer) and for several values of 
B and reasonable agreement with the theoretical curves is indi- 
cated. 

For any desired values of r* and B the values of Re,, Nu,, f,, 
and t,/t, can be computed from Equations [46], [44], [42], [47], 
[41], [48] and the curves in Fig. 12. In addition, if the value of 
az is specified, for example, if z is taken equal to 0.4, then t,/t, can 
be computed from Equation [43] and Reo4, Nuo4, and fo. can be 
obtained from Equations [49], [50], and [51], respectively. The 
values of Nuo, and fo, are plotted against Reo, in Fig. 13 
for values of B of 0 and 0.05. It is noted that there is little 
deviation in the curves from a common curve in spite of a large 
variation in the value of the heat load factor B. 

It was found in reference (15) that minimum deviation from a 
common curve is obtained for B > 0, when z is taken equal to 
0.4 and for 8 < 0 when z is taken equal to 0.6. However, the use 
of x = 0.5 for both cases introduces only a small divergence from 
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a common curve. This is in good agreement with the experi- 
mental results discussed previously. 

In the foregoing analysis the quantities q/q, and T/T, were as- 
sumed to be constant in the integration of Equations [31] and 
[32]. In reference (15) these equations are integrated with the 
terms q/q, and 7/7, given by the expression 1 — y/r. Only a 
small effect on the curve for the temperature and velocity dis- 
tribution was indicated, and only a small influence on the heat- 
transfer and friction correlation is noted. Hence this simpli- 
fication may be expected to have a negligible effect on the choice 
of the value of z which specifies the temperature at which the 
fluid properties in the correlation should be evaluated. 

The effect of taking into account in the analysis the difference 
between the fluid static temperature and total temperature is 
studied in reference (13) and, on the basis of the small corrections 
derived, it is apparent that little change in the choice of the value 
of x would likewise be expected from this source provided that 
the value of A in the Nusselt number is taken as q,/(T, T,). 
The experimental data presented in the curves in the present 
paper are in terms of this value of h. 

The Nusselt number for laminar flow in a tube of sufficient 
length to have a fully developed boundary layer over the major 
portion of the tube is independent of Reynolds number. For 
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emall temperature differences between the wall and the tube the 
Nusselt number for uniform heat input is given by 


48 

For large difference between the tube wall and the fluid, the Nus- 
se]t number is shown in reference (14) to be a function of the ratio 
of the tube-wall temperature to fluid bulk temperature. The 
analysis indicates that the effect of variation in 7',/T, should be 
eliminated from the correlation of the heat-transfer data if the 
fluid properties are evaluated at 7’, where x = —0.27. For corre- 
lation of the friction data a value of z = 0.58 is indicated by the 
same analysis. 


SurFACE RouGHNESS 


The effect of large tube surface-to-air temperature ratios on heat 
transfer and friction was investigated for the three rough tubes 
shown in Fig. 14. The heat-transfer data were correlated on 
the basis of the parameters investigated previously for the smooth- 
tube data, and it is seen that the use of the proposed parameters 
with the fluid properties evaluated at the film temperature again 
eliminate the spread of the data from the correlation line with 
variation in 7’,/T,,. 


EFFECT OF ROUGHNESS ON HEAT TRANSFER (L/D = 48) 


hic, 14 


A separate curve is obtained in Fig. 14 for each degree of 
roughness. The analyses of von Kaérmaén and Deissler can be 
extended to provide a correlation of the heat-transfer and fric- 
tion data of the rough tubes with the smooth tube. The analysis 
will first be made for the ease where 7',/7', does not differ greatly 
from unity and then will be extended to the case where the varia- 
tion in is large. 

Let us consider the von Karman equation for the velocity dis- 
tribution for the isothermal case for the smooth tube for the re- 
gion far from the wall, Equation [39] 

* 
log 
" 


. (39] 


The velocity at the center of the tube is 


r* 
= log 


and U/,* — u®* is given by 


If (’.* — u* is integrated as follows 


r® r* 
log y*)dy* 
y 
. 9 
(r* y* \dy | u*(r* — y*)dy 
0 
= 2 
0 


But according to Equation [46] 


[56] 


{57 ] 


= K log + u,* 
" 


[58] 


The foregoing integration assumes that the value of u* is given 
by Equation [39] over the entire cross section, However, from 
y* = Oto y* = mj, a thin layer adjacent to the wall, the value 
of u* is given by Equation [28]. This, however, introduces only 
a small correction in the constant term u,* 3/2(x~*) and does 
not alter the form of Equation [58]. Equation [58] then may 
be written 


[59] 


u,* log + + const 
= “4 * + const = 
"i f 


where for the smooth tube y,* = 26 and u,* = 13. Equation 
is obviously the von Karman equation and the von Karman 
equation can be placed into the same form 


2 


= 1/5 | 2 log + O.705 


2th 


where the log is to the base 10 and 


Hence u,* is a function of r*/y,;* and u,*. 

For the case of rough tubes, as pointed out by von Karman 
(24), the flow in the region far from the wall (/, —- u should follow 
the same function of y/r for a given frictional force as for a smooth 
tube. In other words, if an observer rode with the central 
streamline of the fluid, the fluid-velocity profile, as observed by 
him for the region far from the wall, would be the same for a 
smooth tube moving rapidly as for a rough tube moving more 
slowly to give the same friction. This idea would imply that 
Equations [31] and [32] would hold for rough tubes as well as 
smooth tubes and again, Equation [34] for the equality between 
Au* and At* results, 

For the smooth tube the value of y,* = 26, hence 


[61] 


Thus y), the actual thickness of the primary layer adjacent to the 
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wall, decreases continuously as 7 increases. For a rough wall, 
the value of y, may stop decreasing at a distance y, which is a 
measure of the effective height of influence of the roughness. 

This situation may be expressed for the rough tube by the 
equation 


T 
+y, Vie 163} 


p 


ix inserted into Equation 


When the foregoing expression for y,* 
{60 | there results 


V2/f = V8] 2 log — + 0.705 |.... [64] 


Hence, when the Reynolds number is small, y,r*/r is small com- 
pared with 26 and Equation [64] gives values of friction factor 
approaching the values given by Equation [60] for the smooth 
tube. However, when the Reynolds number is large (y,/r)r* 
becomes large compared to 26 and Equation [64] reduces to 


V2/f - V3 [2 toe log - +-0:705 {65} 


Hence f approaches a constant value for rough tubes as Reynolds 
number approaches infinity. An equation similar to Equation 
{64] was obtained by Colebrook (26), by inspecting the equations 
suggested by von Kaérm4n for smooth and rough tubes and then 
writing a combined equation which reduces to the smooth-tube 
equation at low Reynolds number and the rough-tube equation 
at high Reynolds number. 
Equation [64] may be written 


—2.3 1 
0.705 ‘ ‘ 


Re \ f 26D 
2 


A plot of the left-hand side of Equation [66] against 1/Re Vf/2 
on Cartesian co-ordinates should give a straight line with a slope 
of 2 and which intersects the ordinate axis at 2y,/26D. A plot of 
this type is shown in Fig. 15 for the three rough tubes and the 
smooth tube investigated by the NACA, and for rough tubes 
investigated by others. The lines are drawn through the points 
with a slope of 2. If the value of u,* changed with change in 
roughness, then the constant 0.705 would change and the slope of 
the lines for the rough tubes would differ from 2. Within the 
limits of accuracy of the present data the slope of 2 fits the data 
reasonably well and u,* will be taken as independent of rough- 
ness. The values of 2y,/26D obtained from Fig. 15 characterize 
the degree of roughness of the tubes. 

It was shown previously that if the fluid parameters in the 
correlation of the friction factors against Reynolds number are 
evaluated at 7',, then the data for various 7',/7’, fall on a single 
curve. If this is assumed to hold also fq" the nha tubes, then 


Equation [64] becomes 
Rey 


V2/f, = V8} 2 log —-——*=—— + 0.705 |.. (67a) 
wal 
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Fig. 16 shows curves of f/2 computed from Equation (67) for 
the various values of 2y,/26D obtained from Fig. 15 and includes 
for comparison the experimental data points. 

Equation [67] also can be written 


and a plot of VJ 2/f, against 
+ 2y, 
Re, Vf,/2 26D 


should give a straight line on semilog paper. Fig. 17 shows such 
aplot. The line was computed from Equation [676] and is in good 
agreement with the data points for the various degrees of rough- 
ness investigated. 

As previously pointed out, for the region far from the tube wall 


u* u,* = t* — t,* 


Let it be assumed that the difference betwee. (* and u,* is a 
function of the roaghness parameter y,/D and as a first approxi- 
mation a linear variation is assumed. Hence 


where y is a constant. 
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Because (* and u* are integrated somewhat differently to give 
the average values 4,* and u,*, let it be assumed that the relation 
between ¢,* and u,* is given by 


t,° = au,* by. 


.. (69) 


where a and b are constants to be determined empirically. 
If Equations [49], (50), and [51] are combined to eliminate r* 
we obtain 


From Equation [69}) 


Re,fjPry _ 
2 Nu, 


A plot of Re,f,Pr,/2 Nu, against 2y,/26 D u,* is shown in Fig. 
18 for the smooth and rough-tube data and a straight line results 
which can be expressed by the equation 


Re,f,Pr, 


Ye 
2 Nu, 0.91 + 1370 


The term f, was inserted arbitrarily for f in the last term of Equa- 
tion [71] as a sufficiently accurate approximation for the present 
purpose. 

Equation [72] can be written in the form of the equation for 
the smooth tube 


Ip 0.4 
Pr, 


= 0.023 Re,*............... [73] 


..- [74] 


and 


V2/f, = V8| 2 log — + 0.705 |. . [75] 


Ve 
1 =. 
+ d6p Res 


Fig. 19(a) shows a plot of aNu,/Pr,°-4 against Re, for the tubes 
of various roughnesses and for a range of 7',/7', from 1.4 to 2.5. 
A plot of the factor @ against Re, and y,/26D as computed from 
Equations [74] and [75] is given in Fig. 19(b). A Jine is drawn in 
Fig. 19(a) in accordance with Equation [73] and is in good agree- 
ment with the data. 

The kinds of roughnesses investigated here did not give the 
sharp transitions from the smooth-tube friction curve to the so- 
called completely turbulent friction as was obtained by Nikuradse 
for the tubes coated with sand. Further work is required to 
understand the various types of roughness and their influence on 
heat transfer and friction. 

Improvement in the correlation of the friction data with varia- 
tion in 7',/7,, at Reynolds numbers apprcaching the transition 
Reynolds number would be desirable for both the rough and 
smooth tubes. 

The roughness factor y,/D was used to correlate both the heat- 
transfer and the friction data. This factor is a function of the 
several dimensions that characterize the roughness. It is pos- 
sible that because of the fin action of the roughness that the 
roughness parameters for heat transfer and friction differ. Fur- 
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ther data are required on a large variety of tube roughnesses 
for a more complete understanding of the roughness factor. 


Tupes or Nonciacutar Cross Secrion 
Heat-transfer and friction data were obtained (18) on tubea 
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of square, rectangular, and triangular cross section. The tube 
shapes and the location of the thermocouples on the tube wall are 
shown in Fig. 2. The heat-transfer data for these tubes are shown 
in Fig. 20. The term D, is the hydraulic diameter defined in 
the usual manner as the 


4 X cross-sectional area 


dD, = 
perimeter 


The heat-transfer coefficient is given by 


where 7’, is the mean mid-wall temperature of the tube. The in- 
let air temperature in these tests was held at approximately room 
temperature and the wall temperature was varied from 540 to 
1775 R. 

The procedure involving evaluation of the fluid properties at 
the film temperature that was satisfactory in correlating the data 
on the tube of circular cross section is also seen to give good cor- 
relation of the noncircular-tube data, a single curve being ob- 
tained regardless of variation in tube-wall to air-temperature 
difference. The line drawn through the points in Fig. 20 is the 
curve taken from the round-tube data and agrees very well with 
the points obtained on the tubes of noncireular cross section. 
Hence the use of hydraulic diameter in the correlation parameters 
results in a single curve for all of the tube cross-sectional shapes 
investigated. 

It can be shown readily from the analysis of reference (19) that 
for tubes in which the wall thickness s is small compared with 
the distance between adjacent corners, the corner temperatures 
can be correlated by a plot of 

(7.—T,)(T 


in 
against 
where 

7. = mean corner temperature 

7, = mean mid-wall temperature 

s* = ratio of wall thickness to hydraulic diameter 

k* = ratio of thermal conductivities of wall material to fluid 


A different curve would be expected for each different cross- 
sectional shape. For similar shapes, however, the data should 
fall on a common curve, even with variation in wall material and 
thickness, provided s* remains small. Fig. 21 shows plots of the 
parameters under discussion for the three tube shapes investi- 
gated. Included in Fig. 21 are curves computed by the methods 
developed in reference (19). 

Fig. 22 shows the surface-friction coefficients for the tubes of 
noncirecular cross section plotted against Reynolds number. 
With the friction factor and Reynolds numbers based on film 
properties, the data are seen to fall on the Kaérmén-Nikuradse 
line in spite of the large tube wall-to-air temperature difference. 
Again, the use of the hydraulic diameter results in reduction of the 
points, for the tubes of various cross-sectional shapes, to a com- 
mon curve. 


CONCLUSION 


1 For heat transfer between a tube wall and air flowing 
through it, the evaluation of the density, viscosity, specific heat, 
and thermal conductivity at the film temperature (the mean of 
the average fluid temperature and tube-wall temperature), in a 
Nusselt-type correlation, results in good correlation of the data 
in the turbulent-flow regime even for large differences between the 
tube wall and the air temperature. 

2 Evaluation of the fluid properties at the film temperature 
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improves the correlation of the friction data for large variations 
in the tube wall-to-air temperature difference; however, further 
refinement of the correlation in the region approaching the transi- 
tion would be desirable. 

3 The equations for heat transfer and friction for the smooth 
tube were extended to cover the rough-tube data by the intro- 
duction of a roughness parameter. 

4 The methods used in correlating the data for the tubes of 
circular cross section for large temperature difference also gave 
good correlation of the data for the tubes of noncircular cross 
section. The experimental results of the difference between the 
corner temperatures and the mean tube-wall temperatures were 
in reasonable agreement with the results obtained by analytical 
methods. 
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The Dynamics and Lubrication of a Minia- 
ture Turbine Rotor on Porous Bushings 


By GEORGE SINES,' LOS ANGELES, CALIF. 


A miniature air turbine was designed to investigate the 
lubrication and dynamic action of the rotor shaft within 
the bearing clearance. An optical apparatus was used to 
observe the time-position history of the shaft. Several 
different mechanisms of lubrication were identified at 
various speeds; at higher speeds boundary lubrication 
may occur. Under certain conditions the shaft moves in 
a very irregular pattern characterized by low friction and 
long bearing life. The conditions for the onset of this 
motion are discussed. 


INTRODUCTION 


N recent years there has been increased use of smal] motors, 
generators, turbines, and similar devices that run at high 
angular velocities (20,000 to 100,000 rpm). The bearings for 

these devices present a critical design problem. They must 
withstand high velocities, and the occurrence of vibration may 
complicate the problem further. 

Ball bearings are being used successfully, but it would be ad- 
vantageous to use the cheaper plain bushings, especially in ap- 
plications where only a short bearing life is required. 

A previous investigation (1)? was undertaken to develop a 
satisfactory bearing for a device whose bearings had been 
failing within a few seconds of operation. During the de- 
velopment of the new bearing, high dynamic bearing reactions 
were observed on the test apparatus. A solution to the immedi- 
ate problem was achieved, but it was decided to investigate more 
closely the lubrication of high-speed rotors and their dynamic 
behavior in an effort to find what mechanisms are operative. 


PossisLe Causes oF Roror VIBRATION 


In addition to centrifugal forces arising from rotor unbalance, 
some sources of dynamic force might be: 


(a) Dry Rolling. Because of imperfect lubrication, the shaft 
might climb the side of the bearing and the centrifugal force keep 
it in contact to give a rolling action. This causes high forces at 
a high frequency. The direction of rolling is opposite to the di- 
rection of rotor rotation. 

(b) Oil Whirling. Vibration of rotors can be caused by the 
oil film whirling around either at certain frequencies related to the 
critical frequency of the rotor (3) or at a frequency slightly less 
than one half of the angular frequency of the rotor.‘ 

(c) Film Vibration. A rigid rotor may bounce on the lubri- 
cating film due to the transverse elasticity of the film (4). 


1 Member of the Engineering Department, University of Cali- 
fornia. 

? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

3 Reference (2), p. 368. 

4 Ibid., p. 359. 

Cosponsored by the Lubrication Committee and the Machine 
Design Division and presented at the Semi-Annual Meeting, Los 
Angeles, Calif., June 28-July 2, 1953, of Tue American Society 
or MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Feb- 
ruary 25,1953. Paper. No. 53-—SA-36. 


(d) Layer Instability. It has been suggested that instability 
may exist in the type of lubrication which may oscillate from 
hydrodynamic lubrication through boundary lubrication to im- 
perfect lubrication, back through boundary to hydrodynamic 
lubrication. 

(e) Cavitation in Oil Film. Cavitation in the lubricating 
liquid under vibration may change the forces resulting from the 
motion. 

(f) Turbulence. The flow of the lubricant may change from 
laminar to turbulent in an unstable manner at high surface 
speeds. 

(g) Structure Vibration. The rotor and its suspension system 
may be excited at their resonant frequencies. 

(h) Air Vortexes. The air flow around the rotor and shaft 
assembly may become unstable and cause vibration. 

(i) Resonance of Air Ducts. The air lines and ducts leading to 
the nozzles may be excited at various frequencies. 

(j) Gyroscopic Effects. Any mode of vibration could be al- 
tered greatly by gyroscopic effects of the high-speed rotor (5). 

(k) Subharmonic Resonance. Vibration at a submultiple of 
the rotational frequency, excited by periodic bearing-journal con- 
tact, has been observed (6). 


The various modes of bearing vibration are affected differently 
by changes in the test parameters; the resultant changes may aid 
in identifying the mode of bearing vibration that is present, 


APPARATUS 


(a) Test Turbine. The nucleus of the test equipment is the 
turbine shown in Fig. 1. A drawing of the turbine rotor is pre- 
sented in Fig. 2. Ducts within the turbine frame lead com- 
pressed air to six tangential nozzles to drive the rotor. The 
rotor shaft is pressed into the rotor so that replacement of the 
shaft is effected easily. The shafts were made of unhardened 
drill] rod. The holes near the circumference on the side of the 
rotor permit weights to be inserted so that known unbalance can 
be given to the rotor when desired. 

The speed of the rotor is measured from an alternating voltage 
generated by the rotor, Flats on the end of the rotor shaft rotate 
between two poles of a permanent magnet, thus varying the reluc- 
tance. The flux change induced by the variation in reluctance 
generates a signal in a coil wound around the magnet, and the fre- 
quency of the signal is read on an electronic frequency meter. 

(b) Displacement Instrumentation. Knowledge of the position 
of the shaft in the bearing as a function of time is more essential 
to the analysis of the vibration than is the knowledge of the 
forces, since the reactions arising from tangential bearing forces 
are indistinguishable from those caused by normal ones. An- 
other disadvantage of devices to measure forces is that they dis- 
turb the test conditions by reducing the rigidity of the bearing 
supports. 

The observation of the shaft position as a function of time on 
such a small bearing presents a rather difficult problem in instru- 
mentation. After careful consideration (7, 8, 9, 10, 11) it was 
decided to use an optical arrangement similar to that used by 
B. L. Newkirk and L. P. Grobel (3), modified to permit observa- 
tion of much faster motion. 
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Fic. 1 Test 


(¢) Optical Displacement Instrumentation. The optical dis- 
placement instrumentation employed consists of a means for 
microscopic observation of a target centered on the end of the 
rotor shaft. Careful necessary to 
sufficient light intensity and resolving power so that a small, high- 
Because the motion might be 


ealculations were assure 
speed motion could be observed. 
erratic and not repeated in each eyele, the apparatus had to be 
provided with a means of recording « fraction of one vibration. 
Some means also had to be devised for indicating the direction of 
the motion as well as its velocity. A detailed description of the 
instrumentation follows. 

The Target: The motion of the shaft in the bearing clearance 
is of the order of 0.001 in.; therefore, to permit observation of 
its motion, the target must be less than O.OOOL in. and of such in- 
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tensity as to make a photographic trace. This was accomplished 
by using as a target the virtual image of a mereury-are lamp in a 
The 
spherical mirror, 0.040 in. diam, was machined from tool steel, 
hardened, chrome-plated, and optically polished. Three radial 
screws bearing on its stem are used to center the mirror. The 
assembly is fitted into a tapered socket on the end of the shaft. 

The Microscope; After a mathematical analysis of the optical 
requirements, the system shown in Fig. 3 was constructed. The 
objective lens is a 50-mm f:2 Zeiss Xenar camera lens, and the 
The system gives 


small spherical mirror attached to the end of the shaft. 


eyepiece lens has «a focal distance of 10 mm. 
a magnification of approximately 18 times at the plane of the film 
in the camera, The auxiliary focusing magnifier in conjunction 
with the viewing lens gives a total magnification of 180 times for 
visual observation. 

To illuminate the spherical mirror, the light enters normal to 
the tube axis through « small hole in the lens shade and is then 
reflected along the axis to the spherical mirror by « small plane 
mirror, 0.040 in. X 0.060 in., on the axis and at « 45-deg angle 
to it. This detail is illustrated in Fig. 3. The small mirror is so 
near to the objective lens that it forms no image in the micro- 
scope, and it obscures only a small fraction of the lens aperture. 

The light source is a water-cooled General Electric mereury-are 
tube A-H6 which has a brightness of 30,000 candles per sq em. 
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The light housing is seen at the rear of the assembled apparatus 
in Fig. 4. 

The sensitivity of the Eastman Super XX film was increased 
by Von-L hyper-sensitizing developer. 


hia. 4 Test Toreine Wits DispracemMent INSTRUMENTATION 


Rotary Shutter. A rotary shutter was used in «a position where 
it interrupted the light source. It is the circular object in front 
of the light housing in Fig. 4. The shutter, turned by an 1800- 
rpm synchronous motor, had an adjustable opening to give ex- 
posures ranging from see to see. An exposure of 
' 4, see by the camera shutter restricted the trace to a single ex- 
posure of the rotary shutter. 

Whenever the orbital motion was constant enough, the trace 
could be viewed stroboscopically by having the orbital motion a 
multiple of the shutter frequency of 1800 cycles per min (epm). 

The rotary shutter permitted determination of the direction of 
the motion of the shaft within the bearing clearance as well as 
the velocity. Masking tape was placed across the third quarter 
of the aperture of the shutter to interrupt exposure. Thus one 
half the total exposure oecurred before interruption, then the 
light was masked for one quarter, and finally the light was again 
exposed for the last quarter. The trace is shown in Fig. 5 with 


DIRECTION 


as: OF MOTION 


Fie. 5 Inrerrvuprep Trace 


the motion in the direction of the interruption. The velocity of 
the motion is given by the length of the trace drawn in the known 
exposure time. 

Visual Observation. To aid in direct visual observation of the 
motion, a reference scale was seribed on a transparent plastic 
sheet and cemented to the under side of the ground-glass viewer 
of the Exakta camera. The scale consists of a circle, equal in 
diameter to the magnified diametral clearance circle of the bear- 


ing, with a protractor drawn in the fourth quadrant as shown in 


Fig. 6. 


DIRECTION 
OF ROTOR 
ROTATION 
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I-XPERIMENTS AND RESULTS 


The enormous number of combinations of test variables made it 
necessary to restrict the experiments to the few that were thought 
to be the most informative. The behavior of a turbine in which 
the size and weight of the rotor, shaft, and bearings approxi- 
mated those of the device on which the bearing problem arose was 
thought to be of the greatest interest. The manufacturer of 
the Oilite bearings used in the device was asked for its recom- 
mendations as to bearing clearance and oil for operation of the 
test turbine at speeds up to 60,000 rpm. The recommendation 
wus to use a clearance of 0.0010 in. to 0.0015 in., and an oil hav- 
ing a viscosity equivalent to SAE-10. The bearing clearances 
and lubricants were in or near the range recommended, 

Experiment A, This experiment was performed to observe 
the running position of the shaft at different angular velocities, 
The bearings were “Super Oilite”’ */;.-in. nominal diam in, 
long, with a diametral clearance of 0.0016 in. They were bored 
to within 0.0001 in. of size by a carbide-tipped boring bar, etched, 
and then line-burnished while seated in the turbine to insure 
alignment. The light etching of the surface of the porous bronze 
bearing after machining is recommended for removal of metal 
that has been “smeared over” into the pores by machining. The 
etchant, dilute nitric acid, did not enlarge the bore by a measura- 
ble amount. 

The lubricant was California Research Oil No. D.G. 857-1075 
having a viscosity of 162.8 SSU at 100 F and 41.7 at 210 F 
This oil is slightly less viscous than SAER-10 


Description of behavior 

(a) With rotor at rest, the shaft center lay at the bottom of 
the clearance cirele. 

(b) As the rotor started to turn, the shaft moved in a circular 
orbit nearly equal in diameter to the clearance circle and in the 
sume direction as the rotor rotation. 

(ce) Ata speed of 4800 rpm, the orbit became smaller gradually 
and then the shaft assumed a central fixed position 

(d) After 45 sec, the shaft dropped to the bottom of the clear- 
ance circle and the speed increased to 6000 rpm without further 
increase in air pressure 

(e) The shaft climbed to a stable position on the clearance 
cirele in the fourth quadrant. As the speed was increased by in- 
creasing the air pressure, the shaft climbed to a higher position, 
the largest value of a being 70 deg. The angle a and the quad- 
rant numbers are designated in Fig. 6, 

(f) At 15,000 rpm, the shaft again went to the bottom, rotating 
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about « fixed position with occasional erratic motion by shifting 
momentarily to a position in the fourth quadrant. When it 
dropped to the bottom, the rotor speed increased without in- 
crease of the air pressure 

(g) At 60,000 rpm, the entire area within the clearance circle 
appeared to be covered by the trace, indicating an orbital motion 
of rather random nature. 

(h) The test was concluded by decreasing the air pressure 
gradually. The orbital motion persisted down to a speed of « 
few hundred rpm. 


Lzperiment B. ‘This experiment was performed to see what 
mechanism of lubrication was operative under the high-speed, 
nonvibratory condition of stage (e) of Experiment A. The bear- 
ings and instrumentation were the same as in Experiment A. 

The running position for the shaft was found for two oils having 
the same viscosity but different coefficients of friction under 
boundary lubrication. Oil No. 1 is identified in Experiment A 
and Oi] No, 2 is the same base oil with an addition of 1 per cent 
oleic acid. The results are given in Table 1. 

TABLE 1 RUNNING POSITION FOR SHAFT, EXPERIMENT B 
-— Shaft position, deg——~ 
Rotor speed, rpin OU No.1 Oil No, 2 
4200 30 
4500 0 
1800 
5400 
H000 55 5 
7500 10 
20 
12000 60 25 
14500 70 ° 


15000 ... Vibration 25 
18000 .. Vibration 30 


Experiment ‘This experiment was performed to determine 
the effect of rotor. unbalance on the transition from a stationary 
position to an orbital motion. The bearings and lubricant are 
the same asin Experiment A. The trace was photographed and 
also observed visually. 

The rotor speed was increased slowly and a record made of the 


Rotor Speed 60,000 rpm 


Exposure —1!_ 
250 


sec. 


(a) 


Rotor Speed-21],000 rpm 


Exposure sec. 


(d) 
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speed at which the transition from a stationary position to an 
orbital motion occurred. The rotor, as shown in Fig. 2, with 
spherical mirror assembly, weighs 40.1 grams. The unbalance 
consisted of two screws inserted in opposite ends of one of the 
axial holes near the circumference of the rotor. Total weight of 
the two screws was 0.180 grams at a radius of 0.398 in. 


TABLE2 ROTOR SPEEDS AND AIR PRESSURES, EXPERIMENT C 


Rotor speed at 
transition to orbital 
motion, rpm 


Air 


Run 


Balanced rotor 1 
Balanced rotor 11 
Balanced rotor. . 11 
Unbalanced rotor 1¢ 
Unbalanced rotor 
1 


Unbalanced rotor 


With or without the unbalancing weights, the shaft stayed at 
a fixed position either at the bottom of the clearance circle or at 
a position in the fourth quadrant on the clearance circle at the 
speed just below the transition to an orbital] motion. After 
transition from the stable position without the weights, the trace 
appeared as a blurred circular area of a diameter equal to the 
diametral clearance. With the weights, the trace was a single 
circular line around the clearance circle, no traces being within 
the circle, as shown in Fig. 7(d). 

At a speed slightly above that at which the transition to orbital 
motion occurred, the path was observed visually by adjusting the 
speed of the turbine so that the frequency of the orbita] motion 
was a multiple of the 1800 cpm frequency of the rotary shutter, 
thus permitting stroboscopic observation. The orbital fre- 
queney was equal to the rotational frequency. At 14,400 rpm, 
visual observation showed that the trace corresponding to 
'/1ose-8ec exposure covered about 90 deg in the region between 
the first and fourth quadrants and about 45 deg when between the 
first and third quadrants. At a speed of 21,600 rpm, the orbital 
motion remained the same in appearance and direction, except 
that the trace for '/:250 see appeared of equal length in all quad- 
rants. 


14,400 rpm 
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Tests were run with bearing clearances of 0.0002 in., 0.0005 in., 
0.0010 in., and 0.0015 in. The air pressure needed to turn the 
rotor when using the smallest clearance was about twice that re- 
quired for the largest. The speed for transition to an orbital 
motion was almost independent of the bearing clearance. 

Experiment D. This experiment was performed to determine 
the service life of a rotor on porous bearings. The previous in- 
vestigation was instigated by failure of the bearings in a turbine 
after only a few seconds or minutes of operation. Experiments 
B and C indicate that at high speeds the lubrication of porous 
bushings probably is furnished by a layer of oi] molecules chemi- 
cally bonded to the shaft and bushings and not by hydrodynamic 
lubrication. This suggests that an oil which provides a tenacious 
oil film and also has a low coefficient of friction might lengthen 
the operating life of the bearings; therefore 1 per cent oleic acid 
was added to the base oil. 

The rotor ran at 90,000 rpm at an air pressure of 18 psi, which 
is about one half of the maximum pressure. After 80 min of 
smooth running without addition of further oil, the test was 
stopped. No dimensional change of the bearings and shaft could 
be measured, nor was any change in surface finish apparent and 
it is thought that the test could have continued for many hours 
without failure. The slight rattling sound and the appearance of 
the trace were similar to that described in stage (g) of Experiment 
A. The traces of Fig. 7(a, b, and c) are typical of this type of 
operation. 


Discussion oF Resuits 
Mechanism of Lubrication. A survey of the literature dis- 
closed very little information about the mechanism of lubrica- 
tion in porous bushings; however, it seems possible that three 
different types of lubrication may occur, dependent upon the 
operating conditions: 


(a) Hydrodynamic Lubrication: In a solid bearing, the pressure 
created by the viscous fluid flowing within the bearing clearance 
may be large enough to support the load on the shaft. The be- 
havior of a porous bearing might differ somewhat from that of 
a solid bearing, because of the change of the pressure distribution 
caused by the flow of the lubricant through the pores. 

(b) Boundary Lubrication: If in a nonporous bearing the load 
is too high, speed too low, or the supply of available oil insuffi- 
cient, hydrodynamic lubrication may not be possible, but metal- 
to-metal contact of the bearing and shaft may be prevented by 
layers of lubricant molecules that are chemically bonded to the 
metallic surfaces. This manner of lubrication also would be ex- 
pected in porous bearings under severe operating conditions. 

(c) Local Hydrodynamic Lubrication: Hydrodynamic lubrication 
may occur over the small regions of the bearing surfaces between 
the pores, with the lubricant circulating through the porous ma- 
terial instead of around the circumferential clearance. No ob- 
servations of this manner of lubrication have been found in the 
literature, but it seems possible that it might occur under certain 
conditions. 


In Experiment A, the visual observation of the shaft at dif- 
ferent speeds indicates the presence of each of the three following 
mechanisms of lubrication: 


1 In stage (c) the shaft assumed a fixed position centered 
in the bearing which is typical of a lightly loaded bearing under 
hydrodynamic lubrieation.$ 

2 In stage (e) the shaft assumed a stable position in the 
fourth quadrant, i.e., climbing up the side of the bearing. Hy- 
drodynamic lubrication could not occur here, for when it occurs 
the position is either in the center or in the third quadrant.® 


* Bibliography (2), p. 155. 
* Ibid., 248. 


DYNAMICS, LUBRICATION—MINIATURE TURBINE ROTOR, POROUS BUSHINGS 


323 


Experiment B, The Effect of Lubricant on Running Position, 
also indicates that boundary and not hydrodynamic lubrication 
was present. The only property of oil that affects the running 
position under hydrodynamic lubrication is the viscosity; in 
boundary lubrication the significant property is the coefficient of 
friction of the adsorbed layer, the “oiliness.””. The addition of 1 
per cent of oleic acid does not change the viscosity but does re- 
duce the coefficient of friction of the boundary layer. For a speed 
of 12,000 rpm, the shaft assumed an angle @ of 70 deg, but with 
the oleic acid addition a was only 25 deg. The effect of the addi- 
tive was to reduce the coefficient of friction, thus allowing equilib- 
rium to occur at a smaller angle. 

3 In stage (f) the position of the shaft at the bottom of the 
bearing is compatible neither with the regular hydrodynamic 
lubrication of a complete journal bearing nor with boundary lubri- 
cation. The model shown in Fig. 8 indicates a possible mode 


POROUS BEARING PARTIAL BEARING 


Kia. 8 Comparison or Locat Hypropynamic Lusrication 
LupricaTion oF Partiat Bearina 


of lubrication that could occur with the shaft at the bottom, 
The behavior of a shaft in a porous bushing in which the flow of 
oil is through the pores and over the bearing surface between the 
pores is approximated by the regular hydrodynamic lubrication 
of a partial solid bearing of small angle. The shaft in a small- 
angle partial bearing assumes a position slightly displaced into 
the third quadrant. The smal] displacement of the shaft from 
the bottom of the porous bushing hardly could be detected with 
the instrumentation. 


Mechanism of Lubrication With Orbital Shaft Motion. The 
mechanisms of lubrication that occur when the shaft is in a 
stable equilibrium position were revealed primarily from the 
characteristic positions which the shaft assumed with respect 
to the force of gravity. The particular mechanism of lubrication 
which is present when the shaft moves in a circular orbit can be 
seen from the action of gravity superimposed upon the centrifu- 
gal loading, as revealed in Experiment C. At the rotor speed 
of 14,400 rpm, which is not far above the transition speed, the 
orbital trace for '/i250 sec was not the same length in all quadrants 
of the clearance circle, thus indicating a variation in velocity of 
the orbital motion within each cycle of motion. Compare the 
length of the trace in Fig. 7(e) with that in Fig. 7(f). The photo- 
graphed traces and visual observation showed that the velocity 
was highest through the point dividing | and 4 and slower through 
quadrant 3. The explanation for this unusual observation lies 
in Experiment B, which shows that the point of contact, as indi- 
cated by the trace of the shaft center on the clearance circle, lags 
the applied-foree veetor by angles approaching 90 deg for the 
stationary running position of the rotor when it was lubricated 
with base oil containing no additives and driven at these rota- 
tion speeds. If boundary lubrication occurs during the orbital 
motion, the point of contact should also lag the force which is the 
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sum of the gravitational and the centrifugal forces. These con- 
siderations indicate that boundary Jubrication was operative 
while this orbital motion was occurring. 

The trace appeared to be the same length in all quadrants when 
the rotor speed was 21,600 rpm. The centrifugal force for this 
higher speed was so much larger than the gravitational force that 
the variation of velocity between the quadrants could not be seen. 

Transition From Fixed Equilibrium Position. Vivery observa- 
tion of the stable orbital motion that occurred at rotor speeds of 
15,000 rpm to 38,000 rpm showed the motion to be in the direc- 
tion of rotation and at the same frequency as the rotational fre- 
quency. It seems plausible that the motion results from the cen- 
trifugal force of the rotor moving in the circular path, stabilized 
by the slight rotor unbalance; this would be consistent with the 
direction and frequency of the observed orbital motion, 

The transition to the orbital motion from the fixed equilibrium 
position could be caused by the centrifugal foree of the unbalance 
becoming large enough to pull it from the central running posi- 
tion; where the shaft is running at the bottom or the side of the 
clearance circle, the centrifugal forces aided by the vertical com- 
ponents of the frictional forces may be great enough to lift the 
rotor up into an orbital motion. 

In Experiment C, the transitions from positions on the clear- 
ance circle occurred at speeds from 31,000 to 37,500 rpm. When 
intentional unbalance was given the rotor, transition took place at 
18,500 rpm. This suggests that transition from a fixed running 
position can be suppressed if the rotor is balanced carefully. 

Experiment B shows that with the bearings lubricated with oil 
containing no oleic acid the transition occurred at 13,500 rpm, but 
with the additive the transition had not occurred at 18,000 rpm. 

Failure of Lubrication. In Experiment C and other tests with 
the oil without the additive, the rotor would stop suddenly while 
emitting « squealing noise, It seems likely that the lubrication 
failed, permitting metal-to-metal contact of the shaft and bear- 
ing. Under metal-to-metal contact the friction would be great 
enough to cause the “dry rolling’’ discussed in Possible Causes 
of Rotor Vibration. This rolling is at an extremely high fre- 
quency which could produce the squealing noise heard, and the 
high angular velocity could result in centrifugal forces great 
enough to deform elastically the bearing by the amount observed 
to be about equal to the bearing clearance. 

When this occurred the rotor stopped suddenly because the 
driving torque of the air turbine was limited. However, if suffi- 
cient torque had been available, as there was on the test device 
of the previous ifvestigation, it is expected that the tempera- 
tures and forces generated would have been sufficient to score 
the shaft and bearing. 

Bearing Life. In the previous investigation (1) no combi- 
nation of bearings and oils gave a life greater than 2 min at 60,000 
rpm; however, with the self-aligning rubber mounts developed 
in that investigation the rotor ran without failure for 10 min at 
100,000 rpm on porous bushings having a clearance of 0.0020 in. 
and lubrieated with porpoise oil. In other runs with similar 
conditions, the bearings seldom performed satisfactorily for such 
a long time, failing in about 5 min by destruction of the rubber 
mounts, It is thought the principal benefit of the rubber mounts 
was derived from their ability to align the bushings with the 
rotor shaft, 

However, when the bearings were rigidly mounted and care- 
fully aligned, the rotor ran for 80 min at 90,000 rpm without 
failure or any sign of incipient failure. The superior lubricating 
properties of the oil brought about by the addition of 1 per cent 
oleic acid were necessary for the satisfactory performance; in 
runs where the bearings were similar to the successful ones but 
the oil contained no additives, failure of the lubrication occurred 
at about 50,000 rpm. 
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Conditions Necessary for Centrifugal Whirl. The conditions for 
for the motion of the rotor in the stable circular orbital path 
revealed in Experiment C and shown in Fig. 7(d) will be exam- 
ined, The bearing and shaft are shown in Fig. 9 with the clear- 
ance exaggerated. The center of the bearing is at O, the geo- 
metric center of the shaft at C, and the center of gravity at a dis- 
tance € from the geometric center; 6 is the diametral bearing 
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The load 
rotor, thes 
the circular path, and the bearing force. For a condition of stable 
motion of the shaft, equilibrium must exist between these forces 
There is also the applied torque of the driving air jets, but the 
symmetrically spaced jets should cause no resultant force. 

If the force of gravity is considered to be negligible compared 
to the centrifugal force, the centrifugal foree must be equal and 
opposite in direction to the bearing foree, Fig. 9. The centrifu- 
gal force is in the direction normal to the circular path traced 
by the center of gravity and the circle of radius € from the geomet- 
ric shaft center C, but only at one position will the centrifugal 
force be in the necessary direction for equilibrium; i.e., the line 
O-CG must be parallel to the bearing force R. 

The rotor speed will adjust itself to that speed at which the 
driving torque of the air jets will equal the torques from the cen- 
trifugal force and the frictional force. 
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Balanced rotor: The forces on a balanced rotor will be examined 
to see if it is possible for it to move in a stable orbit. The center 
of gravity CG now coincides with the geometric center C, Fig. 
10. At the moment of observation the shaft is in contact with 


in Experiment D 

Geometric considerations give the minimum eccentricity of the 
center of gravity that can permit the stable orbital motion in 
question. It has been demonstrated that the center of gravity 
must assume a position along the line z-z of the diagram, which 
passes through the bearing center and is parallel to the bearing 
force R. The geometry of Fig. 11 shows that the shortest dis- 
6 sin @ 

, the 

2 
coefficient of friction being equal to tan a. Eccentricity of the 
center of gravity which is equal to this value or greater should 


tance to the line z-x from the center of gravity is 


permit the stable orbital motion. 

The bearing clearances used in Experiments A and D, in which 
the erratic orbital motion occurred, were all greater than 0.0015 
in. The orbital motion was very stable and traced the clear- 


hic. 11 Geometry ror Eccentric Position 


ance cirele for smaller clearances or for the unbalanced rotor 
with the 0.0016-in. clearance. 

The erratic orbital motion of the rotor was characterized by 
low friction and long bearing life and in many applications might 
be a desirable mode of operation. 


CONCLUSIONS AND RECOMMENDATIONS 

In applications where dynamic loading of the device is unde- 
sirable or where the motion of the rotor within the bearing clear- 
ance would impair operation, it may be possible to suppress the 
transition to vibratory motion by: 

| Using «a very precisely balanced rotor. 

2 Using « lubricant having a low coefficient of friction in 
boundary lubrication.’ 


If the slight motion of the shaft in the bearing clearance and the 
resultant dynamic forces are not objectionable, the erratic orbital 
motion is desirable because of the low friction and long life demon- 
strated in the experiments. The conditions for this motion have 
been treated in the Discussion of Results and it was shown 
that for this type of motion it is necessary to have: 


(a) Rotor sufficiently balanced, 

(b) Clearance sufficiently large, dependent on the degree of 
rotor balance obtainable. 

(c) A good boundary lubricant to prevent failure of the lubri- 


eation, 


It was observed that boundary tubrication occurred during 


? The author does not intend to recommend oleic acid as an oil 
additive. It was used for these experiments because its effect on 
boundary lubrication had been well established. There are other 
additives which improve the boundary lubricating properties with 
out the danger of bearing corrosion which may oecur under some 
conditions with oleic acid 
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sum of the gravitational and the centrifugai forces. These con- 
siderations indicate that boundary Jubrication was operative 
while this orbital motion was occurring. 

The trace appeared to be the same length in all quadrants when 
the rotor speed was 21,600 rpm. The centrifugal force for this 
higher speed was so much larger than the gravitational force that 
the variation of velocity between the quadrants could not be seen. 

Transition From Fixed Equilibrium Position. Vvery observa- 
tion of the stable orbital motion that occurred at rotor speeds of 
15,000 rpm to 38,000 rpm showed the motion to be in the direc- 
tion of rotation and at the same frequency as the rotational fre- 
quency. It seems plausible that the motion results from the cen- 
trifugal foree of the rotor moving in the circular path, stabilized 
by the slight rotor unbalance; this would be consistent with the 
direction and frequency of the observed orbital motion. 

The transition to the orbital motion from the fixed equilibrium 
position could be caused by the centrifugal force of the unbalance 
becoming large enough to pull it from the central running posi- 
tion; where the shaft is running at the bottom or the side of the 
clearance circle, the centrifugal forces aided by the vertical com- 
ponents of the frictional forces may be great enough to lift the 
rotor up into an orbital motion. 

In Experiment C, the transitions from positions on the clear- 
ance circle occurred at speeds from 31,000 to 37,500 rpm. When 
intentional unbalance was given the rotor, transition took place at 
18,500 rpm. This suggests that transition from a fixed running 


position can be suppressed if the rotor is balanced carefully. 


Experiment B shows that with the bearings lubricated with oil 
containing no oleic acid the transition occurred at 13,500 rpm, but 
with the additive the transition had not occurred at 18,000 rpm. 

Failure of Lubrication. In Uxperiment C and other tests with 
the oil without the additive, the rotor would stop suddenly while 
emitting «a squealing noise. It seems likely that the lubrication 
failed, permitting metal-to-metal contact of the shaft and bear- 
ing. Under metal-to-metal contact the friction would be great 
enough to cause the “dry rolling’ discussed in Possible Causes 
of Rotor Vibration, This rolling is at an extremely high fre- 
quency which could produce the squealing noise heard, and the 
high angular velocity could result in centrifugal forces great 
enough to deform elastically the bearing by the amount observed 
to be about equal to the bearing clearance. 

When this occurred the rotor stopped suddenly because the 
driving torque of the air turbine was limited. However, if suffi- 
cient torque had been available, as there was on the test device 
of the previous investigation, it is expected that the tempera- 
tures and forees generated would have been sufficient to score 
the shaft and bearing. 

Bearing Life. In the previous investigation (1) no combi- 
nation of bearings and oils gave a life greater than 2 min at 60,000 
rpm; however, with the self-aligning rubber mounts developed 
in that investigation the rotor ran without failure for 10 min at 
100,000 rpm on porous bushings having a clearance of 0.0020 in. 
and lubrieated with porpoise oil. In other runs with similar 
conditions, the bearings seldom performed satisfactorily for such 
a long time, failing in about 5 min by destruction of the rubber 
mounts. It is thought the principal benefit of the rubber mounts 
was derived from their ability to align the bushings with the 
rotor shaft. 

However, when the bearings were rigidly mounted and care- 
fully aligned, the rotor ran for 80 min at 90,000 rpm without 
failure or any sign of incipient failure. The superior lubricating 
properties of the oil brought about by the addition of 1 per cent 
oleic acid were necessary for the satisfactory performance; in 
runs where the bearings were similar to the successful ones but 
the oil contained no additives, failure of the lubrication occurred 
at about 50,000 rpm. 
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Conditions Necessary for Centrifugal Whirl. The conditions for 
for the motion of the rotor in the stable circular orbital path 
revealed in Experiment C and shown in Fig. 7(d) will be exam- 
The bearing and shaft are shown in Fig. 9 with the clear- 
ance exaggerated. The center of the bearing is at O, the geo- 
metric center of the shaft at C, and the center of gravity at a dis- 
tance € from the geometric center; 6 is the diametral bearing 
clearance. 


ined, 


BEARING 


Fie. 9 Fores ror UNBALANCED Rotor 

Unbalanced Rotor; 1t will be assumed that for the shaft unde: 
orbital motion, the boundary mechanism of lubrication is present, 
as established in Experiment C; therefore the bearing forces act 
in & narrow region about the point of closest approach P. The 
resultant bearing foree R can be divided into the normal and 
tangential components. In Experiment B, using the 1075 oil 
without additives, the tangential component was 2.7 times the 
normal component, corresponding to a = 70 deg, and for speeds 
at which the orbital motion occurred a ratio of this same order 
would be expected. 

The loads applied to the shaft are the force of gravity on the 
rotor, the centrifugal force resulting from the rotor moving in 
the circular path, and the bearing foree. For a condition of stable 
motion of the shaft, equilibrium must exist between these forces 
There is also the applied torque of the driving air jets, but the 
symmetrically spaced jets should cause no resultant force. 

If the foree of gravity is considered to be negligible compared 
to the centrifugal force, the centrifugal force must be equal and 
opposite in direction to the bearing force, Fig. 9. The centrifu- 
gal force is in the direction normal to the circular path traced 
by the center 07 gravity and the circle of radius € from the geomet- 
ric shaft center C, but only at one position will the centrifugal 
force be in the necessary direction for equilibrium; i.e., the line 
O-CG must be parallel to the bearing force R. 

The rotor speed will adjust itself to that speed at which the 
driving torque of the air jets will equal the torques from the cen- 
trifugal force and the frictional force. 
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Balanced rotor; The forces on a balanced rotor will be examined 
to see if it is possible for it to move in a stable orbit. The center 
of gravity CG now coincides with the geometric center C, Fig. 
10. At the moment of observation the shaft is in contact with 


Fic. 10 Foree ror BaLancep Roror 


the boundary-lubricated bearing surface. If the shaft moves in a 
circular orbit, the centrifugal force will be radial and direeted 
toward the point of nearest approach ?; however, equilibrium 
cannot occur for there is no component to balance the tangential 
friction force F. Therefore stable motion does not exist, but the 
shaft moves inward on a curved path whose normal is directed 
parallel to the bearing force R. This action well may be the ori- 
gin of the erratic orbital motion observed in Experiment D and 
others, Traces typical of this motion are shown in Figs. 7(a) 
and 7(6). The prediction of the exact motion then becomes 
very difficult, for the frictional forces change with position; the 
mechanism of lubrication might change momentarily to hydro- 
dynamic, and the inward radial velocity ov will give a tangential 
acceleration in the direction of the rotation 2@ X vo, the Coriolis ac- 
celeration. 

The important action is that the shaft is foreed away from the 
bearing surface into a region of lower friction as evidenced by the 
low air pressure needed to drive the rotor at the velocity attained 
in Experiment D. 

Geometric considerations give the minimum eccentricity of the 
center of gravity that can permit the stable orbital motion in 
question. It has been demonstrated that the center of gravity 
must assume 4 position along the line x-z of the diagram, which 
passes through the bearing center and is paralle! to the bearing 
force R. The geometry of Fig. 11 shows that the shortest dis- 

d6sina 
tance to the line z-r from the center of gravity is °° the 
coefficient of friction being equal to tan @. Eccentricity of the 
center of gravity which is equal to this value or greater should 
permit the stable orbital motion. 

The bearing clearances used in Experiments A and D, in which 
the erratic orbital motion occurred, were all greater than 0.0015 
in. The orbital motion was very stable and traced the clear- 


x 


bic. 11) Geometry ror Eccentric Posirion 


ance circle for smaller clearances or for the unbalanced rotor 
with the 0.0016-in, clearance. 

The erratic orbital motion of the rotor was characterized by 
low friction and long bearing life and in many applications might 
be a desirable mode of operation. 


CONCLUSIONS AND RECOMMENDATIONS 
In applications where dynamic loading of the device is unde- 
sirable or where the motion of the rotor within the bearing clear- 
ance would impair operation, it may be possible to suppress the 
transition to vibratory motion by: 


| Using «a very precisely balanced rotor. 
2 Using « lubricant having a low coefficient of friction in 


boundary lubrication.’ 


If the slight motion of the shaft in the bearing clearance and the 
resultant dynamic forces are not objectionable, the erratic orbital 
motion is desirable because of the low frietion and long life demon- 
strated in the experiments. The conditions for this motion have 
been treated in the Discussion of Results and it was shown 
that for this type of motion it is necessary to have: 


(a) Rotor sufficiently balanced, 

(b) Clearance sufficiently large, dependent on the degree of 
rotor balance obtainable. 

(ce) A good boundary lubricant to prevent failure of the lubri- 
eation, 


It was observed that boundary lubrication occurred during 


7 The author does not intend to recommend oleic acid as an oil 
additive. It was used for these experiments because its effect on 
boundary lubrication had been well established. There are other 
additives which improve the boundary lubricating properties with 
out the danger of bearing corrosion which may oecur under some 
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several modes of operation; therefore it is desirable to have a 
lubricant that forms a tenacious bond to the surfaces, It is also 
desirable to have a lubricant with a low coefficient of friction, 
not only to reduce the torque required to drive the turbine, but 
to keep the heat produced in the bearing at a minimum, for the 
strength of the lubricating layer is less at higher temperatures. 

Bearings should be in precise mechanical alignment, but if 
mechanical processes or the design requirement prevent it, self- 
aligning mountings possibly may be satisfactory. 

The foregoing suggestions apply to rigid rotors on porous bush- 
ings similar to those of the test turbine, but it is very possible 
that even in similar systems one or several of the modes of vibra- 
tion discussed in Possible Causes of Rotor Vibration may occur 
instead and necessitate a much different treatment. 

At the time of the study, no information on the mechanism of 
Jubrication in porous bushings under vibratory or nonvibratory 
loading could be found. It seems that the simpler case of the non- 
vibratory loading should be studied in detail to develop a con- 
sistent theory for the lubrication mechanism in order that opti- 
mum designs of the bearings could be made. Such a theory is 
needed to select the values for the lubricant, porosity of the bear- 
ing, size of bearing pores, bearing clearance, and bearing length 
and diameter. Performance tests have been run by investiga- 
tors, but it would be improbable that the optimum combination 
of the values has ever been selected from the myriad of possible 
combinations, 
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Discussion 


Burt L. Newxrrk.* Use of a bearing of porous material under 
boundary-lubrication conditions for small high-speed rotors is an 
interesting development. Apparently most of the runs were 
made with a bearing having 0.0016 in. diametral] clearance. This 
gives a clearance ratio of 8'/; parts per thousand. In Experi- 
ment C, tests were run with clearances of 0.0002 in., 0.0005 in., 
and 0.0010 in. It would be interesting to know what speeds 
were attained with these smaller clearance bearings, and whether 
any important differences in behavior developed. Presumably 
the addition of oleic acid to the lubricant produced marked im- 
provement in the performance of these bearings also. 

The author is to be congratulated on the improvement and suc- 
cessful use of the technique for measuring motion of the tip of the 
shaft by means of a spherical reflector set in the shaft axis. It 
would be interesting to know how a true spherical surface of this 
small diameter (0.040 in.) was figured, with sufficient accuracy to 
give a usable image after magnification of 18 diameters. We are 
now using this technique in measuring the running position of 
a journal in its bearings. We use '/\.-in. steel balls as mirrors and 
our magnification at the film is 30 diameters. There has been 
trouble because of imperfections of figure and surface finish of 
the balls, resulting in large and distorted images. A ball marked 
“Tnstrument Grade,”’ supplied by the New Departure Division of 
General Motors Company, is a great improvement over those 
heretofore available, and with it we are getting very satisfactory 
results. 


CLOSURE 


It would have been interesting to have investigated the be- 
havior with smaller bearing clearances after the existence and 
characteristics of the erratic orbital motion were established. Un- 
fortunately, this was not done. The analysis for the conditions 
necessary for this motion indicates that the rotor would have to 
be better balanced to permit it. The situation is so complex 
that the author hesitates to predict the effect of the variation of 
the clearance on bearing life. 

It is very true that the quality of the surface of the spherical 
mirror does present a problem. We were fortunate to have the 
Truform Cutter Company, Los Angeles, Calif., donate the spheri- 
cal mirror to the project. It was not a complete ball, but was 
made integral with a 0.0020-in-diam stem. They are made to 
be used as dies for the forming of the ball sockets of ball-point 
pens. The manufacturer has developed techniques to generate 
the spherical surface to a tolerance of less than 0.00001 in. and 
to give it an optical quality finish. 

8 Professor Emeritus, Rensselaer Polytechnic Institute, Troy, 
N. Y. Mem. ASME. 
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On the Solution of the Reynolds Equation 
for Slider-Bearing Lubrication—VII 


The Nonsteady-State Operation of 
Tilting-Pad Slider Bearings 


The Reynolds equation in hydrodynamic lubrication 
theory, modified to take into account nonsteady-state 
effects, is applied to the problem of the tilting-pad slider 
bearing subject to a sinusoidal pivot oscillation in the di- 
rection normal to the bearing surface. Relationships are 
developed giving the load-supporting capacity and co- 
efficient of friction as functions of the amplitude and fre- 
quency of the oscillation. 


INTRODUCTION 


T HAS long been realized that the load-supporting capacity 
and coefficient of friction exhibited by bearings under non- 
steady-state operating conditions differ markedly from the 

predictions of steady-state hydrodynamic lubrication theory. 
Inasmuch as all bearings operate to a greater or less degree under 
nonsteady-state conditions, investigations of this phenomenon 
are of considerable importance. 

Gatcombe (1)* conducted experiments on oil films entrapped 
between the peripheral surfaces of rotating circular disks and 
found that under transverse vibrations of the disks the load sup- 
ported by the film could be as much as 6 times as large as the load 
predicted by steady-state hydrodynamic theory. Gatcombe con- 
cluded that “the nonsteady-state character of the motion of the 
bounding surfaces of fluid films is responsible for their ability to 
support relatively great loads.”’ 

Ladanyi (2) with a theoretical analysis showed that the tan- 
gential accelerations associated with nonsteady-state operation 
exert a strong influence on the load-supporting capacity of slider 
and journal bearings. 

It is the purpose of this paper to contribute to the under- 
standing of nonsteady-state operation of bearings by presenting 
a solution to a specific nonsteady-state problem, namely, the 
performance of the tilting-pad slider bearing subject to a sinu- 
soidal pivot vibration in the direction normal to the bearing sur- 
face. 


THEORY 


It is shown in reference (3) that the flow of a viscous fluid be- 

1 Assistant Professor, Department of Mechanical Engineering, 
Carnegie Institute of Technology. Assoc. Mem. ASME. 

? Associate Professor, Department of Mathematics, Carnegie Insti- 
tute of Technology. 

+ Professor of Mechanics, Department of Mathematics, Carnegie 
Institute of Technology. Mem. ASME. 

* Numbers in parentheses refer to Bibliography at end of paper. 
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joint session with the Machine Design Division at the Semi-Annual 
Meeting, Los Angeles, Calif., June 28-July 2, 1953, of Tue 
AMERICAN Society oF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, January 
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tween nearly parallel surfaces close together and in relative nor- 
mal as well as tangential motion is governed by the following 
equation 


op op _f,, Oh oh 
+ = — +2 
or \u or Oy \ oy or ol 


where 


t = time 
z,y = co-ordinates in plane of bearing surface 
p(z,y, t) = lubricant pressure 
uw = lubricant viscosity 
A(z, t) = film thickness 
U tangential velocity of moving surface, Fig. 1. 
In this paper 4 and U will be considered constant. 


BE ARING 4 


| 


For steady-state flow, h becomes a function of z only and p be- 
comes 4 function of z and y only, designated by h* and p*, re- 
spectively. In general, the superscript asterisk on a variable will 
indicate the value of that variable under steady-state conditions, 
Fquation [1] then reduces to 


h** Op* Oo f(h** op* oh 
or Oy or 


which is recognized as the familiar Reynolds equation for which 
solutions are available such as the Michell solution (4) and the 
Charnes and Saibel solution (5). 

From equilibrium considerations neglecting the rotational 
inertia of the pivoted pad, the center of pressure must always be 
directly under the pivot. If we consider the film thickness to 
vary according to the equation 


h(x, t) = h*(z) g(t)....... .. [3] 
then, for the pressure variation to be given by 


az, y, t) = YOO)... {4} 
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which obviously satisfies the fixed center-of-pressure require- 
ment, it is necessary by Equations [1] and [2] that 


since g and G are functions of time only. The primes in Equa- 
tions [5] and [6] indicate differentiation. 

Equation [6] is precisely satisfied by the film-thickness varia- 
tion of the slider bearing of exponential type considered by 
Charnes and Saibel (5) and shown by them to approximate very 
closely the plane slider bearing. This film-thickness variation 
can be written 


_ logs 
h* = ho e B 


where s is the inlet to outlet film-thickness ratio and B is the slider 
length, The constant in Equation [6] is obviously --B/log s. 
If we let the slider oscillation be sinusoidal, then 


t) = h*(x) + a(x) sin wt..... 


[8] 


where a is the oscillation amplitude. 


From Equation [3] 


where A (necessarily a constant) is a/h* and will be referred to as 
the dimensionless oscillation amplitude. 
Substituting Equation [9] into Equation [5] we obtain 


A cos wt ) 


— 10 
1 + A sin wt [10] 


G = l 
(1 + A sin wt)? 
where {2 is 2wB/U log s and will be referred to as the dimension- 
less oscillation frequency. 

From Equation [4] it is apparent that when G becomes nega- 
tive, p becomes negative. By Equation [10] the film pressure 
always will be positive when 
_1 + A sin wt 


Q< 
A cos wt 


Minimizing the right-hand side there results 


Formula [11] expresses a condition between Q (the dimensionless 
frequency) and A (the dimensionless amplitude) which must be 
satisfied if the film pressure is to be positive at all times. 


Loap-SupportTine Capacity 


From Equation [4] it is apparent that the load-supporting 
capacity is given by 


W = W*G(t).. 


If we let a bar over a variable designate the mean value of that 
variable over one complete oscillation cycle then it can be shown 
readily that 


G - {13] 
80 that 
Ww 1 
we (1— A?) [14] 
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For his rotating disks oscillating with an amplitude equal to 41 
per cent of the minimum steady-state film thickness, Gatcombe 
(1) reports a measured load-supporting capacity equal to 2.22 
times the predicted steady-state value. From Equation [14] itis 
found that this same oscillation amplitude would increase the 
load-supporting capacity of the tilting-pad slider bearing by a 
factor of 1.32 over the steady-state value. 


A=0.75 


Fig. 2 


In Fig. 2 W/W* is plotted against (2 with A as a parameter. 
The dashed line in this figure is so placed that all points to the 
left of it satisfy Equation [11] which is the requirement that posi- 
tive film pressure exists at all times. 


COEFFICIENT OF FRICTION 


The friction force F is given by 


B L/2 ) 
F= S,drdy | 
—L/2 


with 


ho 
— P 


h 2 or 


where S, is the frictional force per unit film area exerted on the 
lubricant by the moving surface and L is the slider width. Sub- 
stituting for h from Equation [3] and for p from Equation [4], S, 
becomes 


,h* op* 
"2 oz 


which can be rearranged to 
9 


The friction force is then 


B L/2 
F = gGF* — — 
g ho Jo —L/2 


which becomes upon integration 
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The coefficient of friction f = F/W is obtained by dividing 
Equation [16] by Equation [12] yielding 

_wULB 

itm” 
The mean value of f over one complete oscillation cycle will be 
given by 


f= gf*— {17] 


2uwB*L{ s— 1) 
F*ho(log 


6 = wt 


If / is firet transformed into a contour integral in the complex 
plane it then can be readily evaluated by the residue theorem of 
complex variables. Considering 6 as the argument of the complex 
variable z on the unit circle z = exp 16, Equation [19] transforms 


into 
J 


1) 


22 ) 


where 


1 a d l1+a 
= an 2= 
AQ + 4) 


in which | 
AUS? + 1) 


a= 


The contour C is the unit circle |z| = 1. 
Equation [11] requires a to be positive. 
shown that as a consequence 


It readily may be 


lz,! < Land |z,| > 1 
indicating that the simple pole of q(z) at z = 2, is inside C while 
the simple pole at z = 2: is outside C. In addition to these simple 
poles, g(z) has a second-order pole at z = 0. 

From the residue theorem of complex variables 


1 
qizjdz = + K,) 


where Ag is the residue at the second-order pole and K, is the 
residue at the simple pole inside C. After evaluating the residues 
by standard methods (6) and inserting Equation [21] into Equa- 
tion [20], there results after s#mplification 


(21) 


AX1 + a — A?) 


a(l + a)? 


[22] 


Equation [18] for f is now determinate except for F*, the 
steady-state friction force. Reference (5) gives F* for sliders of 
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finite as well as infinite width. For simplicity only the infinite 
case will be considered here. Thus 


BUBL | 28 +7 


= 8 
4ho log s 


[23] 


Substituting Equation [23] into Equation [18] there results 


A’) 


3 
j +8 +1) AXl +a jaa) 


28 +7 a(l + a)? 


It may be noted at this point that starting with the situation 
described by Equation [11] and increasing either the frequency or 
the amplitude, a would approach zero and, from Equation [24], 
the coefficient of friction would approach infinity, provided all 
other factors (such as ho, U, 8, etc.) remain the same. In Fig. 3 
J/f* is plotted against 2 with A as a parameter and s set equal to 
2. 


Kia 3 


CONCLUSION 


The results of this investigation are contained in Equations 
{14] and (24] which relate the load-supporting capacity and fric- 
tion coefficient of the tilting-pad slider to the amplitude and fre- 
quency of the impressed sinusoidal oscillation. 
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Discussion 


H. Brox. From one of the authors’ main results, that is 
Equation [14], one might all too easily arrive at the erroneous 
conclusion that oscillatory motion invariably will promote load- 
carrying capacity as compared with the steady pad. Admit- 
tedly, in the practically realizable range 0 < A <1, W according 
to Equation [14] is invariably greater than W*. However, one 
also should take into account the basis on which the authors have 
compared W with W*. Their basis of comparison amounts to 
keeping the (constant) smallest film thickness, hy*, of the steady 
pad the same as the average, ho, of the smallest film thicknesses 
(varying with time) of the oscillating pad. 

For the purpose of judging the potentialities inherent in hydro- 
dynamic lubrication, one rather should start from another basis of 
comparison; that is, from the one that amounts to keeping h*, the 
same as the minimum (1 — A) ho, which occurs in the smallest 
film thicknesses of the oscillating pad. In fact, with both the 
oscillating and the steady pad, the highest load-carrying capacity 
conceivable with purely hydrodynamic lubrication is obtained 
when the minimum film thickness occurring just equals a certain 
critical film thickness. The crucial point is that critical film 
thickness should be chosen the same for both the oscillating and 
the steady pad (with both pads it can be chosen equal to some- 
thing like the height of the irregularities of the rubbing surfaces). 
With this new basis of comparison, that is with ho* = (1 — A) ho, 
load-carrying capacity, W,* of the steady pad is readily seen to 
be 1/(1 — A)? as great as that, W*, with the authors’ basis of 
comparison ho* = ho. By substituting W2 = W*/(1 A)? in 
Equation [14], it follows that 


W/W,* = (1 — A)'4/(1 + A)? 


In the range 0 < A < 1 to be considered, it is readily seen that 
1>W/W,* 20. This means that oscillatory motion is, in con- 
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trast to the foregoing erroneous conclusion, invariably detri- 
mental from the point of view of the potentialities of hydro- 
dynamic lubrication in terms of load-carrying capacity. It 
would appear that the present condition ho* = (1 — A) ho also 
should be taken as a basis of comparison in experiments like those 
of Gatcombe.* 

Finally it may be pointed out that, at sufficiently high fre- 
quencies, oscillatory motion possibly might be beneficial, pro- 
vided that the inertia effects induced on oil flow by the squeeze 
action be sufficiently pronounced. These effects could be taken 
into account by extending the authors’ theory, for instance, in 
the not too cumbersome way indicated by Slezkin and Targ.’ 


AuTHors’ CLOSURE 


In comparing the performance of an oscillating slider bearing 
with a nonoscillating bearing the authors sought to answer the 
following question: How do the load and friction of an oscillating 
slider bearing predicted by a theory which takes the oscillation 
into account compare with the predictions of the steady-state 
theory based on an average value of the film thickness? Such a 
comparison is a direct evaluation of the accuracy inherent in the 
use of steady-state theory based on average values to predict 
nonsteady-state performance. Our analysis shows that the pre- 
dictions of steady-state theory are invariably low for both the 
load and friction. 

Professor Blok uses the results of this investigation to compare 
the two cases from a different point of view. He chooses to com- 
pare the load capacity of the oscillating slider bearing and the 
nonoscillating slider bearing when both are subject to the same 
minimum film-thickness limitation. His results and the conclu- 
sions he draws from them concerning the desirability of oscilla- 
tory motion are entirely correct, and the authors are grateful to 
Professor Blok for pointing this out. 


* Authors’ bibliography (1). 
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The Work-Sampling Technique 


By A. J. ROWE,? LOS ANGELES, CALIF. 


Many techniques currently are used for the measure- 
ment of factory work. These techniques include stop- 
watch studies, interruption studies, production studies, 
occurrence-type studies, predetermined elemental time 
systems (such as methods and time measurement), and 
work-sampling studies, (which often are called ratio- 
delay studies). Work sampling, as the name implies, is a 
statistical sampling procedure for obtaining information 
about industrial activities. The principles are well de- 
veloped, since they are essentially the same as any other 
sampling technique. The purpose of this paper is to elabo- 
rate on the application of the basic principles to the 
measurement of factory activities. 


UseruLNess OF WorK-SAMPLING TECHNIQUE 


HIS technique can be used wherever information is re- 

quired, and where it is desirable to reduce the cost of ob- 

taining this information. Sampling is a means of estimat- 
ing what actually exists without having to resort to 100 per cent 
measurement. However, since only a small portion of the total 
data is measured, it is necessary to take the sample correctly in 
order to minimize errors and to insure a satisfactory degree of 
accuracy of the measurements. 

Sampling has been used for a considerable period of time to 
measure the quality of manufactured products. Likewise, a 
sampling technique, called “ratio delay,’’ has been used to 
measure the various portions of the activities of workers and 
equipment in the factory. The principal use of this technique 
has been for the measurement of the number of delays which 
occur during the work cycle so that adequate allowances can be 
made in establishing work standards. Other applications of this 
technique include the measurement of materials-handling equip- 
ment utilization, running time of machines in a toolroom, distribu- 
tion of office-workers’ time, measurement of cargo handling, and 
study of indirect workers to establish work standards for incen- 
tive payment. 

It is obvious that sampling is a convenient means of handling 
the collection and analysis of data in order to measure given ac- 
tivities. However, industry has not fully utilized this important 
tool to obtain reliable information with a savings in cost. 


Wuy Measure Detays By SAMPLING? 


The most significant advantage of the work-sampling technique 
is that it reduces errors of judgment by using quantitative in- 
formation as a basis for establishing correct work allowances. In 
addition, by the application of sampling it is possible to reduce the 
actual time spent in collecting the data and also the cost of the 
information. The cost of sampling is approximately one third of 
a comparable study made by use of conventional time-study tech- 


1 Industrial Logistics Researen Project, U.C.L.A., Research Report 
No. 11, prepared by author while under contract by the Logistics 
Branch, Office of Naval Research. 

* Assistant Professor, Department of industrial Engineering, 
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understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, May 7, 
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niques. This is based on the fact that one observer can collect 
data on a large number of workers or machines. Since it is possible 
to interrupt the study at any time, it can be fitted into the regular 
work schedule of the analyst, and thereby makes the collection of 
the information less tedious. 


APPLYING THE TECHNIQUE 


The first problem in the application of the technique is to de- 
termine how best to take the sample. Several restrictions are 
necessary in order to insure accurate results. Homogeneous 
grouping of machines or activities is necessary, since the delays 
may differ for the different groups. 

The maximum information can be obtained when the activities 
are coded properly. Table 1 is a sample of coding used for 
machine-shop activities. 


TABLE 1 CODING FOR MACHINE SHOP 
Code Description of down activity 
MBD : .machine or tool breakdown, minor 
AM adjust machine 
ST sharpen tools 
LM lubricate machine or work 
RC remove chips and dirt 
cu clean up work area, put tools away 
TI talk to foreman or inspector 
TW talk to other worker 
Ip inspect part, or count 
OM obtain material or supplies 
HW help other worker or material handler 
Pr personal, smoke, washroom 
AD avoidable delay, talk, arrive early or late 
M . miscellaneous, open window or put on light, ete. 


The advantage of this fine breakdown is that it is possible to 
find what per cent of the time is spent on the various portions of 
the worker’s activities as well as the per cent of delay time. If 
desired, these categories can be regrouped into larger classifica- 
tions after the study is made, such as productiye time and un- 
avoidable delay time. It may be necessary at times to ask the 
operator the reason for delays or what particular activity he is 
performing. This means that the workers must be part of the 
program, and that their co-operation should be enlisted, It is 
also important that the workers perform as they normally do, so 
that the data are representative of average conditions. Over-all 
productivity can be compared before and during the study to de- 
termine whether any changes have taken place. However, per- 
formance rating should not be used since this introduces bias into 
the sampling. The sampling should be representative of what 
actually occurs, not what the observer judges to have occurred. 

In order to simplify the collection and analysis of the data, 
separate sheets should be used for each trip. Mark-sensed IBM 
cards have been used to collect data where these facilities are 
available. A small oven clock can be used to indicate when the 
samples are to be taken. This is a convenient means of insuring 
that the observer makes the trips according to schedule, 

The method of taking the readings for the sample is exceedingly 
important. If the data are collected properly, it is possible to 
reduce bias and to have statistical independence. Random sam- 
pling is the method employed for ratio-delay studies. A random 
sample is one in which each event has an equal probability of 
occurrence, The method of insuring that the sampling is random 
is by the use of a table of random numbers. Table 2 gives a 
table of random numbers. 

This table is used in the sampling procedure to determine when 
the readings should be taken. The table is used as follows: The 
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SAMPLE TABLE OF RANDOM NUMBERS 


6934 8 5 


5 4 


first number indicates the hour and the next two numbers indicate 
the fraction of an hour for making the observation. One observa- 
tion in the table would be at 8.24, which would be approximately 
8:15 o'clock. Another reading would be 7.42; however, if the 
shift didn’t start until 8:00 o'clock then the 7 would be discarded 
and an observation would be taken at 4.25 or 4:15 o'clock. Read- 
ing across the table, the numbers indicate another observation 
would be taken at 5.93, but since the shift ends at 5, that number 
is discarded and 9.34 is used, which would be 9:20 o’clock, The 
trips actually are made in proper sequence according to time. 

In the foregoing manner it is possible to plan trips without in- 
troducing bias into the sampling. If the time for a reading is 
missed or slightly different from the planned time this will not 
seriously affect the randomness. 

Tn addition, each machine should be observed at a random time, 
but this would greatly inconvenience the taking of observations, 
and therefore a modified procedure is necessary. 

When taking trips into the plant for observation, the direction 
of the path should be varied at random so as to minimize bias. 
For example, in the sketch shown in Fig. 1 the observations 
should not always begin with the turret lathes because they are 
convenient to the entrance, The variation in the direction of the 
path ean be worked into the random-number scheme by assigning 
each group a number and using this to determine which one to 
observe first. For example, the numbers 9503 would indicate 
taking the observation at 9.50 or 9.50 o’clock and to start the 
trip with group number 3. 

If information is desired about the variation of activities during 
the day as well as from day to day, then it would be desirable to 
take the readings at random during each hour of the day. The 
only difference in the use of the table of random numbers is that 
the time will indicate what minute within each hour should be 
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RD = radial drill 
DP = drill press 


TL = turret lathe 
EL = engine lathe 

MM = milling machine 
Fie. 1 Scnematic Firoor Pian Macuine Location 
sampled. This method of sampling is termed ‘stratified sam- 
pling” and actually will provide more information than randomiz- 
ing the sampling by the day rather than by the hour. If enough 
trips are taken over a long enough period of time, the sampling 
should cover a sufficient number of conditions such that all po- 
tentially significant sources of variation are taken into account. 

An important aspect of the sampling problem is the one con- 
cerned with recording long delays. Most of the current literature 
recommends that long delays be counted only once, Since as 
many as 30 trips are made per day, long delays would be ob- 
served more than once. 

Tippett (1)* has stated that reading long delays more than 
once would not invalidate the estimate of the per cent down time 
but would give a wrong estimate of the standard error when the 
binomial distribution is used as the basis for estimating the error. 
The reason that long delays were counted only once was to main- 
tain statistical independence. However, when a truly random 
sample is taken, the observations will be statistically independent. 
This can be seen from the definition of independence which states 


that events are independent if the outcome of one does not affect 
the outcome of the other events. The problem resolves itself into 


the question of what kind of data is desired. Where the informa- 
tion is to be used for purposes such as production scheduling, it is 
important to have information on long as well as short delays. 
Where the data are to be used for establishing work standards, 
the long delays may not be used for establishing allowances. 
Management policy will determine what contitutes a long delay, 
and whether this period of down time will be included in the de- 
lay allowances. 


3 Numbers in parentheses refer to the Bibliography at the end of 
the paper. Additional references also are given. 
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Therefore it is important that long delays either be read as 
often as they occur or not at all. If long delays are counted only 
once, the estimate of the per cent down time will be too small, and 
the estimate of the productive time will be too high. Thus the 
best estimate of the per cent down time is obtained when all 
readings are recorded as often as they oecur. 


How Many Reapinos Are Necessary? 


The number of readings that are to be taken will depend on 
several factors. It is first necessary to determine the degree of 
accuracy desired for the final results. Most recommendations are 
for an aceuracy of 5 per cent, which means that the error of the 
estimate will not be greater than 5 per cent. However, in many 
instances an accuracy of 10 per cent is satisfactory. The former 
would be desirable where the data are tobe used for work standards 
in conjunction with a wage-incentive payment system. The lat- 
ter would be satisfactory where the data are to be used primarily 
for estimating or scheduling. The major advantage of a reduced 
accuracy is the smaller number of observations that are required. 

The design of the sampling plan will determine the number of 
readings necessary for the desired accuracy. 

If the binomial distribution is used as the basis for estimating 
the error, then the number of readings required is determined 
from the formula for the standard error of a binomial which is 


n 


There are two unknowns in this formula, p which is the per cent 
down time, and n which is the number of observations. If a 
trial run is made to estimate p, then the formula can be solved for 
n. The estimate of p is found by dividing the total number of 
observations by the number of observations of delay time. Then, 
if a 5 per cent accuracy is desired, the formula 0.05p = 20, is 
used to find the total number of observations required. The solu- 
tion of this formula gives n = 1600 [(1 — p)/p]. When an esti- 
mate of p has been obtained from a trial run it is possible to de- 
termine n. Table 3 shows the number of readings required for 
different values of p for a 5 per cent accuracy. 


TABLE 3 NUMBER OF READINGS FOR VALUES OF p FOR 5 
PER CENT ACCURACY 


Per cent delay Number of readings 


158400 

5 30400 
10 14400 
20 
30 3733 
40 2400 


Since most delay percentages will be less than 20 per cent, it is 
obvious that over 6000 readings will be required to have an 
accuracy of 5 per cent. Where the 10 per cent accuracy is suf- 
ficient, the following formula can be used 


(1 — p) 
Pp 


n = 400 


For example, the number of readings required where p is 10 per 
cent and the accuracy of p is also 10 per cent would be 3600 as 
contrasted to 14,400 for the 5 per cent accuracy. 

It must be remembered that the foregoing number of readings 
apply only when « true binomial distribution exists. 

In weaving operations, Tippett found that residual random 
variations were small compared with the random errors of ob- 
servation (1). Thus he concluded that the binomial would be a 
reasonable approximation to the true condition. However, 
Tippett recommended that three times the standard error be 
used as a basis for determining the number of readings required, 
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provided long delays were excluded from consideration. Actually, 
there is a limit as to the number of observations which should be 
taken since systematic errors increase even though random errors 
are reduced. 

An alternative approach to this problem is to design the sam- 
pling procedure differently. Rather than assume that the binomial 
distribution is the appropriate one to use, it| is possible 
to take averages of sample groups and apply the central limit 
theorem which states that the averages will tend toward a nor- 
mal distribution regardless of the underlying distribution, If 
this method of sampling is employed, the formuia for the number 
of observations required for a 5 per cent accuracy is 

100, 


= 
a 


where o, is the standard error for the trial run, and x is the aver- 
age of the groups sampled, The major advantage of this method 
is that no assumptions are necessary concerning the underlying 
distribution. In addition, this method can be used in a manner 
similar to statistical quality control in order to maintain control 
over the delay time. 


AsPEcTS OF SAMPLING PROBLEM 


In any sampling technique there are certain inherent random 
errors of observation called sampling errors. In addition, when 
studying industrial processes, there are errors due to the variation 
of the processes which must be considered, These may be sum- 
marized as follows: 


1 Sampling errors (errors of observation or measurement) 

2 Process variation: (a) Differences from time period to time 
period, (6) differences from man to man, (c) differences from 
machine to machine, (d) residual (but real) process variations. 


Thus a sample taken during a given time period such as | day 
will have an error due to measurement and an error due to 
process variations. 

For example, during a given day the estimate of the per cent 
down time might be 15 per cent. The actual per cent down time 
for that one day might differ from this value because the estimate 
was obtained from a sample, and therefore did not measure 
exactly what occurred. There also will be an error resulting from 
the fact that on following days the per cent delay time will vary 
depending on the process. 

In part, the error in predicting the variability of the per cent 
down time is due to the fact that the binomial distribution is 
assumed to be the underlying distribution. Certain conditions 
are necessary for the binomial distribution to apply. These are 
as follows: 


(a) Only two possible categories of work exist, that is, working 
or not working. 

(b) Sample observations must be statistically independent. 

(c) Per cent working time and the per cent down time both 
have the same kind of a distribution, 


Tippett (1) recognized that the actual variance of the per cent 
down time would be greater than that expected for the binomial 
distribution. He attributed the difference to random process 
variations and the reduction in independence by one machine 
having to wait for another. 

The chart shown in Fig. 2 is a continuous record of 2 weeks of 
production, An examination of this chart indicates that the dis- 
tribution of the delay times differs from the distribution of the pro- 
duction times. The length or duration of the up time and the 
down time are plotted versus the frequency of occurrence. Thus 
the conditions specified earlier as the requirements for a binomial 
distribution are not met fully. This means that there will be a 


| 
| 
| 
Op = 
| 
| 
bd 


334 TRANSACTIONS OF THE ASME FEBRUARY, 1954 
35 
40 UNAVOIDABLE 
AVOIDABLE DELAYS DELAYS 
w 3 
«30 = cv = 
625 
020 
ish 
2 | 
w ww ! 
d a | 
0 2 3 4 5 7 8 Ol ‘ 


DURATION IN MINUTES 


PRODUCTION TIME 


z 
207 
2 
oO 
10 
| 
a 
9) 


DURATION IN MINUTES 


Fie. 2. Disrraisution or Duration or Work Time anp Detays 


certain amount of error, no matter how carefully the study is 
taken, when the binomial distribution is used as the basis for 
estimating the variability. 


VALIDATING THE Stupy 


The principal purpose in validating the study is to determine 
the confidence limits of the per cent down time. As already indi- 
cated, if the sampling is random, the estimate of the per cent down 
time is reliable, especially if a sufficiently large sample is taken. 
If the data can be shown to be distributed binomially, then the 
standard error of the per cent down time can be determined. The 
“chi-square” test for goodness of fit can be used to determine 
whether the distribution of the sample data fits a binomial. 
However, it is necessary to be aware of the limitations of this 
test. Even though the data are distributed binomially, they will 
be rejected by this test a given per cent of the time because of 
pure chance. The goodness-of-fit test also will accept data a 
given per cent of the time, even though they actually are not 
distributed binomially. If the chi-square test rejects the data, 
this merely means that the variability of the per cent down time 
should not be estimated using the binomial. This does not in- 
validate the study itself, providing random sampling was em- 
ployed. 

Two other procedures are available for validating the data. 
One method takes two independent, studies and compares the 
average per cent down time for each, but this does not determine 
the type of distribution. This procedure of comparing two per- 
centages is not satisfactory for estimating the variability. 

The other method of validating the data is by use of the control- 
chart technique. This method is based on using the average of 
small] samples (from 3 to 10 observations) as the basis for meas- 
urement. Based on the central-limit theorem, these averages 


will approach a normal distribution so that the standard error 
can be determined. This has the advantage of detecting sig- 
nificantly abnormal sample-average per cent delays and thus pro- 
vides a basis for corrective action on the process, 

Examples of the chi-square test of goodness of fit can be ob- 
tained from most textbooks on statistics. An application to ratio 
delay studies is given by R. L. Morrow (2). The control-chart 
techniques and its application to ratio-delay studies has been pre- 
sented by A. Abruzzi (3). 


CONCLUSION 


Work sampling is based on the principles of statistical theory. 
Therefore the maximum usefulness will be achieved when the 
sampling is done properly and the results interpreted using sta- 
tistical theory. Little technical knowledge is required to collect 
the data, but the proper analytical technique should be employed 
when using the data for predictive purposes. If the data are 
used improperly, unreliable estimates could result and the appli- 
cation would be costly and inequitable to the workers. 

This paper has discussed the methodology necessary to make a 
study properly. Some of the statistical implications have been 
shown in an attempt to promote a thorough understanding of why 
the sampling should be carried out as indicated. 

If random sampling is employed, and long delays are recorded 
as they occur, the estimate of the per cent delay time will be re- 
liable. However, the standard error or variation of the per cent 
down time is dependent on the type of underlying distribution. 
The binomial distribution will only be an approximation; how- 
ever, the binomial may be used to estimate the standard error 
when it is shown to fit the data by a chi-square test. 

The work-sampling technique is an analytical approach to the 
problem of measuring the per cent delay time. This is more 
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desirable than the use of unaided judgment, or arbitrary de- 
cisions as to the amount of allowance to provide for unavoidable 
delays. 
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